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Abstract

Asphalt binders have been shown to undergo significant time dependent stiffening when stored
at low temperatures. This phenomenon, often referred to as physical hardening, has a significant
impact on the laboratory performance of asphalt binders. However, the importance of isothermal
conditioning for asphalt mixtures and its effect on thermal cracking performance has been a

subject of significant debate.

In this dissertation a theoretical approach accounting for the glass transition and physical
hardening in the thermal stress buildup in asphalt mixtures was derived using relaxation modulus
master curves, the William-Landel-Ferry equation, Boltzmann superposition principle, and a
model describing the isothermal contraction of asphalt as a continuous function of conditioning
time and temperature. Using the model predictions it is shown that thermal stress relaxation and
stress build-up induced by physical hardening can continuously affect thermal stress throughout
the cooling process. Cooling rate also affected the amount of delayed stress buildup occurring
after the temperature had stabilized at isothermal conditions, as a result of the physical

hardening.

A relatively simple testing device developed by researchers at UW-Madison was used for
verification and support of the thermal stress model [1, 2]. Mixture testing performed at different
cooling rates and isothermal conditions supported the theoretical predictions. The device
simultaneously tests two asphalt mixture beams; one unrestrained, and the other with restrained
ends. The unrestrained beam is used to measure the one dimensional change of length with
temperature, and consequently the glass transition temperature (Tgy) and coefficients of

expansion/contraction above and below the Tg (oy and ag). The restrained beam is used to capture



iii
the induced thermal stress buildup due to prevented contraction in the sample. This device is

being referred to as the Asphalt Thermal Cracking Analyzer (ATCA).

In the proposed model, the input thermal strain includes two components (cooling
shrinkage and isothermal shrinkage). Each component is divided into step increments for which
the relaxation response can be easily computed and added in time. Preliminary validation results
indicate that this model can capture experimental data very well, and can also explain previously
reported deviations between predicted and measured thermal stress, especially when mixture
samples are subjected to isothermal conditioning. The rate of isothermal stress buildup in this
model gradually decreases as the modulus further relaxes with time, ultimately resulting in a

gradual stress relaxation.

An experimentally calibrated multi-phase micromechanical model for asphalt mixture
undergoing thermal shrinkage and glass transition was also developed in a finite element
platform. The results where compared to experimental data measured using the ATCA device,

which allowed measuring strain and stress build up during cooling.

The results of this study indicate that physical hardening of binders has important effects
on the thermal stress and thermal strain accumulation in mixtures during cooling cycles. Failure
to consider this time dependent behavior, which varies among binders, could lead to failure in
predicting performance. The existing modulus and strain used in predicting thermal cracking of

asphalt pavements need revisions to integrate a function for the time dependent changes.



Table of Contents

L@ TV T= VT Voo [ @] o] 1= o1 1SS 1
1.1.  Background and Problem StatemeNt ..........ccciviieieiiiisie e 1

1.2, ODJECLIVES ..ottt b et b bbbt b bbb bt bt bbbt r e b nne e 2

130 HYPOTNESIS ..ttt bbb r b e 2

1.4, Research Methodology and SCOPE ........cereiiiirieiiiireieie ettt 2
LITEIALUIE REVIBW ....ieeieiieeie ettt sttt ettt btttk ekt b e st et et e e e e e bt e Rt eh e e bt e m e et sbenbesbe et e abeeneeeeneenee e 4
2.1.  Low Temperature Performance Testing of Asphalt MiXtUIeS..........ccccoureriiriniiinencineeeses 4

2.2.  Physical Hardening of Amorphous Material...........ccceiviieiiiiiiiicscsececee e 6
2.2.1.  Mechanical Properties of Physical Aging Material ............ccccocvevrieeieiincse e 11

2.2.2.  Volume Relaxation Studies for Amorphous MaterialS............covveivevierenenesieseseeeseseses 14

2.3.  Physical Hardening of ASPhalt..........ccccieiiiiiiiiie st 20

2.4.  Mechanism of Physical Hardening ..........ccccoiiiiiiiie s 22

2.5.  Thermal Cracking and Failure Properties of Asphalt Pavements...........cccccovveiievieiiniieeieese e 26
2.5.1.  Failure Properties in Viscoelastic MaterialS ...........ccoevivireiiieneiiere e 27

2.5.2.  Failure Envelopes in ASPhalt MIXIUIES .......ccceiieiiirieiie et 31
MEthOAS aNG IMALEITAIS.......c.veie ettt e e st e et e besbesbesresneereenee st seenees 35
K TR |V 1 1 T S PSSS SRR 35

3.2, BiINAer TESE MEINOUS ... .c.viieieiieie ettt sttt sbe e ent e e e neenrenne s 36

3.2.1.  Measurement of Physical Hardening Using the Bending Beam Rheometer .............ccccoue..e. 36

3.2.2.  Glass Transition (Tg) TESt ProCEAUIE ........ccovvviviiiiiiiiiiiincci i 37
Importance of Physical Hardening in Performance of Asphalt MiXtUres .........cccoccovvveiiiii s 42
A.1. OVEIVIBW ...ttt ettt ettt bttt e b bbbkt e e e b e bt e bt e b e b e e R e e b e e b et sb e e bt e bt e b e e b e et e b nbenrs 42

4.2.  Physical Hardening in ASPhalt MIXIUIES ........cccoiiiieiiiiic et et 43
Modeling Physical Hardening in Asphalt MaterialsS ...........ccccviviiiiiieiiece et 51
DL, OVBIVIBW ...e ettt bbbtk e s e et bbbt e b e b e e Rt e e e e b e bbbt bt nt e e n et nre 51

5.2.  Quantification of Physical Hardening ..........ccocouiiriiiiiiiienes e 51

5.3, MOUEl DEVEIOPIMENT. ..ottt b e bbbt bbbttt b et b ebesbe e 53
5.3.1.  Development of Model to Predict Physical Hardening ..........cc.ccccooeneiiiincininniieecee 53

TR 1SS 64

5.3.3.  Extension of Model for Prediction of m-value ...........cccccovvriiiiiiniicieece e 64

5.4.  Extending Asphalt Binder Physical Hardening to Mastics and MiXtures ...........c.cccceveeeviveveennenn, 68
5.4.1.  Physical Hardening of Asphalt MastiCS..........cccoviiiiiiiiieii e 68

5.4.2.  Physical Hardening of Asphalt MIXLUIES..........ccccviiiiieiieii et 72

T T O o o1 (=Y G101 1T o VS S 77
Modeling Thermal Stress in Asphalt Mixtures Undergoing Glass Transition and Physical Hardening ............. 80
B.1.  OVBIVIBW ...ei ettt ettt b bbbtk h et et e h e bt e bbb e e R b e b b e bbbt bt n b et e r et nne 80

6.2.  Model Input and ASSUMPLIONS ......oiviriitiriiiiierieeite ettt st et sr e ebe b 82
6.2.1.  Constructing Relaxation Modulus Master CUIVE ..........ccooeiiereiineneiene e 82

6.2.2.  Thermo-Volumetric Behavior and Glass Transition of Asphalt...........c.ccocoovviniiiiniiiennn 83

6.2.3.  Physical Hardening in Asphalt Binders and MiXIUIES .........ccccoveireneieneneiene e 84

6.2.4.  Prediction of Thermal Stress Buildup and Relaxation............ccocevvveneienieneineneisenee e 85

LT T Y2 1 T P-4 o o SRS 87

6.4, ChAPLEI SUMMEIY ..e.eiiiiiiiie ittt bbbt s b e bbbt b e e ae e b e sb e besbeebesbeane e e e e ebenaen 93

Finite Element and Micromechanical Modeling of Thermal Stress and Strain in Asphalt Binders and Mixtures
95

T L. OVBIVIBW ...ttt b bbbt bt e Rt et et e e bt e bt S bt e b e e b e e m b e e e eb e ke sbeebeebeent e e e e e be et 95
7.2. Temperature Gradient Model...........oooiiiiii e 96
7.3.  Micromechanical Analysis of Stress And SEraiN.........cccoeiiiiriiiie e 99
7.3.1.  General Description of FEM SimUIAtion ...........ccocooiiiniiiinies e 101
7.3.2.  Relaxation Modulus Master Curve CalCulation..............ccocvvevvvevereenene s 102
7.3.3.  Simulating Thermal Shrinkage and Modeling the Coefficients of Contraction................... 104
7.3.4.  DiSCUSSION OF RESUILS ....viiiiiitiiiiieiisie ettt 107

Stress and Strain Distribution in Binder Phase during Cooling ........cccccooveveveveninniesiereeese e 109



7.3.5.  Binder and Mixture Strain Rates during Cooling ...........cccceveiiniiiineseee e 114

T4, ChAPLEN SUMMEIY ....cuiitiieiiiteieetiet ettt b ettt b et b e bbb bbb bbb bbb b bt b e bt n e 117

8.  Definition of Factors of Importance and Criteria for Low Temperature Performance ...........ccceevvrenecnennnn 120
8.1, OVEIVIBW....eiiiiciie ettt bRt R bt R Rt n e n et n e 120

8.2, SENSITIVILY ANAIYSIS....ciiiiieitiie ittt ettt sr e re e n e re s 120

8.3.  Defining Thermal Cracking Failure ENVEIOPES.........ccvciveiieieiiiiie e 125

8.4.  Limiting Criteria for Prevention of Thermal Cracking .........c.cccovviveviiiiiene i 130

8.4.1.  Binder Physical HardeNINgG .......c.ccvciveiiiieieiise ettt st sne e 131

8.4.2.  Binder FraCture PrOPEITIES.......ccviiiiieieieiese sttt sttt na e e ae e e 133

8.4.3.  Binder Glass Transition and Contraction Properties ..........c.ccccuerernenensienensesene e 139

8.4.4.  Combined ComparisSon Of CrItErTa.........ccuviriiiriieiiee e 141

8.5, ChaPLEr SUMMEIY ....c.eiuiieiiiteieeiiete ettt ettt et b e et b et b bbb bbbt b 141

9. Summary of Findings and CONCIUSIONS .........ccuiiriiiieiieiiiteiee et bbb 144
9.1, SUMMATY OF FINGINGS .. .ciiiiiiiiiiiee bbb 144

0.2, CONCIUSIONS. ...ttt ettt ettt bbb bbb bbbt b e bbb b et bbbt b e bt b 146

10. RS L= (T 1T 147



List of Figures

Figure 1 The concept of the "Kauzmann Temperature" for glass forming material [34] .....c.cccovevvevievivvivnieeiecce e, 8
Figure 2 The Kauzmann temperature relative to the DSC measurement of the glass transition range and temperature
(oL AN 1= T 11 SO 8
Figure 3 Isothermal volume relaxation rate for isotropic (solid line) and drawn (dashed line) polycarbonate, plotted
against aging tEMEPIALUIE [37] .ioveiveieieeieie et se s e ettt e st et e te e teere e st e e e sa e besteeteeseeneeeenae e e 9
Figure 4 Comparison between the time-temperature superposition master curves and the actual data for two different
aging times (1h, 1 day) before the start of the teSt [A7]. ....cv e 12
Figure 5 Increase in elastic modulus of Syndiotactic polypropylene during physical aging [28] .........ccccccveviiinennn 14
Figure 6 Glass transition measurements for polystyrene at different cooling rates [29] .......cccccoiveineniineneiiee, 16
Figure 7 Measurement of glass transition for PVAc at two rates, sweep 1 and 0.075°C/min, and sweep 2 at
O£ O 12T e SRS 16
Figure 8 Isothermal volume relaxation of polystyrene with aging time, (a) after varying cooling rate, and (b) at
different aging temMPEratures [29] ......vooviie ittt e be et e nre e nre e nreere s 17
Figure 9 Isothermal specific volume change for a-PMMA at different aging temperature [50].......c.ccccvvverveienienen. 18
Figure 10 Volume relaxation during stepwise increase of aging temperature [27] .....ccccovovevieeieeiieice s 19
Figure 11 Asymmetry in volume relaxation between jump-up and jump-down to aging temperature for a-PMMA
510 O TOPRRSSRP 19
Figure 12 Schematic of proposed material behavior in glass transition region. ...........ccocecvereineneisenseeeee 25
Figure 13 Estimation of low temperature cracking temperature [79] .......ccoereiiieneiiene e 26
Figure 14 Fracture energy of an elastomeric polymer plotted against time temperature-shifted cross-head speed
(original measurements over 2 decades of rate, shifted to cover 7 decades) [84].......c.ccovverernieninnienennnn. 28
Figure 15 Strain at Failure for SBR plotted against reduced strain rate [84]..........coovireiieniineneineee e 29
Figure 16 Failure envelope created by plotting failure stress at reduced strain rates against failure strain [86] ......... 30

Figure 17 Asphalt concrete failure results in tension and compression fitted using the Smith failure criterion (4) ....32
Figure 18 Failure results for asphalt samples tested under constant strain rate or stress at different temperatures [13]

..................................................................................................................................................................... 33
Figure 19 Theoretically predicted thermal stress plotted against failure envelopes [89].......cccccvevvvieiiievieviccecieen, 34
Figure 20 Illustration of the Asphalt Thermal Cracking Analyzer (ATCA) .....coviieiie i 38
Figure 21 (a) Restrained beam setup, (b) unrestrained beam setup, (c) restrained beam after failure, and (d) load cell
21 T B PV D 0 L SR 39
Figure 22 (a) Cutting of SGC sample for ACTA testing. (b) Sample gluing SEtUP ......coovveiereiiiineire e 40
Figure 23 Isothermal stress behavior in asphalt mixture after 5 and 10 hrs of isothermal conditions. ....................... 43
Figure 24 Comparison of thermal stress and strain during cooling and isothermal conditions at 0.1, 0.5 and 1°C/min
COONING FALES. ..ottt b e e b e e bt bbbt b e bt b e bt e b e e bt e b b e bt e b b e bt e b et et e b et e bt st r e 44
Figure 25 Comparison of thermal stress during cooling and isothermal conditions at 0.1 and 1°C/min cooling rates.
..................................................................................................................................................................... 47
Figure 26 Typical stress build up in restrained beam using the ATCA, with and without the isothermal conditioning
] (=] ¢ PP PP ORI 48
Figure 27 ATCA restrained beam fracture during isothermal conditions (MN County Road 112-Valero)................. 49
Figure 28 ATCA restrained beam fracture under isothermal conditions (MN County Road 112-CITGO)................. 49

Figure 29 Comparison of physical hardening susceptibility of two binders of identical Superpave performance
grades through (a) testing the mixture in the ATCA, and (b) testing the binder in the BBR (S is BBR creep

stiffness, Sg is initial StiffNESS MEASUIEMENT).......ciiiieice e 50
Figure 30 Empirical function used to account for glass transition temperature in prediction model. (2x is the length
Of the glass tranSitioN FEGION) ........o ittt sttt et e et be e 56
Figure 31 3-D representation of the physical hardening model for a glass transition temperature of -20°C............... 57
Figure 32 Comparison of model described by (4) with experimental data. (Hardening rate= AS/S0) ........ccccccovrnenne. 58
Figure 33 Goodness of fit between the predictions using Equation (4) using T, for T, and the experimental data.
(Hardening rate= AS/S0) ......cciiiiiiiiiiie e e 58
Figure 34 Goodness of fit between model described by (4) with fitted TO and experimental data. (Hardening rate=
AASIS0) ..ttt bbbk E £ R R £ R R £ SRR £ bR SRR e e bRt e bRt e b bt b bbb e et 59
Figure 35 Predicted and experimental hardening rates after 24 hrs plotted against difference of conditioning
temperature to estimated Tg (T-Tg). (Hardening rate= AS/S0) ........ccureriiireriiiireiseneiesie e 60

Figure 36 S(60) after 1 hr conditioning for one of the SHRP binders plotted against test temperature. .............c..... 62



vii

Figure 37 Correlation between G and B (a), and n and B (b) for the SHRP binders. ..........cocoovviniininiiiiice 63
Figure 38 Goodness of fit between model described by (6) using T, for Ty and experimental data................ccccce.ee. 64
Figure 39 Shifting of creep stiffness curves at different conditioning time, to the reference conditioning time (tc=1
1] ) SRS 66
Figure 40 Hardening master curve at the reference conditioning time. .......c.ccoveieiie i iiiie e 66
Figure 41 Goodness of fit between predicted m-values described by (9) and experimental data. ...........c.cccceeverenne 67
Figure 42 (a) Measured mastic hardening index after 48 hrs without adjustment, and (b) mastic hardening index after
48 hrs adjusted for binder content and Shifted 10 Tg ...ccvovveieiiiiiicce s 69
Figure 43 Comparison of mastic hardening with fitted model prediCtions...........c.cccovivviviiveiieiese s 71
Figure 44 Goodness of fit for mastic hardening PrediCtion ... 71
Figure 45 Concept of incremental stress buildup and relaxation in viscoelastic material .............ccccoveriininciiennnn 85
Figure 46 Conversion of dynamic modulus experimental data to relaxation modulus master curve in the time domain
FOF the NEAL MIXTUIE ...ttt sttt st e bt e st et et sbesbesbeebeereeneeneeseeneas 89
Figure 47 Conversion of dynamic modulus experimental data to relaxation modulus master curve in the time domain
L{O R AV AN 44T (USSR 89
Figure 48 (a) Thermal strain curves, and (b) relaxation modulus curves for the Flint Hills mixture cooled at rates of
BOCCINE AN BOCTNI. ...t b e bbbt bt bt ekt b et e e e b sb e bt e b e bt e e e e e b nne s 90
Figure 49 (a) Thermal strain curves, and (b) relaxation modulus curves for the PMA mixture cooled at rates of
BOCCINE AN BOCTNI. ...ttt b e bbbt bt b e st e e e e e bt sb e bt b e bt e e e e e b nre s 90
Figure 50 Measured thermal stress for neat asphalt mixture at 6°C/hr cooling rate as compared to (a) LVE predicted
thermal stress, and (b) LVE thermal stress adjusted for physical hardening. ..........cccccoevvineiinenninennns 91
Figure 51 Measured thermal stress for PMA asphalt mixture at 6°C/hr cooling rate as compared to (a) LVE
predicted thermal stress, and (b) LVE thermal stress adjusted for physical hardening. ..........cccooeovvrennn 92
Figure 52 Measured thermal stress for neat asphalt mixture at 60°C/hr cooling rate as compared to (a) LVE
predicted thermal stress, and (b) LVE thermal stress adjusted for physical hardening. ..........c.ccoceeivrenen 92
Figure 53 Measured thermal stress for PMA asphalt mixture at 60°C/hr cooling rate compared to (a) LVE predicted
thermal stress, and (b) LVE thermal stress adjusted for physical hardening. ..........ccccocovvveviiiiiiiiicienns 93
Figure 54 FE model structure, used for simulation of temperature gradients in ATCA asphalt sample (light blue:
asphalt mixture; red: steel-epoxy putty; purple: stainless Steel) .......c.covvevveiiiie i 96
Figure 55 Temperature gradient in ATCA sample subjected to cooling on the boundaries at a rate of 60°C/hr......... 98
Figure 56 Temperature gradient in ATCA sample subjected to cooling on the boundaries at a rate of 6°C/hr............ 98
Figure 57 Temperature difference between asphalt surface and core during coolingat 6 and.............cccccceevevevnennen, 98

Figure 58 (a) Asphalt binder relaxation modulus master curves constructed from BBR data, and (b) Example of
BBR creep stiffness for PMA at -18°C, converted to relaxation modulus, and fitted with relaxation

MOAUIUS PIONY SEITES. ...ttt ettt bbb bbbttt bbbt b bbbt 104
Figure 59 Comparison of (a) measured and adjusted CTE, and (b) measured and calculated thermal strain with and
WITNOUL GOJUSEMENT ...ttt bbbt bbbt eb e ne et n b e et e 106
Figure 60 Experimentally measured thermal stress buildup compared to micromechanical model prediction......... 108
Figure 61 Comparison of (a) thermal stress buildup in binder phase and the whole mixture, and (b) mixture to binder
stress ratio for PMA and Neat DINAErS. .........oooiiiiiiie e 110
Figure 62 (a) principal strain distribution, and (b) VVon Mises stress distribution in modeled restrained asphalt
mixture (PMA) undergoing thermal 10adiNg. .........cccooiiiiiiiiiie e 112
Figure 63 Nodal stress histograms for neat (a) and PMA (b) binder phases in the Mixture ...........ccoccoovveieinnenenn 113
Figure 64 Nodal strain histograms for neat (a) and PMA (b) binder phases in the mixture ............ccoceevvvrienecienen. 114
Figure 65 (a) Average binder tensile strain buildup, and (b) maximum binder tensile strain buildup during cooling
L0 1[0 =T 3 1010 1Yo SRS 116
Figure 66 Sensitivity analysis of calculated mixture stress buildup with and without accounting for physical
hardening, by changing (a) Tg, (b) R, (¢) o, and (d) 0g. ...cvveveviiiiiiiiicicie s 123
Figure 67 Variation of thermal stress at -20°C, by changing dependent parameters by £20% (X+ shown in the chart
indicates that parameter X has been changed DY £20%0) ........cooiiiiiiiiie e 124
Figure 68 Comparison of effect of different assumptions for CTE on (a) Thermal stress curves, and (b) stress at -
30°C normalized to stress at when both o and ag are COnsSidered..............ccocvvvviviiiiiiiiic 125

Figure 69 Effect of deflection rate on asphalt binder failure load and deflection; tested using the SENB at -12°C .127
Figure 70 Asphalt binder failure envelope from SENB failure data at different low temperatures and deflection rates



VI
Figure 71 Schematic representation of ATCA failure enVEIOPE ..o 128
Figure 72 Comparison of thermal failure stress and strain at 6 and 60°C/hr for (a) neat, and (b) PMA mixtures.....129
Figure 73 Binder hardening index at various conditioning times for binders used in the MN county road sections,
fitted with physical hardening model at their reSPECtIVE Tg. ....cvcveiveriiiierere e 132
Figure 74 Comparison of binder physical hardening potential at T4 to corresponding thermal cracking in field: (a)
physical hardening model parameter “G”, (b) physical hardening model parameter “n”, (c) hardening

index after 24hrs, and (d) hardening index after 2 hrs of conditioning.........c.cccooeviviiieiiniiniecceereene 133
Figure 75 Comparison of BBR-SENB load-deflection curves for two MN CR112 binders with similar G; but very
different field PEITOIMANCE .......c.ii bbbt 135
Figure 76 Brittle-ductile transition behavior using BBR-SENB parameters (a) Fracture deflection, (b) Fracture
ENErgy, (C) FraCtUre tOUGNNESS. ....c..euiitiieiiiteii ettt bbb bbbttt b et nbe e 135
Figure 77 SENB binder performance criteria for MN county sections (for each set values at the left were measured
at -24°C and values at the right at -12°C).......ccuiiiiiiieieeee e 136

Figure 78 Typical changes in load (P) - deformation (U) curve before and after isothermal conditioning at Tg......138

Figure 79 SENB parameters after 72 hrs normalized to results after 0.5 hr of conditioning, (a) Gy, (b) K¢, (c) slope
of P-u curve, and (d) deflection at fracture (Ug).......ccoiveiieiicie et 139

Figure 80 Comparison of binder glass transition and contraction properties to cracking potential: (a) glass transition
temperature, (b) liquid CTE, ay, (€) glassy CTE Olg.....cccoviviiiiiiiiiiiiiiicice e 140



iX

List of Tables
Table 1 Description of Asphalt MiIXtUrES TESIEU. .....cceiviieieieie e e et reena e e e e srenrs 35
Table 2 BBR 1SS 0N DINGETS ..ottt sttt b et b et b s e b neenes 37
Table 3 Binder glass tranSition TESES .......viveierieie it ee et e et st e st eene e e et e teseesbesteeneereenseeesrers 38
Table 4 ATCA mixture glass tranSItIoN tESES.........ciiiiiieiieeieeiere st e ettt a et e ae e e b e s e ena e e e e seesrenrs 41
Table 5 ATCA thermal stress and relaXation tESIS.........oviiiiiiiriiireere st sae s 41
Table 6 ATCA MIXIUFE FAITUIE TESTS ....veveiviieiiciiec ettt bttt eb et e st ens 41
Table 7 Fitted model parameters for studied asphalt MASHICS ..........ccuviiiiiiiiiri s 70
Table 8 Aggregate gradation for mixture made with granite aggregates and Flint Hill base binder ............c.ccccoceeee. 74
Table 9 Material thermal properties used in FE analysis [99, 100, 101, 102, 103, 104, 105, 106].........ccccscvrveerernne 96
Table 10 Analysis matrix used for the Sensitivity aNalYSIS..........ccoiiiiiiiiiiii e 121
Table 11 Parameter values used for the Sensitivity analySiS..........ccovireiiiiiiiii e 121
Table 12 MN county road 112 thermal cracking performance reSUILS..........ccooeiiieieiieieeie e 131
Table 13 Comparison between MN CR 112 thermal cracking performance and BBR-SENB results (ranking)....... 134

Table 14 Comparison of relevant binder low temperature criteria to field performance..........ccccocoevevveiieieevvein, 141



1. Overview and Objective

1.1. Background and Problem Statement

The change in asphalt binder isothermal behavior near or below the glass transition temperature
has been noted by many researchers in recent years [3, 4, 5, 6, 7, 8, 9]; the increase in brittleness
as well as the time-dependent hardening in this temperature range can have a detrimental effect
on actual binder performance during its service life. Researchers have also reported that the
midpoint of the binder’s glass transition, typically referred to as the “glass transition
temperature,” is in the vicinity of the pavement critical cracking temperature [10]. Furthermore,
it has been shown that this time-dependent hardening (also called Physical Hardening) can affect
the position of the glass transition temperature of binders [7]. Change in relaxation properties has
been noted in binder and many polymers during physical hardening in a number of studies [10, 6,
7]. Despite the mounting evidence, most pavement low temperature stress calculation and
analysis methods used today do not account for glass transition behavior in asphalt binder, and
none have the ability to include the effects of physical hardening caused by time dependent
contraction in their analysis. Current specifications and models are based on single event failure,
not accounting for glass transition and the effect of extended isothermal conditions. There is a
critical need for showing how glass transition behavior and the physical hardening phenomenon
in asphalt binders can affect mixtures behavior under various climatic conditions, and also a need

for a suitable model that allows better prediction of these effects.



1.2. Objectives

This dissertation is focused on achieving the following objectives:

1. Modification of current thermal stress buildup and relaxation models to account for glass
transition and physical hardening in asphalt pavement.

2. Using experimentally derived data and thermal stress measurements of mixtures using the
ATCA test, binder fracture using the Single edged Notched Beam (SENB) test, binder
dilatometric glass transition measurements, and the Bending Beam Rheometer (BBR) to
verify model and define critical experimental model inputs.

3. Development of suitable limiting criteria for prevention of asphalt pavement thermal

cracking.

1.3. Hypothesis
Asphalt pavement thermal cracking cannot be accurately predicted without consideration of the

effect of glass transition and physical hardening of asphalt binders.

1.4. Research Methodology and Scope

A comprehensive literature review was conducted to assess the current state of knowledge on
low temperature thermal stress prediction in binders and viscoelastic material. This stage focused
on developing methodology for measuring and quantifying the effect of isothermal contraction
and physical hardening, as well as defining the asphalt mixture thermo-volumetric properties (i.e.

glass transition zone and coefficients of expansion/contraction).

Laboratory experiments were carried out and the results were used in the development of

the aforementioned theory and model.



A mechanism and model accounting for the effect of glass transition and conditioning
time in thermal stress buildup and relaxation was developed using information gathered through
conduction of experiments in the previous steps and experimentally verified. The importance and

relevance of the studied properties were investigated by comparison to field performance of

pavement sections.



2. Literature Review

2.1. Low Temperature Performance Testing of Asphalt Mixtures

Low temperature cracking is a major distress in many regions with cold climates. It is believed
that the excessive brittleness due to the increase in stiffness and decrease in the ability to relax
stress leads to the buildup of thermally induced stress and ultimately cracking of mixtures in

pavements.

Thermal cracking is widely recognized as a critical failure mode for asphalt pavements.
Due to its importance a reliable test method capable of capturing asphalt material response to
environmental loading as function of both time and temperature is needed. The current low
temperature specifications in the US and other countries rely heavily on measuring asphalt
mixture properties obtained under mechanical loading in the Indirect Tensile (IDT) creep and
strength tests. However, these tests have limited capabilities in terms of simulating thermal
cracking. These limited capabilities have been recognized and to address them a test method
such as the Thermal Stress Restrained Specimen Test (TSRST) has been used. Furthermore, in
conventional thermal cracking tests, linear viscoelastic concepts are used to infer mechanical
response to thermal loading while making assumptions about coefficients of contraction and

ignoring glass transition change.

Visco-elastic materials such as asphalt mixtures can relax stress by viscous flow. Asphalt
pavements are restrained from significant movement, thus thermally induced contraction can
lead to significant stress build-up in the pavement. Due to the time dependent behavior of visco-
elastic materials, the higher the capability of the material to relax stress, the lower the thermal

stress buildup will be at a given temperature, and consequently the pavement can withstand



lower temperatures before fracture [11, 10]. Thus, stress relaxation has been considered an
important factor in the thermal cracking resistance of asphalt pavements [12]. Researchers also
consider factors such as the rate of cooling, coefficients of expansion/contraction, glass transition
temperature, shape of master curve at low temperatures and the tensile strength to affect the
critical cracking temperature [10]. Measuring all these factors in a controlled laboratory
environment has been exceedingly difficult; therefore theoretical calculations of thermal stress

have often utilized simplifying assumptions in place of many of the aforementioned factors.

Monismith et al. [13] developed a theoretical calculation method for the thermally
induced stress in asphalt pavements. This method is currently used for the estimation of critical
cracking temperature by researchers and designers in many design procedures and software.
However, this method does not take into account the glass transition behavior and physical
hardening observed in asphalt binders, utilizing a constant coefficient of thermal

expansion/contraction.

The TSRST standardized system was developed under SHRP A-400 contract by Jung and
Vinson [11]. In this test, as the temperature drops the specimen is restrained from contracting
thus inducing tensile stresses. The results from TSRST are the cracking temperature and cracking
strength due to a single low temperature event. This test method has been extensively used in the
past to investigate thermal cracking performance. Research performed by Monismith et al. [13],
Arand [14], Vinson et al. [15], Romero et al. [16], Sebaaly et al. [17], Chehab et al. [18], Sauzéat
et al. [19], and Velasquez et al. [20], among others showed that TSRST can be used to evaluate

the susceptibility of asphalt mixtures to low temperature cracking.



A recently developed method for estimating low temperature performance of asphalt
mixtures tests small prismatic asphalt mixture beams in creep under a three point bending load
configuration. The results of this test are used to determine the creep compliance of the mixture
at different temperatures and loading times, and may consequently be used to develop master

curves and calculate thermal stress in the asphalt mixtures [21].

2.2. Physical Hardening of Amorphous Material

Glasses usually exist in a non-equilibrium state, and relaxation toward equilibrium is commonly
referred to as physical aging. This term was first coined by Struik [22, 23, 24] to distinguish
glassy state relaxation from other time-dependent processes such as recrystallization and
chemical degradation. In the inorganic glass literature, it is traditionally referred to as structural
relaxation, annealing, or stabilization [23, 24]. Physical hardening is usually explained by the
free volume theory proposed by Struik [25] and Ferry [26]. Struik described physical hardening
in polymers as a type of thermo-reversible relaxation process, taking place in the glass transition

region of amorphous materials [25].

A number of researchers have noted the close correspondence between enthalpy
relaxation and volume relaxation during isothermal aging, thus relating the physical aging
phenomenon to the relaxation of excess enthalpy in the non-equilibrium state during glassy

transition toward the equilibrium enthalpy state [27, 28, 29, 24, 30, 31, 32].

Although the equilibrium enthalpy state has commonly been estimated through the
extension of the liquid enthalpy equilibrium state to sub-Tg levels, a number of studies have
suggested that enthalpy relaxes toward a glassy equilibrium enthalpy state, resulting in a lower

ultimate enthalpy relaxation during aging [33, 24]. An ideal glassy state has been described as



existing below the “Kauzmann Temperature” of an amorphous material, which in term will
happen below the apparent glass transition temperature. The Kauzmann temperature and ideal
glass phase concept was suggested as a solution to the apparent paradox pointed out by
Kauzmann [34]. The Kauzmann paradox states that if one is to cool a glass forming liquid at a
sufficiently low rate as to prevent deviation from equilibrium (or extend the liquid
volume/enthalpy/specific heat/entropy equilibrium line below the glass transition) not very far
below the Tg a temperature can be reached at which theoretically the extended property will be
equal to that of the completely crystalized phase. Extending lower than this temperature will lead
to volume/enthalpy/specific heat/entropy lower than that of crystalline phase of the material,
which thermodynamically impossible. A resolution to this paradox would be the existence of an
ultimate ideal glassy phase change temperature below the apparent glass transition, below which
“A non-vitreous stable liquid cannot exist, and it is operationally meaningless to extrapolate the
entropy, energy, and specific volume curves below that temperature” [34]. It has been shown that
for some material the Kauzmann temperature and the end of the glass transition region may be

one and the same [35], as shown in Figure 2.

A similar concept was used by Adam and Gibbs [36] to define the temperature “T,”
below the glass transition temperature, at which there is only one possible molecular
configuration in the material, thus the “configurational entropy” is zero. Adams and Gibbs
defined a “cooperative rearranging region” to explain the temperature dependence of the volume
relaxation phenomena in glass-forming liquids. The cooperatively rearranging region was
defined as the smallest region as a subset of a material’s molecular structure that can undergo a
transition to a new configuration without requiring simultaneous configurational change on and

outside its boundary. The size of this cooperative region was shown to be determined by the



configuration restrictions associated with amorphous packing that was described by the

configurational entropy of the melt, which in turn is temperature dependent.
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Struik defined the region of significant physical aging for a number of amorphous
materials. He defined the lower bound of this range as the temperature below sufficiently below
the Tg at which segmental molecular motion and aging disappears, while defining the Tg as the
upper limit. Following the discussion in previous paragraphs, it is expected that physical aging
and the corresponding volume relaxation to take place within the glass transition region, bounded
at the upper end by the temperatures at which deviation from equilibrium occurs and at the lower
end by the ideal glassy state temperature, as defined by the “Kauzmann temperature”, Tk, [34,
35] or the Adam-Gibbs “T,” [36, 24]. Figure 3 [37] shows that boundaries in isothermal volume

relaxation temperatures are experimentally observable.

I 1 T T
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Figure 3 Isothermal volume relaxation rate for isotropic (solid line) and drawn (dashed line)

polycarbonate, plotted against aging temeprature [37]

Struik studied the physical aging for 35 plastics and other organic glasses, as well as a
variety of mechanical properties. He found that physical aging effects appeared to be very

important, often dominating the mechanical behavior in the practical temperature range. He
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concluded that nearly all aspects of aging can be explained from the free-volume concept.

Furthermore, the aging behavior and the small-strain mechanical properties were found to be
very similar for all studied polymers as well as many nonpolymeric materials [22]. Struik studied
the creep of PVC and PMMA at a number of temperatures below the Tg and experimentally
concluded that mechanical stresses may enhance aging, but such effects occur only at large strain
levels [38]. Recently an optical photobleaching technique was utilized to directly measure the
segmental mobility in PMMA glasses during tensile creep deformation to investigate the
interaction between physical aging, mobility, and mechanical deformation. Results indicated that
the effects of aging and stress on mobility act as two independent processes; thus no erasure of
aging occurs as a result of increased mobility induced by stressing the material [39]. Struik
concluded that the time frame during which physical aging occurs increases exponentially as
temperature drops below the Tg, approximately by a factor of 10 per 3°C; such that at no more
than 20°C below Tg, aging time frame approaches 100 years. Struik noted that comprehensive
proof of this conclusion was not experimentally possible [22]. In later studies Struik observed
physical aging in semi-crystalline polymers and some filled rubbers above their Tg, which he
explained by attributed the aging to the portion of amorphous material which may be in a glassy

phase at this temperature range [40].

For semi-crystalline material it has been observed that crystalline regions constrain the
amorphous regions in partially crystalline polymers which has a marked effect on the glass
transition and the mobility of the chain segments in the non-crystalline regions, such that the
observed Tg is raised well above that of the completely amorphous sample [41]. Similar results
have been shown for PET, for which both the extent and rate of physical aging decreased with

increasing percent crystallinity [42]. Free volume formation below the glass transition has also
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been noted for glass forming metals, especially bulk glass forming alloys [43]. Metallic glass is

obtained if the liquid metal alloy is cooled fast enough to avoid nucleation and growth of

crystalline structures [43].

2.2.1. Mechanical Properties of Physical Aging Material

It has been noted that material properties, such as yield stress, tensile and flexural modulus,
increase progressively with physical aging, while the fracture toughness, impact strength and
compliance decrease [41, 44]. It has been shown that other than the decrease of free volume
during physical aging, the narrowing trend of free volume size distribution during aging
contributes to the modification of mechanical properties in physically aged material [37]. Free
volume distribution has been measured for amorphous material during aging using small-angle

X-ray scattering and spin-probe mobility techniques [37].

Tensile experimentation on PET showed that although physical aging increased the yield
stress, it also increased the rate at which stress decreased after yielding, effectively decreasing
the post-peak resistance of the material [44]. Study of physically aged epoxy resins [45] showed
a decrease in fracture toughness and the occurrence of stick-slip failure behavior in aged epoxies.
This was explained by stating that the aging increased the yield point of the material, thus
suppressing the crack-blunting mechanisms (toughening) associated with unaged epoxies. In
another study an increased degree of physical aging was found to produce shorter lifetimes in
materials that failed in a predominantly brittle manner [46]. The main cause of this weakening
was attributed to the reduced craze strength due to the reduction in toughness caused by aging.
The authors concluded that neglecting the effects of physical aging could lead to measurements

that significantly overestimate the failure strength of polymeric materials.
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Researchers have shown that time-temperature superposition cannot be used for long

term creep when significant physical aging occurs, due to the simultaneous effect of aging during
creep time frame, resulting in significant over estimation of creep [47, 48]. The same reasoning
was extended to the Boltzmann’s superposition principle, stating that this principle is invalid in
the range of physical aging. Figure 4 shows the comparison between the time-temperature
superposition master curves and the actual data for two different aging times (1 h and 1 day)
before the start of the creep test, with samples being aged at the same temperature as the test
[47]. Within the aging range, temperature and aging effects on the creep behavior have been
shown to be comparable in magnitude [48]. In fact, it has been claimed that without physical

aging many glassy polymers could not be used to make load bearing structures [48].
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Figure 4 Comparison between the time-temperature superposition master curves and the actual
data for two different aging times (1h, 1 day) before the start of the test [47].
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The evolution of the dynamic mechanical properties of poly(vinyl acetate) in the Tg

region during physical aging at 32.5°C and 35.0°C, following a temperature down-jump from
40°C was measured by Delin et al. [49], and compared with the isothermal volume relaxation
behavior through dilatometric measurements. The approach of dynamic mechanical properties
towards equilibrium was observed to be slower than that for volume relaxation at the same
temperatures. The authors postulated that the evolution of dynamic mechanical properties in the
Tg region can be retarded by rejuvenation resulting from low strain, and that this rejuvenation is

more noticeable the higher the strain amplitude and the damping.

Guagadno et al. [28] studied the effect of physical aging for the case of Syndiotactic
polypropylene (sPP), a semi-crystalline polymer, and noted that the 7% increase of crystallinity
from 19 to 26% after a month of aging was not sufficient to explain the more than 200% increase
observed in the elastic modulus during aging (Figure 5), measured using a Polymer Laboratories

Dynamic Mechanical Thermal Analyzer.
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Figure 5 Increase in elastic modulus of Syndiotactic polypropylene during physical aging [28]

2.2.2. Volume Relaxation Studies for Amorphous Materials

Measuring free volume is absolute units has proven difficult, but its variation has been measured
by various techniques including dilatometry [29, 50], resistivity, position annihilation [43],
viscosity/stiffness measurements [51], positron lifetime technique [30], as well as the

fluorescence response of mobility- or free volume-sensitive molecule, julolidene-malono-nitrile

(JMN) [52, 53].

Results for positron lifetime technique on poly (vinyl acetate) (PVAc) indicated that the
procedure can be a reliable method for monitoring not only free-volume changes but also
changes in the distribution of free-volume elements in polymers. Physical aging in melt-

quenched polypropylene was studied and found to be accompanied by no change in crystallinity
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and in the crystalline density. The increase in the density of the material associated with aging

was therefore attributed to a shrinking of the non-crystalline regions due to isothermal collapse
of molecular free volume [54]. In metallic glasses, change of free volume has been measured
through x-ray dilatation curves achieved from analysis of the diffraction spectra from
transmission of a high-intensity high-energy monochromatic beam to the material while heating
material through its glass transition region [43]. Such studies have shown that depending on
cooling rate down to Tg, different amounts of free volume will be quenched into the glass

forming metallic alloy [43].

Volume relaxation during isothermal aging of amorphous materials has been recognized
and measurements have been performed for many years [27, 31, 29]. One such study was
performed on polystyrene using dilatometric testing at constant cooling rates from equilibrium at
above Tg to the aging temperature [29]. During the aging process the volume of the sample is
monitored using the mercury-in-glass (MIG) dilatometry method. Before starting the cooling to
the aging temperature of 92°C, the sample was annealed at 115°C for 15 min. Time zero for
collecting of relaxation data was set at the moment the aging temperature was reached. Tg was
obtained at different cooling rates ranging from 1.0 to 0.0037 °C/min. It was observed that
changing the cooling rate by more than 2 orders of magnitude shifted the Tg by about 5°C, as
shown in Figure 6. In another study decreasing the cooling rate of polyvinyl acetate by one order
of magnitude resulted in an approximately 2°C decrease in the measured Tg, as seen in Figure 7
[49]. Tg changes of only a few degrees when changing cooling rates a number of orders of

magnitude has also been reported elsewhere in the literature [24].
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Figure 6 Glass transition measurements for polystyrene at different cooling rates [29]
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Figure 7 Measurement of glass transition for PVAc at two rates, sweep 1 and 0.075°C/min, and
sweep 2 at 0.75°C/min [49].

Once isothermal conditions were established the isothermal volume change was
measured as physical aging progressed. This volume change was referred to as “excess volume”
in this study. Figure 8 shows the change of excess volume with cooling rates and aging

temperature. It is observed that the faster the cooling rate, the larger the amount of isothermal
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volume change. Furthermore, for the 3 temperatures tested, the lower aging temperatures showed

higher isothermal volume change. This is also in agreement with results from aging of a-PMMA

by other researchers [50], as seen in Figure 9. The non-linear trend of volume change plotted

against the log of time shows that the rate of isothermal volume relaxation is not logarithmic

against time.
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Figure 9 Isothermal specific volume change for a-PMMA at different aging temperature [50]
Adachi and Kotaka [27] showed that the molecular weight distribution does not

significantly affect the rate of volume relaxation, with no particular change of behavior observed
between broad and narrow distributions. A slight decrease in volume relaxation was noted with
increasing molecular weight. They indicated the agreement of these observations with the
usually small effect of molecular weight distribution on mechanical properties in the glass
transition region. The authors also observed a “memory effect” when increasing aging
temperature at a stepwise fashion, such that volume originally increased, before subsequently
decreasing toward the equilibrium volume. Later researchers have also noted an asymmetry

between aging when cooled or heated to the aging temperature [31, 50] (Figure 11).
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Figure 10 Volume relaxation during stepwise increase of aging temperature [27]
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2.3. Physical Hardening of Asphalt

The time dependent hardening of asphalt binders has been recognized and studied in asphalt
binders since the 1930s. Traxler studied the phenomenon at intermediate temperatures, calling it
age- or time-hardening [55, 56]. Time dependent hardening was observed near the glass
transition temperature of asphalt binders during the Strategic Highway Research Program
(SHRP) contract A002-A and was referred to as “physical hardening” by the researchers [3, 9]. It
was shown that this phenomenon causes an increase in the asphalt binder stiffness when stored at
a constant low temperature. The SHRP researchers attributed this phenomenon to the rate of
collapse of inter-molecular “free volume” in the binder, as described by Struik for amorphous
materials [3, 9, 25, 57, 58, 59]. Traxler described this phenomenon as reversible progressive
hardening of asphalt over time that “varies markedly by the type and source” of the binder [55,
56]. He believed the phenomenon to be thixotropic by nature due to the reversibility of hardening
upon application of shearing stress [56]. Brown et al. [60] further studied the time dependent
hardening of asphalt at ambient temperatures, referring to the phenomenon as “steric hardening”.
He attributed this hardening to the formation of internal structures in the asphaltene fraction of
the binder [60]. Some researchers have also associated physical hardening with the crystalline

domain and wax fraction of the asphalt binder [5, 6, 8].

Bahia and Anderson found that the approach used to account for the effect of changing
temperature in viscoelastic materials (i.e., time-temperature superposition principle) can be
applied to the stiffening effect of physical hardening with conditioning time by using a shift

factor on the time scale [9].
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The study of physical hardening during the SHRP program resulted in a requirement in

the M320 specification [61] of testing in the Bending Beam Rheometer (BBR) after 1 and 24
hours. Although this requirement was not implemented [62], recent work by Hesp and
Subramani [63] has shown that better correlations with field performance are observed if
physical hardening is taken into account. The importance of accounting for physical hardening
was also discussed by Basu et al. [64], in which the Superpave assumption of the general
applicability of a 10°C time-temperature superposition shift factor was found to be very
inaccurate for unconditioned binders, but accuracy was observed to greatly improve after 72 hrs
of isothermal conditioning. One of the main reasons physical hardening has been neglected is the
absence of a reliable and simple procedure to estimate the changes in properties (e.g., creep
stiffness and m-value) of binders caused by this phenomenon from relatively short and simple

laboratory tests.

Romero et al. [16] investigated the effect of different mineral fillers and different
volumetric properties on the physical hardening of asphalt mixture using the Thermal Stress
Restrained Specimen Test (TSRST). The authors concluded that fracture rather than strength
properties are affected by physical hardening. They also concluded that it cannot be inferred that
a mixture will show the effects of physical hardening solely based on the binder exhibiting
changes during testing after low-temperature isothermal storage. It must be noted that the
researchers conditioned the specimens in unrestrained conditions, thus the stress buildup due to

isothermal contraction was not considered in the conclusions.

Researchers such as Shenoy [65] have claimed that stress relaxation in the binder phase
in mixtures can cancel out any effect of physical hardening in mixtures, thus believing the

phenomenon to be of no practical importance. Recent studies by others such as Falchetto et al.,
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[66] and Evans and Hesp [67] have concluded otherwise. Falchetto and his co-workers measured

the increase in stiffness in both binder and mixture BBR beams, showing that the semi-empirical
Hirsch model can be used to predict the hardening of the mixture beams based on the binder
beam hardening [68]. Evans and Hesp [67] showed that binders that had higher BBR grade loss
after 72 hrs of conditioning retained more residual stress after relaxation. These researchers
believe that inconclusive results pertaining to the importance of physical hardening in mixture
performance, is due to shortcomings and difficulties associated with the current Thermal Stress
Restrained Specimen Test (TSRST) method used for low temperature performance assessment in

asphalt mixtures.

2.4. Mechanism of Physical Hardening

Although many researchers agree upon the effects of physical hardening, there is some
disagreement about the exact mechanism responsible for this phenomenon as well as the
temperature range in which physical hardening occurs [3, 9, 57, 58, 59, 25, 69, 70]. Some
researchers have reported on the dependence of the hardening rate on the chemical composition
of the asphalt binder (e.g., length of molecular chains and wax content) [71, 72, 4]. Although
some researchers believe that the time dependent hardening observed in ambient room
temperatures and near the binder’s glass transition temperature are the same phenomenon,
namely “steric hardening” [69], the difference in attributed mechanisms to these two temperature

ranges has led other researchers to differentiate between the two phenomena [70, 58, 57].

Studies by Doolittle [73], Doolittle and Doolittle [74], and Williams et al. [75] showed
that the internal mobility of amorphous materials is better related to the free volume rather than

temperature. Based on this concept, Struik [25] described the occurrence of physical hardening
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to be the consequence of isothermal reduction of free volume at temperatures close to the glass

transition temperature. He showed that physical hardening causes an increase in stiffness and a

reduction of the stress relaxation capacity in amorphous materials [25].

Struik described the total volume of the material as being constituted by a fraction of
occupied volume, which is the volume of molecules and their vibrational motion, and a fraction
of free volume due to packing irregularities. As the amorphous material is cooled, the molecular
mobility and the molecular free volume decrease simultaneously. Since molecules attract to each
other and free volume consists of voids within the molecules, the existence of free volume
represents an increase in internal energy with respect to the zero-free volume state. The existence
of free volume is accompanied by an increase in entropy. Thus, the increase in internal energy
due to free volume must be balanced with 7-AS, where T is temperature and AS is the change in
entropy. The rate of this process is determined by the molecular mobility which itself is a
function of the free volume [25]. The aforementioned mechanism proposed by Struik implies

that the rate of physical hardening is closely related to the material temperature.

The free volume cannot decrease indefinitely as temperature decreases, and at a certain
temperature, mobility becomes very small and consequently the decrease in free volume
becomes insignificant at the imposed rate of temperature differential. This temperature is
referred to as the glass transition temperature, Tq4. The small values of molecular mobility at
temperatures below Ty indicates that the volume continues to decrease very slowly over time

[25].

Anderson and Marasteanu [5] showed that physical hardening in asphalt binders occurs

both above and below the glass transition temperature, in contrast to amorphous polymers, for
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which physical hardening occurs only below T [25, 76]. The data presented in their study

supported the hypothesis that physical hardening is caused in addition to free volume collapse by
the formation of crystalline fractions, as proposed by Claudy, Planche and other researchers [3,
72, 4, 5]. The authors showed that asphalt binders with higher wax content show stronger

physical hardening effects both above and below their Ty,

Glass transition temperature is commonly considered as the temperature at which the two
asymptotes to the linear regions on the volume-temperature curve intersect (Figure 12).
However, the glassy transition begins well before this point (i.e., where the material starts to
deviate from thermodynamic equilibrium), thus according to the free volume concept physical
hardening will occur as the material enters this transition region. In the glass transition region the
asphalt binder is in a meta-stable state (i.e., not in thermodynamic equilibrium) in which first
order properties, such as entropy, remain continuous but second order properties, such as
coefficients of thermal expansion/contraction and heat capacity, are discontinuous [9, 57, 58, 59,

5, 76].
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Figure 12 Schematic of proposed material behavior in glass transition region.

Some researchers have observed multiple glass transitions in asphalt binders, attributed to
the multi-phase nature of asphalt. In these studies it is postulated that the Ty of asphalt is the
result of the overlap of several smaller transitions due to different asphalt fractions [77, 78]. In
this study, dilatometric measurements of the glass transition temperature in the range of 30 to -
50°C clearly showed one major glass transition in the binder. Other smaller transitions existing
in the temperature range may be too small to be detected by this method. In the present study, it
is hypothesized that this major glass transition, whether resulting from multiple fraction
transitions or only one, is mainly responsible for the measurable physical hardening observed in

asphalt binders at low service temperatures.
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2.5. Thermal Cracking and Failure Properties of Asphalt Pavements

Asphalt thermal cracking studies have traditionally focused on limiting strength values as the
temperature decreases in the pavement, thus predicting crack occurrence temperature based on
the comparison between the predicted thermal tensile stress curve and the ultimate tensile
strength on a temperature axis [79, 80, 81]. The basic principal is shown in Figure 13. Stress
calculation methodologies used have included elastic, pseudo-elastic, and viscoelastic analysis

on a beam or slab.

Stress and Strength Thermal Stress

4 Tensile Strength

|

Estimated Fracture Temp. Temperature

Figure 13 Estimation of low temperature cracking temperature [79]

Alternatively, some researchers have used crack tip stress calculations for a pre-cracked
pavement and subsequent comparison with estimated pavement fracture toughness through
Linear Elastic Fracture Mechanics (LEFM), to predict cracking temperature and crack
propagation in the pavement. In this method the pavement layer is discretized into a number of
sub-layers or beams, for which the stress is calculated similar to the approach discussed above,
based on temperature in each sub-layer, resulting in a stress gradient estimation for the whole

layer [82]. This approach was used in the development of the SHRP thermal cracking model, the
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TC-Model used in the Mechanistic Empirical Design Guide (MEPDG). Arguments against this

approach include the initiation of pavement thermal cracks from an un-cracked condition; and
that the precedence of the actual cracks with micro-cracking, thus there is no well-defined crack
tip and furthermore a significant process zone exists, contrary to the assumptions used in LEFM

[83].

2.5.1. Failure Properties in Viscoelastic Materials

The study of stress and strain response in viscoelastic materials in not a new topic, and has been
investigated at length for many decades. Theoretical solution and constitutive equations have
been developed for almost any loading geometry and time-temperature condition, taking into
account temperature and rate dependency, and more recently non-linear viscoelasticity. In
contrast to the current state of relative theoretical robustness in constitutive relationships of
viscoelastic materials, the study and prediction of failure in viscoelastic materials is still as much
dependent on empiricism as to sound mechanistic concepts. To some extent this is due to the
reliance of such mechanisms on inter-molecular interactions that are difficult to quantify and

even more difficult to expand to mechanical behavior of material [84, 85].

A failure prediction method that has received less attention in recent years is the use of
“Failure Envelopes,” developed based on the ultimate failure stress and strain of viscoelastic
materials in various conditions. This section summarizes some of the important research carried
out in developing failure criteria and failure envelopes, as well as how such concepts have been

employed in the study of asphalt concrete.

Researchers have shown that for linear viscoelastic material time temperature

superposition is not only applicable to measurements of viscosity and stiffness, but to various
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other physical properties, provided they involve the same molecular motions governing the

viscoelastic stiffness properties [84, 85]. This is illustrated in Figure 14 and Figure 15 in which
the shift factors used to construct the creep compliance master curve for a viscoelastic polymer
are shown to also be applicable to the failure stress and failure strain [84]. This property has also

been shown for other elastomeric polymers such as Styrene Butadiene Rubber (SBR) [84, 85].

Such observations have led some researchers to the idea that for viscoelastic materials a
“failure strength envelope” could be plotted as a function of ultimate strain [86]. A failure
envelope is developed by plotting failure stress against strain at reduced strain rates [86, 84].
Furthermore, the applicability of time temperature superposition to failure stress and strain in
viscoelastic material implies that the viscoelastic response of the amorphous chains dominates

failure properties [84].
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Figure 14 Fracture energy of an elastomeric polymer plotted against time temperature-shifted
cross-head speed (original measurements over 2 decades of rate, shifted to cover 7 decades) [84].
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Figure 15 Strain at Failure for SBR plotted against reduced strain rate [84]

One of the first researchers to study the failure behavior of viscoelastic materials in terms
of a failure envelope was Smith [86]. Smith created a failure envelope by plotting ot 263/T
against 100¢ in a log-log scale, in which ot and & are stress and strain at failure and T is degrees
Kelvin (Figure 16). He showed that for SBR, the failure envelope defined at one strain rate but
multiple temperatures may be matched to that obtained by testing at various strain rates but a

single temperature.

Many researchers studying viscoelastic fracture have shown that there is a close
dependency between failure stress and strain rate, such that the stress decreases monotonically as
the strain rate is decreased. On the other hand, researchers have observed the existence of a
“definite maximum strain at failure” for viscoelastic material tested to failure at different strain
rates [84, 85, 86, 87]. The strain at failure increases as the strain rate decreases down to a certain

strain rate, after which any decrease in strain rate will cause the strain at failure decrease [85].
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Figure 16 Failure envelope created by plotting failure stress at reduced strain rates against failure
strain [86]

Based on experimental observations and using knowledge of the dependency of failure to
behavior in the molecular level of materials, Zak [85] developed the following simple uniaxial

failure envelope for viscoelastic materials.

T
o = A10 [1]

In which A and k are regression constants, o; and & are stress and strain at failure, and /s is
the material extension at the point of failure. The relationship was shown to fit well with
elastomeric polymers such as SBR. The key feature of this theory is its ability to predict a

maximum failure strain that is not exceeded no matter the imposed strain rate.

Another early researcher focused on failure envelopes of viscoelastic materials was Dong

[87]. Dong developed a simple envelope function for 2 dimensional axial stress problems as
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shown in [2], which he further developed to account for multi-axial stress problems in three

dimensions.

2.5.2. Failure Envelopes in Asphalt Mixtures

Studies in the asphalt community on development and implementation of failure envelopes for
asphalt mixtures have been performed since the early 60s. Most early studies focused on the use
of the “Smith Failure Envelope” [86], showing that such an envelope in many instances works
sufficiently well for asphalt mixtures [88, 13]. A study by Bynum and Traxler [88] showed that
the smith criterion for failure could be fitted to failure data in both tension and compression for
asphalt mixtures tested at various temperatures (Figure 17). They also noticed that increasing the
mixing and compaction temperatures above normal ranges increased failure stress but decreased
ultimate failure strain in the tested asphalt mixtures. Due to a change of over 2 orders of
magnitude in failure stress compared to a change of a factor of 3 in the ultimate failure strain as
temperature was varied, the authored concluded that failure stress is not a suitable criterion for
asphalt mixture failure, while normalized failure strain could be adopted as proper failure

criterion.
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Figure 17 Asphalt concrete failure results in tension and compression fitted using the Smith failure
criterion (4)

Monismith et al. also showed that asphalt concrete failure stress at different temperatures,
strain rates and test conditions behaved in a fashion similar to that described by Smith [86, 13].
Figure 18 shows a failure envelope developed for asphalt pavement tested at different
temperatures and conditions. The higher stress levels correspond to lower test temperatures and
higher strain rates. It can also be seen that failure for samples tested under constant strain can be
plotted on the same failure envelope as those tested at the same temperature but under constant

stress.
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Figure 18 Failure results for asphalt samples tested under constant strain rate or stress at different
temperatures [13]

A potential area of interest when considering failure envelopes is the application to
prediction of thermal cracking. Although some researchers have previously used such methods
for comparison of thermal stress buildup and predicted point of fracture based on failure
envelopes [89] (Figure 19), such analysis raises a few challenges. The foremost question is how
to handle the constantly varying temperature and consequently the varying modulus for in

thermal cracking.
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]

Although a failure envelope as discussed before should be applicable for any range of
strain rates and temperatures, thus rendering it a valid criterion for thermal stress problems,
challenge is in defining the position of the thermal failure with regards to the envelope. One may
investigate the usage of time-temperature shifting to reduce the test temperature and the strain

rate to a reference temperature and constant rate. The accuracy of such an approach would need

to be evaluated experimentally.



35
3. Methods and Materials

3.1. Materials

The results used in this thesis were collected for various projects. To verify that physical
hardening affect mixture performance asphalt mixtures were collected from a large field project
in Minnesota. Table 1 includes the description of the loose asphalt mixtures that were collected
from field pavement sections in Minnesota, USA and compacted using the Superpave Gyratory
compactor targeting typical design parameters. The asphalt binders and aggregates used for
production of these mixes represent typical materials placed in pavements in the mid-west. As
indicated in Table 1, asphalt binders placed in these sections were modified with commonly used

chemical and polymer additives.

Table 1 Description of Asphalt Mixtures Tested.

Asphalt Mixture Location Description

PG58-34 PPA MnROAD 33 | Modified with Polyphosphoric Acid (PPA)

PG58-34 SBS+Acid MnROAD 34 | Modified with Styrene-Butadiene Styrene (SBS) and PPA
PG58-34 SBS MnROAD 35 | Modified with SBS

PG58-34 Elvaloy +Acid | MnROAD 77 | Modified with PPA and Elvaloy

PG58-28 MnROAD 20 | Neat

PG58-34 MnROAD 22 | Unknown modification

Wisconsin Wisconsin Binder used in construction of SMA pavement

PG 58-28 (VAL) MN CR 112 | Valero binder

PG 58-28 (CIT) MN CR 112 | CITGO binder

To develop a model for physical hardening of binders, a set of published results were
used as well as new data were generated. Results published for the eight core SHRP binders at
thin film oven (TFO) aged condition, and results measured for seven binders obtained from
MnROAD test sections and aged using the rotating thin film oven (RTFO), were used in the
development and validation of the prediction model. In addition to the aforementioned binders,

an additional 40 binders from a study conducted by Lu and Isacsson [69] were used to develop



36
the concepts behind the model. The binders studied cover a wide range of neat and modified

binders, including binders modified with different types and combinations of Styrene Butadiene

Styrene (SBS), Elvaloy® and Polyphosphoric Acid (PPA).

3.2. Binder Test Methods

Binders were tested using a dilatometric glass transition (Tg) measurement method, the
Superpave Bending Beam Rheometer (BBR) and Single Edge Notch Beam (SENB) fracture test
method. The Tg measurements were used to determine the glass transition range using a given
cooling rate. The BBR tests include tests run during an extended conditioning period at different
temperatures near the glass transition ranges for the various binders. Similar test were ran using
the SENB. The purpose of these tests is to determine the change in creep stiffness and relaxation
(as measured by the BBR creep stiffness and m-value) as well as the effect of continued
conditioning on fracture properties as measured by the SENB. It is hypothesized that at
temperatures approaching the glass transition, physical hardening may have a counter effect on
relaxation of the binders, thus affecting the expected performance. The extent of this change and
its potential importance is assessed using these tests. The results are also used in the theoretical

explanation of the mixture stress buildup and relaxation as measured by the ATCA.

3.2.1. Measurement of Physical Hardening Using the Bending Beam Rheometer

The measurements of physical hardening were obtained by using the Bending Beam Rheometer
(BBR), following AASHTO T 313 [71], and measuring the change in creep stiffness (i.e., S(t))
and the m-value (i.e., m(t)) of asphalt binder beams with isothermal age at different
temperatures. The m-value is the slope of the curve of the creep stiffness (S(t)) and loading time,

plotted on a log-log scale. The Superpave specification sets criterion limits for the values of the



37
creep stiffness and m-value at 60 seconds of BBR creep loading, designated S(60) and m(60),

respectively. The asphalt binder beams from the MNROAD cells were tested after isothermal
conditioning at -12, -18 and -24°C; the SHRP binders were tested at -10, -15, -25, and -35°C;
and the binders studied by Lu and Isacsson [69] were tested at -15, -25, and -35°C. BBR creep
stiffness, S(t), was measured at different intervals during conditioning, ranging from 1 to 96 hrs.

Table 2 shows the binder BBR tests conducted for this study.

Table 2 BBR tests on binders

Binder Type Temperature (°C) | Conditioning Times | Reported Parameters
Neat 1 (PG XX-22) -12,-18, -24 1,6, 24,48, 72 hrs S(t), m-value
Neat 3 (PG XX-28) -12,-18, -24 1,6, 24,48, 72 hrs S(t), m-value
Modified (PG XX-34) -12,-18, -24 1,6, 24,48, 72 hrs S(t), m-value
SBS Modified -12,-18, -24 1,6, 24,48, 72 hrs S(t), m-value
Elvaloy Modified -12, -18, -24 1,6, 24, 48, 72 hrs S(t), m-value
PPA Modified -12,-18, -24 1,6, 24,48, 72 hrs S(t), m-value
Warm Mix Additive -12,-18, -24 1,6, 24,48, 72 hrs S(t), m-value
Neat 2 (PG-22) -12, -18, -24 1,2,4,6, 24, 48 hrs S(t), m-value
Neat 2 + Granite filler -12, -18, -24 1,2,4,6, 24, 48 hrs S(t), m-value
Neat 2 + Dolomite filler -12,-18, -24 1,2,4,6,24,48 hrs | S(t), m-value
Neat 2 + Limestone filler -12, -18, -24 1,2,4,6, 24,48 hrs S(t), m-value
VAL MN CR 112 Binder Tg 1,2, 24, 46 hrs S(t), m-value
MTN MN CR 112 Binder Tg 1,2,24,46 hrs S(t), m-value
CAN MN CR 112 Binder Tg 1,2,24,46 hrs S(t), m-value
CIT MN CR 112 Binder Tg 1,2, 24, 46 hrs S(t), m-value

3.2.2. Glass Transition (T,) Test Procedure

A dilatometric system was used to measure the glass transition temperature of the asphalt
binders. Currently no formal standard for this device is available and therefore the test was
performed following a modified version of the procedure developed by Bahia and Anderson
[57]. The concept behind the procedure is based on precise measurements of volume change in
time for an asphalt binder specimen, as temperature is decreased at a constant rate. The binder

sample is prepared by pouring 10 g of hot asphalt into a circular silicone rubber mold with a
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diameter of 40 mm and a height of 8.0 mm. The dilatometric cell is connected to a vertical

capillary tube (inner diameter is 1 mm) with its top end open. The volume change in the sample
is calculated by estimating the change in the height of the ethyl alcohol column inside the
capillary tube. In this study, the system was further modified by using a very precise pressure
transducer to measure the changes in alcohol column height. Table 3 shows the binder tests
conducted for this study.

Table 3 Binder glass transition tests

Binder Type Temperature range (°C) Cooling Rate | Reported Parameters
Neatl (PG XX-22) 30to -50 1°C/min Tg, o, 04
Neat2 (PG XX-22) 30to -50 1°C/min Tg, o, 0g
Neat3 (PG XX-28) 30to -50 1°C/min Tg, o, 04
Modified (PG XX-34) 30to -50 1°C/min Tg, oy, 04
SBS Modified 30to-50 1°C/min Tg, ou, 04
Elvaloy Modified 30to -50 1°C/min Tg, o, 04
PPA Modified 30 to -50 1°C/min Tg, oy, 04
Neat 2 + Granite filler 30to -50 1°C/min Tg, o, 04
Neat 2 + Dolomite filler 30to -50 1°C/min Tg, ou, 04
Neat 2 + Limestone filler | 30 to -50 1°C/min Tg, oy, 04
VAL MN CR 112 30to -50 1°C/min Tg, oy, 0g
MTN MN CR 112 30to -50 1°C/min Tg, oy, 0g
CAN MN CR 112 30to -50 1°C/min Tg, oy, 04
CIT MN CR 112 30to -50 1°C/min Tg, oy, 04
LVDTs Unrestrained sample
= P A‘ % 3&";: :‘.v,:‘d;’ “{ PY ..e1 ] -?.':f)z' :?f‘ R bt

Load cell Rollers

Restrained sample

Figure 20 Hlustration of the Asphalt Thermal Cracking Analyzer (ATCA)
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© d

Figure 21 (a) Restrained beam setup, (b) unrestrained beam setup, (c) restrained beam after

failure, and (d) load cell and LYDT’s.

In this study the preparation of the beam samples was modified to use the Superpave
Gyratory Compactor (SGC). The unrestrained and restrained samples are produced from one
SGC sample. Using a masonry saw, four prismatic beams of 5 by 5-cm in cross section and 15
cm long are cut from 17 cm gyratory samples. Two of these beams are sawed in half to produce
four 7.5 cm blocks. By gluing a 7.5 cm block to each end of the two 15 cm blocks, two 30 cm
beams are produced (Figure 22). As both beams are produced from the same sample and both are

exposed to the same thermal history, the stress build-up, glass transition temperature, oy and og
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can be used to get a comprehensive picture of the low temperature performance of the asphalt

mixture.

(b)

Figure 22 (a) Cutting of SGC sample for ACTA testing. (b) Sample gluing setup

Tests are conducted on both asphalt mixture and binders. The newly developed Asphalt
Thermal Cracking Analyzer (ATCA) will be used to measure the Glass Transition properties,
coefficients of thermal expansion/contraction, Thermal stress buildup and mixture critical
cracking temperature and strength. A series of pilot tests were performed to determine the ideal
cooling rate and relaxation temperature for the samples. Table 4, Table 5, and Table 6 show the

tests proposed for asphalt mixtures in the present study.



Table 4 ATCA mixture glass transition tests
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Mixture Binder Type Temperature range Cooling Reported Parameters
(°C) Rate
Neat 1 (PG XX-22) 30to-70 1°C/min Tg, a, a4
Neat 2 (PG XX-22) 30to -70 0.1, 1°C/min Tg, oy, 04
Neat 3 (PG XX-28) 30to-70 1°C/min Tg, a, a4
Modified (PG XX-34) 30to-70 1°C/min Tg, a, a4
SBS Modified 30to-70 1°C/min Tg, oy, 04
Elvaloy Modified 30to-70 1°C/min Tg, oy, 0g
PPA Modified 30to-70 1°C/min Tg, o, ag
Neat 2 Plastomer modified 30to -70 0.1, 1°C/min Tg, oy, 04
VAL MN CR 112 30to -70 1°C/min Tg, a, 04
CIT MN CR 112 30to-70 1°C/min Tg, a, a4
Table 5 ATCA thermal stress and relaxation tests
Mixture Binder Type Isothermal Conditioning Cooling Rate Reported
Temperature (°C) Parameters
Neatl (PG XX-22) -20 1°C/min Stress, Strain
Modified (PG XX-34) -20 1°C/min Stress, Strain
SBS Modified -20 1°C/min Stress, Strain
Elvaloy Modified -20 1°C/min Stress, Strain
PPA Modified -20 1°C/min Stress, Strain
Warm Mix Additive -20 1°C/min Stress, Strain
VAL MN CR 112 -20 1°C/min Stress, Strain
CIT MN CR 112 -20 1°C/min Stress, Strain

Table 6 ATCA mixture failure tests

Mixture Binder Type Temperature range Cooling Reported Parameters
(°C) Rate
Neat 1 (PG XX-22) 30to-70 1°C/min Failure Stress, Strain
Neat 2 (PG XX-22) 30to-70 0.1, 1°C/min | Failure Stress, Strain
Neat 3 (PG XX-28) 30to-70 1°C/min Failure Stress, Strain
Modified (PG XX-34) 30to-70 1°C/min Failure Stress, Strain
SBS Modified 30to-70 1°C/min Failure Stress, Strain
Elvaloy Modified 30to -70 1°C/min Failure Stress, Strain
Neat 2 Plastomer modified 30to-70 0.1, 1°C/min Failure Stress, Strain
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4. Importance of Physical Hardening in Performance of Asphalt

Mixtures

4.1. Overview

Asphalt is known to undergo significant time-dependent stiffening when stored at low
temperatures. This phenomenon, often referred to as physical hardening, has been shown to have
significant impact on the laboratory performance of asphalt binders. However, the importance of
isothermal conditioning for asphalt and its effect on thermal cracking performance has been a
subject of debate.

This chapter summarizes testing conducted to investigate the effects of cooling rate and
isothermal conditioning on thermal stress buildup and relaxation of different asphalt materials
obtained from field pavement sections in MNROAD, Minnesota, USA [90].

Tests performed using the ATCA at different cooling rates and various relaxation periods
showed that at high cooling rates, isothermal contraction significantly affects the rate of thermal
stress buildup. Furthermore, contrary to the expectation of full stress relaxation for visco-elastic
materials, the thermal stress in restrained samples held at isothermal conditions for extended
periods of time did not completely relax, converging to a constant residual stress. Fracture of
specimens held isothermally occurred at a temperature higher than fracture temperature
measured when specimen is monotonically cooled down. These results indicate that physical
hardening may be responsible for unexpected thermal cracking observed in the field. The
findings show the need to measure the glass transition of the asphalt binder, their behavior under
isothermal conditioning, and the use of realistic cooling rates for better prediction of thermal

cracking.
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4.2. Physical Hardening in Asphalt Mixtures

Using the ATCA, cooling and relaxation experiments were carried out at different rates,
isothermal temperatures and isothermal relaxation times. For all experiments thermal stress was
observed to build up as the temperature decreases in the restrained beam. Temperature reduction
was stopped at a predefined temperature to start the isothermal stage. Although the temperature
measured at the core of the mixture sample was kept constant, the sample stress continued to
build up even after the core temperature had stabilized. Isothermal contraction was also observed
simultaneously in the unrestrained beam. As the isothermal conditions continued, the stress
gradually started to relax. This trend, which was observed for all mixture samples tested, is
shown in Figure 23 in which two identical mixture samples were cooled to -20°C and then held
isothermally for 5 and 10 hrs. It is observed that after the initial isothermal stress buildup, the
rate of build-up gradually decreases, followed by a relaxation of stress until stabilizing at a

constant value over time.
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Figure 23 Isothermal stress behavior in asphalt mixture after 5 and 10 hrs of isothermal conditions.
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To further evaluate the effects of time, cooling rates were varied while measuring stress

and strain. Results of such experiment is shown in Figure 24, in which it can be noted that the
amount of isothermal stress (Figure 24b) and strain (Figure 24a) buildup are dependent on the
rate of cooling. When a rate of 0.1°C/min (6°C/hr) was used as much as 10% of the ultimate
stress continued to build up after achieving a stable core temperature (Figure 24b). On the other
hand at an extremely fast cooling rate of 1°C/min, most of the stress was built-up during the
isothermal stage of the test, and the specimen ultimately reached the same stress levels as with
the slower rate, as indicated in Figure 24b. Tests performed at an intermediate rate of 0.5°C/min

resulted in isothermal stress buildup in between the two extreme cooling rates.
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Figure 24 Comparison of thermal stress and strain during cooling and isothermal conditions at 0.1,

0.5 and 1°C/min cooling rates.
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Researchers in earlier studies have used many cooling rates to test and model field

conditions. Bouldin et al. [10] used 3°C/hr to match studied field sections, while suggesting that
resulting cracking temperature may be “bumped” up or down for faster and slower rates,
respectively. Modeling by Bahia et al. [8] for rates lower than 10°C/hr showed that reducing
cooling rate corresponded to a shift in thermal stress buildup toward lower temperatures. SHRP
researchers reported that although typical field cooling rates seldom exceed 2.7°C/hr, most
TSRST tests are done at rates of 10°C/hr or higher to reduce testing time [11]. Tests conducted
during the SHRP study showed a decrease in fracture temperature as the cooling rate varied
between 1 to 5°C/hr, while the effect on tensile strength varied for different samples. They noted
that previous researchers reported little or no effect on fracture temperature and tensile strength
for different cooling rates higher than 5°C/hr. They concluded that although these cooling rates
do not necessarily match typical field conditions, they are sufficient to assess relative

performance of specimens.

In this study, it is hypothesized that the observed isothermal behavior is due to the time-
dependent nature of thermal contraction as temperature approaches the glass transition region.
The complete explanation of the mechanism of glass transition and physical hardening is beyond
scope of this paper and can be found in Bahia and Anderson [57], Tabatabaee et al. [91] and

Bahia and Velasquez [92].

If cooling rate is sufficiently slow, the specimen has ample time to fully contract; but as
the cooling rate increases, although core of samples can reach conditioning temperature, the
amount of delayed contraction increases. The delayed contraction takes place over time after
sample core reaches isothermal contraction, hence causing the specimen to buildup thermal

stress while at a constant temperature. After sufficient time has passed, all samples achieve full
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contraction, thus ultimately building up the same amount of thermal stress. An example of this

behavior is shown in Figure 24(a) and (b).

An important consequence of the observed behavior is that thermal stress will build up at
slower rate during cooling if the rate is high enough to not allow for complete contraction during
the cooling period, as shown in Figure 25. Although at first glance this seems counter intuitive, it
must be pointed out that for sufficiently slow cooling rates in which full contraction is taking
place during cooling, the trend will be opposite, as the slower cooling rates will allow for more
thermal stress relaxation and consequently a lower rate of stress build up during cooling. It is
important to note that relaxation and time-dependent strain happen continuously and
simultaneously during thermal loading. Depending on the relative rate of these two competing
phenomenon at any given time, temperature, and cooling rate, one or the other will be dominant.
Thus, an increase in thermal stress will result when time-dependent strain is accumulating at a

rate higher than the decreasing effect of modulus relaxation, and vice versa.
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Figure 25 Comparison of thermal stress during cooling and isothermal conditions at 0.1 and

1°C/min cooling rates.

Figure 26 highlights a noteworthy observation during sample thermal stress buildup with
and without isothermal conditioning. It can be seen that the trend of stress buildup when the
temperature was decreased at a constant rate down to the point of cracking varies significantly
from the sample which is cooled at the same rate but held isothermally at a certain temperature.
The asphalt mixture beam held isothermally built up stress over time at a constant temperature to
stress levels achieved at temperatures about 12°C lower when the sample was continually cooled
(see Figure 26). This important observation points out the possibility of pavements cracking at
temperatures well above what is expected, if held isothermally at low temperatures for a period

of time.
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Figure 26 Typical stress build up in restrained beam using the ATCA, with and without the

isothermal conditioning step.

Another important observation made during isothermal conditioning of various asphalt
mixtures is shown in Figure 27 and Figure 28. It is observed that during isothermal conditions,
mixture samples can reach a critical value of thermal stress that result in sample fracture. The
importance of this observation becomes more apparent when considering that under continuous
constant cooling these samples would not have built up this level of stress until temperatures
well below the current fracture temperature. This may easily explain discrepancy between
predicted low temperature cracking temperatures and observed under- performance in the field,
underscoring the importance of considering the potential of isothermal contraction and time-
dependent strain in asphalt material when selecting appropriate material for specific climatic

conditions.
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Figure 28 ATCA restrained beam fracture under isothermal conditions (MN County Road 112-
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The relationship between isothermal physical hardening of asphalt binders with that
observed in asphalt mixtures was also investigated by comparing the performance of field
sections constructed in a county road in Minnesota. Mixtures using binders of identical
Superpave performance grades (PG 58-28) were used in the construction of the test sections.
After being exposed to identical climatic conditions, one of the sections was observed to have

cracked two times more than the others. Although various performance tests failed to
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differentiate the asphalt binders significantly, physical hardening tests using both the Bending

Beam Rheometer for the binders and the ATCA for the asphalt mixtures showed that one of the
binders has considerably higher susceptibility to isothermal contraction than the other. This

binder corresponds to the worse field performance, as indicated in Figure 29.
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Figure 29 Comparison of physical hardening susceptibility of two binders of identical Superpave
performance grades through (a) testing the mixture in the ATCA, and (b) testing the binder in the
BBR (S is BBR creep stiffness, Sy is initial stiffness measurement).
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5. Modeling Physical Hardening in Asphalt Materials

5.1. Overview

Although many researchers have recognized and measured physical hardening of asphalt binders,
the factors that affect the rate of this phenomenon are not well defined, and there is no simple
model for predicting its effects on binder rheology. The purpose of this chapter is to explain the
factors affecting physical hardening in an asphalt binder, as the amorphous viscoelastic
component of an asphalt pavement, and to propose a model in which the physical hardening of
asphalt binders can be quantified and extended to different conditioning times and temperatures

without lengthy tests.

Results from the experimental data produced as part of this study were combined with
experimental data from previous studies to enable a broad analysis and derivation of conceptual
conclusions regarding the nature of physical hardening in asphalt binders. Following the free
volume concept, it is shown that physical hardening can be modeled as a function of isothermal
time by a modified mechanical creep model. The model is used to predict physical hardening as
a function of glass transition, conditioning time, and temperature. The findings and conclusions
of this chapter serve as the basis for overall thermal cracking analysis framework that is further

developed in the consequent chapters.

5.2. Quantification of Physical Hardening

Pavement material researchers have commonly used parameters based on the BBR creep
stiffness, S(t), to assess the amount of physical hardening in asphalt binders. The most common
parameter is the hardening index (i.e., Si/Sp), defined as the ratio of the BBR creep stiffness after
a specific conditioning time (t;) to the initial creep stiffness, often measured after 1 hour of

conditioning at the test temperature (t,). In this study, the hardening index was modified to
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reflect relative changes in stiffness, which will be called “hardening rate” (AS/Sp). The change in

stiffness (AS) is calculated as the difference in S(60) at time t; to the initial S(60), which was

measured after one hour of conditioning.

Material behavior trends were analyzed for the 55 binders included in the study, as a
function of isothermal conditioning time and temperature. Although it is generally assumed that
at lower isothermal condition temperatures the rate of physical hardening increases, the
experimental data showed otherwise for many binders. For all SHRP binders, the hardening rate
at -35°C was in fact less than the rate at -25°C. Lu and Isacsson [69] tested a wide array of
modified and unmodified binders and observed that for three of the five tested base binders the
maximum hardening index (i.e., Si/Sp), was achieved at the lowest experimental temperature
(i.e., -35°C), while for the other two base binders and their corresponding modified binders, the

maximum index was observed at higher temperatures [69].

Thus from the total of 55 binders considered, 21 binders showed a decrease in hardening
rate when the temperature decreased beyond a binder-specific temperature. The existence of a
“peak” in the hardening rate as the temperature is decreased, and the subsequent decreasing rate
of hardening observed in the experimental data, suggests that a limiting lower temperature may
be reached at which physical hardening no longer takes place within experimental time. This
was schematically shown in Figure 12 on page 31 of this document. Based on the free volume
concept it may be inferred that when conditioning temperature is lower than this limiting
temperature, the material volume no longer tends toward the original equilibrium line over time,
instead it tends toward a state with a higher energy level than the theoretical thermodynamic

equilibrium state. In other words it is hypothesized that the ultimate volume after physical
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hardening ceases to take place is represented by the extension of the linear region on the specific

volume-temperature curve that occurs below the glass transition region (Figure 12).

Based on this hypothesis in this dissertation it is suggested that the occurrence of
measureable physical hardening within experimental time frames is limited to the glass transition
region. Furthermore, the peak physical hardening rate would happen at the temperature specified
by the intersection of the two asymptotic lines of the specific volume-temperature curve (Figure
12). At this point the molecular free volume level has the highest deviation from the two linear
“non-transition” states. This temperature is commonly referred to as the “glass transition
temperature”. Thus any accurate prediction model for physical hardening should include the
position of the target conditioning temperature relative to the glass transition region of the

binder.

5.3. Model Development

5.3.1. Development of Model to Predict Physical Hardening

The proposed hardening model is based on concepts of rheological response of viscoelastic
materials. In rheology, creep is defined as the progressive deformation under a constant stress.
Creep in a linear material is a function of time only [93, 26]. One may describe creep as the
gradual redistribution of the molecules or change in morphology, resulting in a decrease in the
creep stiffness. Physical hardening can similarly be described as a time dependent change in the
morphology due to deviation from thermodynamic equilibrium, causing increase in stiffness. The

Burger’s model is often used to model the creep behavior in asphalt:

G1

_t_
ﬂg=é+é@_eng+%t 0
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Where, y(?) is the strain as a function of loading time, t, z is the applied stress, and Gy, Gy,

no and 7 are the elastic and viscous material constants. Burger’s model consists of a Maxwell
and Kelvin models in series. At lower temperatures the effect of physical hardening can be

described by the Kelvin model:

y(t) = Gi (1 - e‘tfr_i) (2)

The basic property that changes during physical hardening is segmental or molecular
mobility due to reduction of free volume; which is also claimed to be directly related to
deformation under creep loading [25]. The amount of free volume controls molecular mobility,
which in turn controls the rate of volume change which is responsible for the rate of hardening.
Thus, the controlling factor in the hardening rate would be the volume difference relative to the
equilibrium state, as previously shown in Figure 12. This difference increases as temperature
approaches the glass transition temperature, after which it starts to decrease. This concept

explains the mechanism behind the observed trend in hardening rate as temperature decreases.

A modified creep model can be adjusted to explain physical hardening behavior. In such
a model, strain or relative change in deflection (i.e., Al/l,), can be replaced by relative change in
volume, AV /V,, which according to the free volume concept can be taken to be directly
proportional to relative change in stiffness, or hardening rate (i.e., AS/S,). Hardening rate can be

measured in the laboratory using the BBR and thus used as input in the model in place of AV /V,.

Creep is usually driven by the stress of an applied load. In the physical hardening case,
the “creep” can be considered to be induced by the excess internal energy due to the deviation of
the material from thermodynamic equilibrium within the glass transition region, thus a “stress”

parameter based on the relative position of the conditioning temperature from the glass transition
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temperature, and the length of the glass transition region is used for the model. In this case the

loading time corresponds to the conditioning time (t).

As described previously, the rate of physical hardening (i.e, AS/S,), peaks at a certain
temperature, and decreases toward zero as the temperature approaches the beginning and the end
of the glass transition region, as shown in Figure 30. This trend is taken into account to formulate
the “stress” term for the hardening model. In this study, the following empirical equation was

shown to fit the observed behavior of physical hardening very well:

-9(T-Tg)?
Tp=e 202 3

Where 77 is the “stress” term as a function of the conditioning temperature, T. Ty is the
temperature at which physical hardening peaks, found to be equivalent to the glass transition

temperature, thus hereby replaced by Tg,, and 2x is the length of the glass transition region.

From the experimental data it is recognized that the variation of zr around temperature Ty
is not completely symmetrical, but is in fact slightly skewed toward the higher temperatures
(resulting in a larger transition region below Ty), but for simplicity a symmetric formulation is
used in (3). Figure 30 schematically explains the symmetry, as well as defining the parameter

“2x”. Using (2) and (3), the model can be rewritten as:

—9(T-Tg)?
LAV s e @V () e—tC% .
Yy = Vo T se c [4]

In which:

° i—s is the hardening rate,
0
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AV . .
o - is free volume relaxation rate,
0

e Ty isthe glass transition temperature and peak temperature for hardening rate
(°C),

e T is the conditioning temperature (°C),

e t.is the conditioning time (hrs),

e 2xis the length of the temperature range of the glass transition region (°C), and

e G and 5 are model constants, derived by fitting the model

L

Temperature

]
I =]

Figure 30 Empirical function used to account for glass transition temperature in prediction model.
(2x is the length of the glass transition region)

A three-dimensional representation of the physical hardening as a function of

conditioning time and temperature is shown in Figure 31.
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Figure 31 3-D representation of the physical hardening model for a glass transition temperature of -

20°C

This model was fitted to the experimental data using the least squared errors, using Tg(
the glass transition temperature) measured using the dilatometric method reported by Bahia and
Anderson [57] and allowing the model to fit the length of the glass transition region to the data.
As shown in Figure 32 through Figure 34, the results closely predict the experimental data.
Furthermore, the model predicted a decrease in hardening rate as the temperature passed the
glass transition temperature, as was evident in the experimental data from the samples
conditioned at -35°C. A goodness of fit of 92% observed between measured and predicted
hardening rates for the 8-core SHRP binders indicates the validity of assuming the glass

transition temperature to be the peak temperature for the rate of physical hardening (Figure 33).
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Figure 32 Comparison of model described by (4) with experimental data. (Hardening rate= AS/S0)
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Figure 33 Goodness of fit between the predictions using Equation (4) using T, for T, and the

experimental data. (Hardening rate= AS/S0)
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Figure 34 Goodness of fit between model described by (4) with fitted TO and experimental data.

(Hardening rate= AS/S0)

In a second set of runs instead of using the glass transition temperature as the peak
temperature, the model was allowed to find the peak temperature based on the best fit to the
experimental data. The resulting fitted peak temperatures were only within a few degrees of the
measured glass transition temperatures. This indicates that if BBR data from a few testing
temperatures is available; the model can be used to estimate the T4 from the experimental
hardening rate data. Figure 34 shows the goodness of fit of the model for fitted values. Figure 35
shows the experimental and modeled trend of hardening rate after 24 hrs of conditioning against
the difference between the conditioning temperature and the fitted TO. It can be seen that the
hypothesized bell shaped trend shown in Figure 30 resembles the experimental data in Figure 35.

A similar trend can also be observed in data reported by Planche et al. [4].
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It must be noted that for every binder, G and 7 are unique material parameters which are

independent of temperature and conditioning time. Thus, by fitting the model to data from a

single temperature, one may use the resulting G and 7 to predict the physical hardening at any

other temperature or conditioning time.

% Binder 1 x Binder 1 Model ® Binder 2 Binder 2 Model
mBinder 3 OBinder 3 Model ABinder 4 ABinder 4 Model
¢ Binder 5 ©Binder 5 Model =Binder 6 =Binder 6 Model
0.6
‘ [l =N =
— Uoo€
- m - _X4
\UT g e L 4 E\ \\ N\
S P4 e ' e
~ /\/ ~
< ol 04 — ik
N s 7 ® 0\
— 7/
@© 7 v 7 A -~ & .
£ St ,ka%.z'\x ~
14 s, /e P - /N
=2 7 s % X N
= % /7 ¥
L N2
[ ‘ Uz
S g
= m 4L
© - —=--
L 0.1 S
a)
\v)
-25 -15 -5 5 15 25
T-Tg (°C)

Figure 35 Predicted and experimental hardening rates after 24 hrs plotted against difference of
conditioning temperature to estimated Tg (T-Tg). (Hardening rate= AS/S0)

One of the main objectives of developing this model is the ability to predict behavior
from fewer tests or easily available data. For the proposed model, two possible prediction
methods are considered. The first and simplest method would be to use three hardening rate data
points from a BBR test carried out at a single temperature after relatively short conditioning

times, along with the glass transition temperature to fit the model and use the resulting G and »
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to predict the effect of much longer conditioning times or other conditioning temperatures.

Although this is an improvement compared to the much longer conditioning times as well as
other temperatures. It must be noted that as with any non-linear model, the closer the input data
points are to each other (or in this case, the shorter the conditioning times used), the lower the

accuracy of the extrapolation of the model to much longer conditioning times.

The second method is to find regression functions that can be used to relate BBR creep
stiffness, S(60), or m-value at 1 hour conditioning, to predict the model parameters G and #. A
promising relationship was observed between S(60) and conditioning temperature from the
SHRP binders and the model parameters. As shown in Figure 36, a power law was fitted to the

curve for all binders and the A and B parameters were determined as described in (5).
S(60) = A|T|? (5)

Where A and B are statistically fitted constants and T is the measurement temperature in

°C.

The A and B parameters were plotted against G and . No apparent relationship existed
with the A parameter. However, an interesting correlation was established using B from the

SHRP binders. The relationships can be seen in Figure 37.
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Figure 36 S(60) after 1 hr conditioning for one of the SHRP binders plotted against test
temperature.

The correlations showed that parameter G and parameter B are very similar. This equality
IS very important and more investigation into this relationship should be considered. Using the

relationships shown in Figure 37, (4) can be rewritten as:

-9(T-Tg)?
AS  1.4*e 2(0? B
g = T 1-e19411In(B)+14.54 (6)

in which:

. i—s is the hardening rate
0

o Ty is the peak temperature for hardening rate, assumed to be the T4 (°C)

e T is conditioning temperature (°C)

e t.is the conditioning time (hrs)

e 2xis the length of the temperature range of the glass transition region (°C)

e B is derived from (5)
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Figure 37 Correlation between G and B (a), and nj and B (b) for the SHRP binders.

Equations such as (6) can be used to predict the hardening rate for other binders at any
temperature and conditioning time, using only S(60) at 1 hr from BBR grading tests and the Ty.
A comparison between this predicted model and the measured data is presented in Figure 38 for
the tested binders. The applicability of using the proposed physical hardening model for different
binders will increase as data from more binders are used to refine the observed relationship
between the parameters. Although requiring measuring T4 may be inconvenient, this study has
clearly shown that the glass transition behavior of a binder is one of the controlling factors in the

physical hardening phenomenon and no model can accurately describe it without taking the glass

transition into account.
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Figure 38 Goodness of fit between model described by (6) using T, for T, and experimental data.

5.3.2.

5.3.3. Extension of Model for Prediction of m-value

It has been observed by researchers that physical hardening not only affects the binder stiffness,
but also changes the binder relaxation properties, commonly quantified by the BBR m-value [3,
71]. Knowing the changes in both S(60) and m(60) over the course of isothermal conditioning is
critical if an assessment of Superpave performance grade change with physical hardening is

desired.

Bahia and Anderson [59] found that the approach used to account for the effect of
changing temperature in viscoelastic materials (i.e., time-temperature superposition principle)
could be applied to the stiffening effect of physical hardening with conditioning time by using a
shift factor on the time scale [57, 58, 59, 94]. They reported that creep curves obtained at the
same temperature but at different conditioning times can be superimposed into a “hardening”

master curve [9].
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Thus for physical hardening of asphalt binders, similar to temperature shifting, stiffness

at isothermal conditioning time (t;) and loading time &, can be shifted to a reference conditioning
time (t..rer) and a reduced loading time &. This concept is expressed in (7) and shown in Figure

39.
St = S )tores (7)

Extending this reasoning, one may conclude that the m-value after isothermal
conditioning time t;, and loading time &, or “m(¢&).”, can be shifted to match the m-value at a

reduced loading time & at the reference conditioning time tc.r¢. This is expressed as Equation (8):

m(§)e, = M(Sr)eres (8)

Using this method, m(60) at any conditioning time can be predicted using the model
described in the previous section to first predict S(60), then shifting the creep stiffness to the
reference condition to find & based on (7) and the hardening master curve at the reference
conditioning time (Figure 40). Finally (8) is used to find the m-value for the target conditioning

time.
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This method was used to predict the m-value using the model predictions for a number of

the studied binders at four temperatures ranging from -10 to -35°C and conditioning times up to
96 hrs. The results were plotted against the actual m-values measured using the BBR at the target

conditioning time and temperatures, in Figure 41.
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Figure 41 Goodness of fit between predicted m-values described by (9) and experimental data.

It can be seen that the predictions and measured results agree very well. Thus the model
can be used to predict both the S(60) and the m(60) after isothermal conditioning. This can be
very useful for specifications requiring performance grading after isothermal conditioning,

without the need for carrying out lengthy physical hardening tests.
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5.4. Extending Asphalt Binder Physical Hardening to Mastics and

Mixtures
5.4.1. Physical Hardening of Asphalt Mastics
Previous sections discussed the development of a model for prediction of physical hardening in
asphalt binders. Asphalt binders perform as the continuous phase of a composite material. Often
asphalt mixtures are considered in a multi-scale fashion, the finest of which would be the binder
scale, followed by the “mastic” scale which is a composite of aggregate filler particles (particles
smaller than 0.075 mm) in a binder matrix and finally the asphalt mixture scale in which asphalt

mastic forms the continuous phase in a composite with larger aggregates.

In order to relate binder physical hardening to that of asphalt mixtures it was determined
that mastic behavior at isothermal conditions must be first investigated. To achieve this a neat
binder was modified with 40% by volume of three types of filler mineralogy, namely granite,
limestone, and dolomite. These mastics were conditioned at -12, -18, and -24°C for 48 hours and
the evolution of stiffness was monitored using BBR measurements after 1, 2, 4, 24, and 48 hours

of conditioning.

The binder phase, as the only fraction undergoing hardening, only accounts for 60% of
the mastic, while the remaining 40% of volume is taken by non-hardening mineral filler
particles. Thus any hardening in the mastic will only be the result of the hardening of the binder
phase as modified by the interaction with the mineral filler. For this reason, in order to define a
hardening rate one must isolate binder hardening from the measured total mastic hardening. The

simplest method for doing so would be following the procedure shown in equations (9) to (12):

Smi = QrSs + QpSp; (9a)
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(9b)

(10)

(11)

(12)

The resultant hardening index would be that of the binder phase of the mastic, and any

difference from that of the pure binder hardening would be due to the association of the binder

and filler. Results are shown in Figure 42.
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Figure 42 (a) Measured mastic hardening index after 48 hrs without adjustment, and (b) mastic
hardening index after 48 hrs adjusted for binder content and shifted to Tg

From Figure 42 It is observed that for all filler types, the mastics showed higher

hardening indexes than that of the pure binder sample. The difference further increased once the

hardening indexes were adjusted for the binder volume fraction. Furthermore, it is observed that
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if the hardening index curves are plotted on an axis of temperature difference with mastic T, all

binders and mastic hardening index curves seem to peak near their respective glass transition
temperatures. This observation is in agreement with previous discussion of the relationship
between binder physical hardening and Tg, and subsequently the developed model. Based on
these results the binder physical hardening model was fitted to the mastic hardening curves, as
shown in Table 7 for both adjusted and unadjusted data. Figure 43 shows the unadjusted
hardening index after 48 hrs of conditioning. The unadjusted goodness of fit is shown in terms of
predicted versus measured hardening indices in Figure 44.The fit was relatively good, although
occasionally some difficulty was encountered due to experimental repeatability. Analysis of
model parameters in Table 7 shows that the addition of mastic decreased the G parameter by an
average of 2.5 times and n by an average of 3.1 times. The biggest change in parameters was for
granite, while the dolomite decreased model parameters the least. Comparison of overall
hardening values for all fillers at all test times to that of the base showed that by average
presence of 40 percent filler by volume of mastic increased hardening by 2.55 times, with a
standard deviation of 0.55, approximately a 6.4% increase in hardening per increase of 1% of

mineral aggregate volume fraction in mastic.

Table 7 Fitted model parameters for studied asphalt mastics

arameter bl BIOSE Gles,  Basesz O Baeds2 0
G 3.45 47 1.29 4.84 157 33 1.34
P 52.5 72.7 21.67 123.3 42.67 17.5 7.07
T -10.00 -14.50 -14.50 -18.10 -18.10 -18.00 -18.00

X 27.37 19.05 17.25 30.00 30.00 11.65 13.40




—t—FH —i—-GS2 = |_S2 —e—DS2
¢ FH-Modeled O GS2-Model LS2-Model O DS2-Model

N 2068
U JJ

0.30

AS/S, at 48hrs (-)

-15.00 -10.00 -5.00 0.00 5.00 10.00 15.00
T-Tg (°C)
Figure 43 Comparison of mastic hardening with fitted model predictions

0.40 -
W Base X Base+DS2

0.35 - @ Base+GS2 Base+LS2

0.30
0.25
0.20
0.15

0.10

Predicted Hardening index (-)

0.05 7

0.00 ™ . . . .
0.00 0.10 0.20 0.30 0.40

Measured Hardening Index (-)
Figure 44 Goodness of fit for mastic hardening prediction




72

As previously mentioned, all mastics showed higher hardening than that of the asphalt
binder without mineral filler. It is postulated that this may be due to the absorption of binder
asphaltene on the significant surface area of the particles, thus leaving an asphalt matrix with a
higher maltene volume fraction. The low service temperature glass transition temperature in
asphalt is due to its maltene phase, as the asphaltene phase glass transition temperature is
expected to be near high service temperatures. Thus it is believed that the maltene phase,
consisting of aromatics and polar components, is the primary hardening fraction in asphalt.
Consequently by increasing the maltene volume fraction in the asphalt it is expected that the rate
of isothermal hardening would also increase. Details of the asphaltene absorption mechanism
and the physico-chemical interaction of asphalt and mineral fillers are beyond the scope of the

present study and have been discussed elsewhere [95].

5.4.2. Physical Hardening of Asphalt Mixtures

Assuming that the matrix softening is a function of aggregate specific area, as suggested by
Clopotel et al [95], initis reasonable to assume that the change of glass transition in the whole
mixture could be estimated by extending the specific area of the mineral filler to that of the total

mixture and adjusting the glass transition temperature accordingly.

The sieve analysis results for the overall aggregates in the mixture was used to determine
the approximate ratio of total aggregate area to that of the passing #200 sieve filler, and
subsequently adjust the change in T4 accordingly. The approximate surface area of the total
aggregate gradation to the mineral filler, Rs, was calculated as shown in (13), assuming spherical

particles:
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N_(p _p ) A0/ oy (Pp-Pp_)
_ Yn=1(Pn=Pn-1) 4/an(Dn/2)3 _ In=1 nDnn - 13
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In which:

e nis the sieve number and N is the total number of sieves,
e P, is the percent by weight of aggregate passing sieve n, and

e D, is opening diameter of sieve n,

Using the above equation for a mixture made with granite aggregates of the gradation
shown in Table 8, the Rs value was calculated to be 3.97. Using data from Clopotel et al. [95] the
change of Ty with addition of volume fractions corresponding to the mixture Py (24.2% of
binder by volume) was determined to be approximately -3.5°C. Thus for an R of 3.97 the
decrease in base binder Tg would be approximately 3.97x(-3.5°C), resulting in an estimated
mixture Tq of -23.5°C. The actual measured Ty for the asphalt mixture in question was measured
using the ATCA to be -21.9°C which seems to be reasonably close to the estimated value based
on the granite mastic. Unfortunately complete mixtures using dolomite and limestone aggregates
for comparison to the corresponding mastics were not available to further validate this estimation

method.
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Table 8 Aggregate gradation for mixture made with granite aggregates and Flint Hill base binder

Sieve Opening Size Percent Passing
(mm) (%)
25 100
19 99.7
12.5 78.6
9.5 64.5
4.75 41.1
2.36 27.4
1.18 18.7
0.6 12.9
0.3 7.8
0.15 4.9
0.075 3.2

Assuming that the free volume concept applies to physical hardening of asphalt, as shown
extensively in the literature [59, 58, 8], the rate of hardening is proportional to the change in free
volume of an amorphous material. As discussed previously, measuring the magnitude of free
volume is extremely difficult; instead the change in free volume has been measured using
extremely accurate mercury-based dilatometric systems. Attempts to measure free volume
change in isothermal conditions using the ethanol dilatometric system used in the present study
for asphalts was ultimately unsuccessful due to the signal ambient noise level being close to the

order of expected free volume change.

Bahia [59] estimated asphalt binder free volume by measuring the difference in volume
in the transition area to that of the extension of the liquid equilibrium volume. For the binders
studied the average difference at the binders’ Ty was approximately 1x10™* cm®*cm?. Magnitudes

of isothermal free volume change close to the glass transition for various amorphous materials
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were gathered from literature as a point of reference and comparison. For a-PMMA the free

volume isothermally decreased by 4 to 14x10™* cm*/cm? before stabilizing [50]. For poly-styrene
these values were between 5 to 20x10 cm®/cm? in [27], and between 7 to 21x10™* cm®cm?® in
[29] when cooled to the isothermal temperature at 1°C/min, and around 20x10* cm®/cm?® when
measured at polystyrene’s glass transition temperature (95°C) [32]. For poly-vinyl-acetate
(PVAC) the isothermal contraction at T, was reported as being 15x10™* cm®/cm® [49]. For
isotactic Polypropylene free volume reduction of 25x10™* cm*/cm?® was reported [54]. For epoxy,
volume relaxation during physical aging near the Ty was measured to be in 22x10* cm®/cm®
[45]. In all reported materials a range of 4 to 25x10 cm®cm?® reduction in free volume is
observed when material is kept isothermally near the glass transition. Furthermore, work by
Hadac et al. [29] showed that for poly-styrene decreasing cooling rate down to the isothermal
state from 1°C/min to 0.1 and 0.01°C/min reduced the ultimate volume relaxation magnitude by
a factor of 0.6 and 0.3, respectively. Thus for the purpose of estimation, an average ultimate free
volume change of 1x10* cm®/cm?® was selected for asphalt cooled at a rate of 1°C/min (60°C/hr)
to its T and kept isothermally, which was reduced to 0.6x10™ and 0.3x10™ if cooled at a rates of

0.1°C/min (6°C/hr) and 0.01°C/min (0.6°C/hr), respectively.

Following the above discussion, it should be possible to convert the isothermal change in
stiffness measured for the asphalt binder and mastic to linear isothermal contraction strain in the

mixture, with consideration of the relatively small volume of binder in the entire asphalt mixture.

For the binders in the present study the average ultimate ratio of change in stiffness was
about 30% close to the binder T4. Assuming that the stiffness change is associated with the
maximum isothermal volume change of 1x10™* cm®/cm?, each percent of isothermal hardening

would be associated with 0.033% volume change in the binder.
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Using the increased hardening of 6.4% per for each 1.0% increase in mineral filler

volume fraction calculated in the previous section, and the R filler to bulk mixture specific area
ratio of approximately 4.0, for a filler with a specific weight of 2.4 kg/cm?® and a 3.2% P200
(24.2% by volume of mastic), the binder physical hardening magnitude would increase by
approximately 6 times. This would increase the previously derived value of 0.033% for volume
change in the binder to 0.2% per percent hardening of binder, for the binder present in the

mixture aggregate system.

Assuming isotropy in the asphalt binder and mixture, isothermal linear strain would be
1/3 the volumetric strain change of 0.2% per percent binder hardening. Thus linear isothermal
strain in the binder phase of an asphalt mixture would be roughly 0.067% per each percent of
binder isothermal hardening. Adjusting by volume fraction of binder in the total mixture
(assuming 11% by volume binder, 4% air voids and 85% aggregate) this value would reduce to
0.0087% strain per each percent of binder isothermal hardening cooled at a rate of 1°C/min, and
0.0052% and 0.0026% for cooling rates of 0.1°C/min and 0.01°C/min. If no aggregate-asphalt
interaction is assumed (no additional hardening due to the presence of mineral filler), these
values would further decrease by a factor of 6 to 0.00145% at a cooling rate of 1°C/min,
0.00087% at 0.1°C/min, and 0.000435% strain per each percent of binder isothermal hardening
at a cooling rate of 0.01°C/min. Intermediate rates are interpolated logarithmically. This
conversion factor will hereby be referred to as the “Binder-Mixture Conversion Factor” or

BMCEF for short.

As previously discussed, one may describe creep in viscoelastic material as the gradual
redistribution of the molecules or change in morphology, resulting in a decrease in the creep

stiffness. The creep behavior can be envisioned as similar to the behavior observed in physical
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hardening. Thus it is proposed that a modified version of the model shown in equation [4] be

used for the prediction of the time dependent strain in asphalt mixtures caused by physical
hardening at different temperatures and conditioning times. This model has the same general
form of that of the asphalt binder (4), but the existence of an elastic aggregate component and the
aggregate structural properties will affect the model constants. The resulting model would have
the general form shown in equation (14).

—a(T-Tp)?

(22)2 _t M
€py = BMCF - &2 (1 —e tch) (14)

Gm
In which:

e €py is the time dependent strain (physical hardening),

e Ty is the peak temperature for hardening rate, assumed to be the Tg (°C),

e T is the conditioning temperature (°C),

e t.is the conditioning time (hrs),

e 2x is the length of the temperature range of the glass transition region (°C),
e Gy, and ny are model constants, calibrated to fit asphalt mixture behavior,

e BMCEF is the “Binder-Mixture Conversion Factor.”

5.5. Chapter Summary

In this chapter a prediction model for the rate of physical hardening at different temperatures and
conditioning times was proposed based on a creep viscoelastic model, and concepts derived from
the study of a large number of modified and unmodified binders. Based on the results, the

following important findings can be stated:
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The rate of physical hardening does not increase indefinitely as temperature decreases.

Based on literature review and the experimental data collected, it is found that the rate of
hardening peaks at a specific temperature, and approaches zero as the temperature
increases or decreases toward the limits of the glass transition region. It is shown in this
study that the peak temperature corresponds to the glass transition temperature of the
binder as estimated from intersection of the liquid and glassy asymptotes representing

equilibrium conditions.

A creep model is developed and is shown to be able to reflect the change in physical
hardening rate as a function of conditioning time and temperature. The model can be used
to predict changes in BBR parameters (i.e. S(60) and m(60)) after various isothermal

conditioning times.

The model parameters, G and 7, were shown to be unique material parameters that
remain constant at all conditioning times and temperatures. Thus, by fitting the model to
three stiffness values at a single temperature and having the T4, one may predict the

physical hardening at any other temperature or conditioning time.

The model can be written in terms of S(60) measured after 1 hr conditioning and the

binder Ty, using correlations from existing performance grading (PG) data.

The proposed model can be very useful for specification purposes if isothermal
conditioning needs to be taken into account. The use of this model can shorten lengthy

tests usually needed for physical hardening characterization.
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e The rate and magnitude of physical hardening in the binder was related to that observed

in the asphalt mastics and used to develop a “Binder-Mixture Conversion Factor” to link

measured binder isothermal hardening to isothermal contraction in asphalt mixtures.
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6. Modeling Thermal Stress in Asphalt Mixtures Undergoing Glass

Transition and Physical Hardening

6.1. Overview

In this chapter a model accounting for the glass transition and physical hardening during the
thermal stress buildup in mixtures is proposed. The theoretical approach is derived using
relaxation modulus master curves, the William-Landel-Ferry equation, Boltzmann superposition
principle, and the modified creep model discussed in the previous chapter to account for physical
hardening. The model is used to show that thermal stress relaxation and stress build-up induced
by physical hardening can continuously affect thermal stress throughout the cooling process.
Cooling rate also affected the amount of delayed stress buildup occurring after the temperature

had stabilized at isothermal conditions, as a result of the physical hardening.

As described in previous chapters, using the ATCA device, many relaxation experiments
were carried out at different cooling rates, isothermal temperatures and isothermal relaxation
times. For all experiments thermal stress was observed to build up as the temperature decreased
in the restrained beam. When the sample reached the isothermal stage, the sample continued to
build up stress even after the core temperature had stabilized. Isothermal contraction was also
observed simultaneously in the unrestrained beam. As the isothermal conditions continued, the

stress gradually started to relax.

An important consequence of the observed behavior is that thermal stress builds up at a
slower rate during cooling if the cooling rate is high enough to not allow for complete
contraction during the cooling period. Although at first glance this seems counter intuitive, it

must be pointed out that for sufficiently slow cooling rates in which full time and temperature
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dependent contraction is taking place during cooling, the trend will be opposite, as the slower

cooling rates allow for more thermal stress relaxation, and consequently a lower rate of stress

build up during cooling.

The importance of the observed behavior is its implications for the validity of the current
method for thermal stress calculations. Currently, the prevalent method for thermal stress
measurements is to use a restrained beam geometry for which the rate of potential thermal strain
is calculated using appropriate coefficients of thermal contraction; and coupling this input with
the calculated change of the relaxation modulus, to ultimately estimate the resulting net stress in
the specimen. The relaxation modulus in this method is a function of both loading time and
temperature, thus accounting for stress relaxation in the viscoelastic material. On the other hand,
thermal strain is assumed as only a function of temperature, thus the time dependency of the
strain, especially when approaching the glass transition temperature is ignored. This assumption
leads to a deviation from the true thermal stress build up as the temperature approaches the glass
transition region. Such discrepancies have been noted by previous research when comparing
experimental and calculated thermal stress, but have usually been attributed solely to the
unreliability of relaxation modulus maser curves or the coefficients of thermal contraction in this

temperature range.

In this chapter a method is introduced to address this deficiency by accounting for the
time dependency of thermal strain in the glass transition region. The procedure is used to
theoretically predict the aforementioned behaviors during the thermal history of an asphalt
mixture. The results are used to demonstrate the importance of accounting for the glass transition

temperature in the prediction of thermal stress in asphalt pavements.
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6.2. Model Input and Assumptions

6.2.1. Constructing Relaxation Modulus Master Curve

Asphalt binders can be considered as thermo-rheologically simple material. For such materials,
the change of rheological properties at a constant loading time due to temperature’s change can
be assumed to be equivalent to the change due to loading times’ change at constant temperature.
By shifting a range of material property curves (such as the relaxation modulus as a function of
time) measured at different temperatures along the loading time, a “master curve” of the material

property may be generated at a selected reference temperature.

The creep and relaxation behavior of viscoelastic materials are directly related to one
another, such that a material that has a faster creep rate will also relax the built up stress quickly
[62]. The relaxation modulus tests are rarely conducted for asphalt mixtures. Instead the creep
compliance master curves or the dynamic modulus master curves are constructed based on the
results of tests such as the indirect tensile creep test and the asphalt mixture dynamic modulus
test, and numerically converted to relaxation modulus values [90]. Creep compliance and
relaxation modulus are related by a convolution integral, which may be used to convert the creep

compliance to relaxation modulus [62, 96].

In the present study the dynamic modulus master curves generated using WLF shift
factors were fitted using a Generalized Maxwell Model master curve, for which a closed form
solution for the conversion from complex to time-domain relaxation modulus exists [97], as
shown in equations (1) and (2). The frequency was converted to time domain following

procedure described by Christensen [98]. The relaxation modulus master curve was then



83
converted to a sigmoidal stretched exponential master curve form, so that it can be used in the

thermal stress calculation framework, as will be described in following sections.

2.2 )
E*(w)=E, + X" B ——s + i Y — (1)

L 1+w?27? P 1+ w27
E(t) =E, + X}, Eie™t/m 2
Where

e E.is the equilibrium modulus,
e E; are spectral intensities, and

e 7 are relaxation times.

6.2.2. Thermo-Volumetric Behavior and Glass Transition of Asphalt

Thermal stress calculations are based on the potential thermal strain of the mixture due to
temperature differential. Thermal strain is measured directly for asphalt mixture beams using the
ATCA device. In this study, the resulting strain is plotted as a function of temperature and fitted

using a formulation proposed by Bahia et al. [9]. The relationship is shown in equation (3).
Al T-rg1R(@1~ag)

eth=l—=C+ag(T—Tg)+ln{1+eR] } (3)
0

In which:

o lA—l is the relative change of length, or thermal strain,
0

e C s an intercept with no physical meaning,

e o and og are the liquid and glassy coefficients of thermal contraction/expansion, and

R is a parameter representing the curvature between the two linear asymptotes
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The formulation fits two linear portions to the curves above and below the non-linear

“glass transition” region, the slopes of which are defined as the liquid (ou) and glassy (o)
coefficients of thermal contraction/expansion. The temperature at the intersection of the two
linear sections is defined as the glass transition temperature (T4). The “R” parameter represents
the “strength” of the transition, which is a measure of the difference of slopes before and after
the transition as well as the length and curvature of the transition region. Equation (3) was used

to predict thermal strain at any given temperature in the present study.

6.2.3. Physical Hardening in Asphalt Binders and Mixtures

The prediction model for the rate of physical hardening at different temperatures and
conditioning times is based on a viscoelastic creep model, as developed in the previous chapter.
The model shown in equation (4) is used to account for the physical hardening strain in the
thermal stress buildup.

-a(T-Tg)?

(2x)? &
€py = BMCF%@ —e tCn) 4)

In which:

e ¢py IS the time dependent strain (physical hardening),

e Tyisthe glass transition temperature and peak temperature for hardening rate (°C),
e T is the conditioning temperature (°C),

e . is the conditioning time (hrs),

e 2x s the length of the temperature range of the glass transition region (°C),

e G, and 1 are model constants, and

e BMCEF is the binder-mixture conversion factor.
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6.2.4. Prediction of Thermal Stress Buildup and Relaxation

Thermal stress in a restrained beam of visco-elastic material is calculated using the following

convolution integral [10, 6, 62]:

ot)=[Et-5 72 ae ©)

In which:

e (1) is stress as a function of time,
e E is the relaxation modulus,
e cisstrain,

e & isreduced time.

The true nature of this integral is better understood if it is broken down to a finite number
of increments. The input thermal strain can be divided into small step increments for which the
relaxation response can be easily computed and added in time to obtain the total thermal stress,
according to Boltzmann’s superposition principle. Thus stress is calculated at any point in time
through summation of all stress increments at that time. This concept, known as the “Stieltjes

integration” [93], is depicted in Figure 45.

A o A AG(T, to+24%)
O
[ Ae(T,) Ao(Tototdt) | === ===
[ Ae(Ty) po(Toty)| ~ 1 -—-=-------
Ae(To) f R -
time > A time ~
@) (b)

Figure 45 Concept of incremental stress buildup and relaxation in viscoelastic material
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Following this logic, if at any point the temperature is held constant, stress in subsequent

steps will only be the sum of the relaxing stresses in previous steps, thus will continue to
decrease over time, since no additional stress can build up once temperature is held constant, the
total stress will begin to decrease immediately due to relaxation. This expectation, however, does
not match what is observed in the ATCA experiments due to the physical hardening and
continued shrinkage at constant temperature. In the proposed model, the addition of a time and
temperature dependent strain term is shown to be able to describe stress buildup trends very
similar to observations. The time and temperature dependent strain is calculated using equation

(4). Thus the total thermal strain would be as shown in equation (6).

€10t (6, T) = €cn(T) + €pu (L, T) (6)

Thus equation (5) is modified for consideration of both contraction due to temperature

reduction and time-dependent thermal strain, as shown in equations (7) and (8).

5% U 5)

o) = jE(t £)—1=rdg ()
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8lsm(T)+sph(r,t—§)Jd§

- ©

o) =[EC-9)

As equation (8) becomes exceedingly difficult to solve in comparison to the simpler form
of equation (5), oy IS calculated through the use of Stieltjes integration method previously
described over n time increments. In this methodology the strain term is applied to the

aforementioned procedure by multiplying the strain term by the relaxed modulus at the
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corresponding loading time, as shown in equations (9) to (12). The initially high rate of

isothermal strain will result in a gradual isothermal stress buildup. The rate of buildup will
gradually decrease as the modulus further relaxes, ultimately resulting in a gradual stress

relaxation.
A0 (1,,6) = BE(T) E(ry b1+ (n—i)at) ©)

o(T,,t) = Z Aa(T, t; + (n — ). At)
i=0

(10)
i=n
Jph(Tn»t) = z Eph(Tn;ti‘F(n—i)ﬂt) E(anti+(ﬂ—i)5t)
=0 (11)
Otot(Tn,t) = O(Tnt) T Oph (Tat) (12)

6.3. Validation

Thermal stress buildup and relaxation tests were performed on selected asphalt mixtures to verify
the accuracy of the proposed calculation scheme, and to show the influence of binder physical
hardening on mixtures stress history. The tests were done at 0.1 and 1 °C/min cooling rates,

during which the stress and strain in the beams were continuously monitored.

A full validation of the analysis setup was carried out for a well graded mixture of Flint
Hill neat binder and granite aggregate. For this binder and its corresponding mixture a full set off
dynamic modulus tests were performed at 3 temperatures (10, 25 and 40°C) and 4 frequencies

(0.01, 0.1, 1, 10 Hz) each to form the mixture master curves.
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The binder and mastic containing granite mineral filler using the Bending Beam

Rheometer by isothermal conditioning at 3 temperatures (-12, -18, and -24°C) and up to 72 hrs to
enable the fitting of the physical hardening model described in chapter 5. This model was then
shifted using the derived Binder-Mixture Conversion Factor (BMCF) for use in the mixture

calculation spreadsheet.

ATCA thermal strain and thermal stress tests were performed at both 6°C/hr and 60°C/hr
(0.1 and 1°C/min) for model input and comparison. Dynamic modulus conversion to time
domain relaxation modulus is shown in Figure 46 for the mixture with the neat binder and Figure
47 for the mixture with PMA binder. The dynamic modulus curves at each temperature were first
shifted using the WLF equation to generate a Generalized Maxwell Model master curve, and
converted to time-domain relaxation modulus using the existing closed form solution previously
discussed. All master curve parameters as well as the WLF constants were inputted into the

calculation spreadsheet.

Thermal strain measured by the ATCA, and the calculated relaxation modulus curves as
a function of temperature for both cooling rates (60°C/hr and 6°C/hr) are shown in Figure 48 and
Figure 49. The physical hardening model was calibrated using the neat binder and granite filler
mastic experimental tests and shifted using the un-adjusted BMCF. As expected, it is observed
that best agreement of predictions with the results is achieved if physical hardening terms used
are based on the mastic glass transition temperature measurements, instead of the binder or

mixture measurements.
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Figure 46 Conversion of dynamic modulus experimental data to relaxation modulus master curve
in the time domain for the neat mixture (E(t) plotted in frequency domain using t = 1/®)

Dynamic Modulus (GPa)

= === Master curve fit ==@=5°C

== 20°C
25

40°C

20

15

10

0

0.00001

0.01

10

Loading Frequency (Hz)

10000

Relaxation Modulus (GPa)

= e E*MasterCurve © E*GMM X E(t) GMM
100
-9
-r-
g”g
s X
1 /g
L4
v

0.1

0.001 0.1 10 1000

Loading Frequency (Hz)

Figure 47 Conversion of dynamic modulus experimental data to relaxation modulus master curve
in the time domain for PMA mixture (E(t) plotted in frequency domain using t = 1/®)



90

= Neat 60C/hr seesee Neat 6C/hr ====6°C/hr — 60°C/hr
0.0000 18
-0.0005 | g 161
z O 14
c (%2}
'5-0.0010 2 12
& B 10 -
©-0.0015 - >
E c 8 7
S S
e i = i
=-0.0020 5 6
S g
[
-0.0025 - 04
2 i
-0.0030 : . . 0 - : -
60 40 20 0 20 30 20 -10 0 10 20
Temperature (°C) Temperature (°C)
(@ (b)

Figure 48 (a) Thermal strain curves, and (b) relaxation modulus curves for the Flint Hills mixture
cooled at rates of 60°C/hr and 6°C/hr.
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Figure 49 (a) Thermal strain curves, and (b) relaxation modulus curves for the PMA mixture
cooled at rates of 60°C/hr and 6°C/hr.

Results of the calculations are compared with experimental results derived at both
60°C/hr and 6°C/hr cooling rates for both binders in Figure 50 through Figure 53. In each figure
section (a) represents the comparison without considering physical hardening and section (b)
represents the comparison with accounting for physical hardening. It can be seen that at both

rates the standard linear visco-elastic thermal stress solution underpredicted the thermal stress
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values, with higher differences observed at the slower cooling rate, which consequently allowed

for more physical hardening to occur during cooling, as shown using the time-dependent
physical aging strain correction at both cooling rates improved the linear viscoelastic prediction
of the thermal stress, resulting in much closer agreement between the observed and measured

thermal stress.
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Figure 50 Measured thermal stress for neat asphalt mixture at 6°C/hr cooling rate as compared to
(a) LVE predicted thermal stress, and (b) LVE thermal stress adjusted for physical hardening.
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Figure 51 Measured thermal stress for PMA asphalt mixture at 6°C/hr cooling rate as compared to
(a) LVE predicted thermal stress, and (b) LVE thermal stress adjusted for physical hardening.
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Figure 52 Measured thermal stress for neat asphalt mixture at 60°C/hr cooling rate as compared to
(a) LVE predicted thermal stress, and (b) LVE thermal stress adjusted for physical hardening.
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Figure 53 Measured thermal stress for PMA asphalt mixture at 60°C/hr cooling rate compared to
(a) LVE predicted thermal stress, and (b) LVE thermal stress adjusted for physical hardening.

The results demonstrated in this section using a fully calibrated model in which all input
was experimentally derived and all models were experimentally calibrated, validate the premise
of the thermal stress correction procedure using time-dependent physical aging strain through the
use of a mastic-calibrated physical hardening model. All predictions are not perfect; the
corrected calculation scheme seems to offer a clear improvement in comparison to present

methodology.

6.4. Chapter Summary

A model for the calculation of thermal stress buildup in mixtures was derived using relaxation
modulus master curves, and a model describing the isothermal contraction of asphalt as a
continuous function of conditioning time and temperature. The key idea behind this model is that
the input thermal strain can be divided into small increments for which the physical hardening,

the thermal hardening and relaxation response can be easily computed and added in time to
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obtain the total thermal stress. The model was validated using an elaborate set of experimentally

measured input properties for two mixtures at two different cooling rates.
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7. Finite Element and Micromechanical Modeling of Thermal Stress

and Strain in Asphalt Binders and Mixtures

7.1. Overview
Understanding the distribution of temperature and thermal gradients in the asphalt mixture, as
well as evolution of critical stresses in as asphalt mixture during thermal cooling can be very

important for determination of thermal cracking resistance of pavements.

To achieve this understanding two finite element modeling approaches were utilized, a
continuum model of the ATCA restrained beam geometry including the plastic-steel epoxy putty
and the steel end-plates for modeling of thermal gradients during cooling; and an experimentally
calibrated multi-phase micromechanical model of asphalt mixture undergoing thermal loading
and glass transition developed in a finite element platform using actual 2D images and binder

properties.

Good agreement was achieved between thermal stress predictions from the
micromechanical simulation and the experimentally measured thermal stress curves. Significant
stress concentration was observed in the modeled asphalt mixtures in the vicinity of the
aggregate interfaces due to the irregular angular aggregate geometry, and due to the known
significant difference in stiffness between the asphalt and aggregate phase, causing a stiffening
effect in the binder elements in the immediate vicinity of the fully bonded binder-aggregate
interface. Analysis also showed that significant localized strains occur in the binder phase of a
fully restrained asphalt mixture sample due to the gradual reorientation of aggregates in the
contracting binder medium. To apply the knowledge gained from the simulations, results were

used to determine average binder strain rates in pavements undergoing typical cooling rates, for
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possible usage in low temperature binder characterization procedures, such as the Single Edge

Notch Beam (SENB).

7.2. Temperature Gradient Model

To model the temperature distribution in the asphalt pavement sample used in the ATCA, finite
element simulations were performed using ANSYS 12.1. The modelled was meshed using
PLANES55 2-D thermal solid elements and was used for 2-D transient thermal analysis of the
model. The boundaries were constrained using a decreasing temperature function on the model
surface at 6 and 60°C/hr and the temperature evolution were monitored within the sample depth.
The model was based on the ATCA sample geometry, consisting of a solid asphalt mixture beam
capped at both ends with stainless steel end plate and wedges of plastic-steel putty linking the
two materials, as shown in Figure 54. Densities, thermal conductivity, and specific heat values

were inputted for all three constitutive materials in the model. Values are shown in Table 9.

Figure 54 FE model structure, used for simulation of temperature gradients in ATCA asphalt
sample (light blue: asphalt mixture; red: steel-epoxy putty; purple: stainless steel)

Table 9 Material thermal properties used in FE analysis [99, 100, 101, 102, 103, 104, 105, 106]

Stainless Asphalt Asphalt  Plastic-Steel

Property Steel Mixture Granite Binder Putty
Thermal Conductivity (W/m-°C) 16.26 1.52 2.55 0.17 5.73
Specific Heat (J/kg-°C) 502.4 1220 790 1758.4 1110

Density (kg/m?) 8027.2 2400 2600 1041 2330
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Thermal conductivity values for asphalt mixtures have been measured in a number of

studies, with results ranging from 0.744 to 2.880 W/m-°C with an average of 1.523 W/m-°C, as
provided in a comprehensive summary in [107], as well as in [100]. Granite thermal conductivity
in literature ranges from 2.1 to 3.12 W/ m-°C with an average of 2.55 W/m-°C [105, 106, 104].

Thermal conductivity of steel is a heavily temperature dependent, reducing as temperature decreases.

Reported values range from 12 to 18 W/m-°C [108, 101, 106].

Asphalt mixture specific heat values ranged from 920 to 1852 J/kg-°C, with an average of
1220 J/kg-°C [100, 107]. For the liquid asphalt binder specific heat values ranged from 1758.4 to
2093.4 [99, 100]. Specific heat of granite has been reported consistently approximately 790 J/kg-
°C in the literature [103, 102]. Specific heat of stainless steel is also consistently reported around
500 to 504, and average value of 502.4 is used here [109, 99, 101]. Thermal properties for the

plastic-steel putty were derived from the manufacturer’s specification sheet [110].

Figure 55 and Figure 56 show the temperature distribution for both 60 and 6°C/hr cooling
rates, as the surface temperature reaches close to 16.7°C. It can clearly be seen that a larger
temperature gradient exists in the sample cooled at a faster cooling rate, with an approximately
1°C differential exists between the core and surface temperatures of the asphalt sample. For the
sample cooled at 6°C/hr, the maximum differential between the core and surface is much
smaller, approximately 0.1°C. These trends are better shown in Figure 57 for a portion of the
cooling curve. In both cases the largest differential was with the stainless steel end plates due to
the massive density of these parts in comparison to the asphalt mixture which significantly
outweighs its lower specific heat. Furthermore, due to the high conductivity of the plastic-steel
putty, the presences of the wedges of glue on the sample extremities does not cause any

appreciable effect on the sample’s temperature profile.
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Figure 55 Temperature gradient in ATCA sample subjected to cooling on the boundaries at a rate
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The conclusion from this analysis is rather important, as it shows that even for the rapid

cooling rate of 60°C/hr, the temperature differential is relatively small (1°C) and it takes the less
than 60 sec for the core to reach the surface temperature. These results show that the delayed
thermal strain discussed in previous chapters is not an artifact of temperature differential in the
sample, as significant stress buildup in these samples continues for close to an hour after the
chamber temperature becomes constant, significantly longer than needed for the asphalt to

achieve full temperate consistency through the sample.

7.3. Micromechanical Analysis of Stress And Strain

Although the importance of strain values and strain rates in viscoelastic failure are well known
for asphalt materials, strain tolerance have rarely been considered as failure criteria in low
temperature cracking models. Asphalt thermal cracking studies have traditionally focused on
limiting strength values as the temperature decreases in the pavement, thus predicting crack
occurrence temperature based on the comparison between the predicted thermal tensile stress
curve and the ultimate tensile strength on a temperature scale [79, 80, 81]. Stress calculation
methodologies used have included elastic, pseudo-elastic, and viscoelastic analysis on a beam or
a slab [10]. Alternatively, some researchers have used crack tip stress calculations for a pre-
cracked pavement and subsequent comparison with estimated pavement fracture toughness
through Linear Elastic Fracture Mechanics (LEFM), to predict cracking temperature and crack
propagation in the pavement. In this method the pavement layer is discretized into a number of
sub-layers or beams, for which the stress is calculated similar to the approach discussed above,
based on temperature in each sub-layer, resulting in a stress gradient estimation for the whole

layer [82]. In all aforementioned procedures the basis of thermal cracking prediction is solely
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strength and limiting stress criteria, while the use of strain tolerance criteria [6] has gathered little

attention due to the apparent restrainment of the pavement against large scale strain.

Finite element simulation of thermal stress buildup in asphalt mixtures is not a new topic,
and a number of extensive studies have offered useful findings to apply the results of simulation
to prediction of pavement cracking [111, 112, 113, 114]. The models used in these studies are all
based on assumption that asphalt mixtures can be assumed as continuous isotropic and
homogeneous single phase domains with a single constitutive relationship. Such simplification
although convenient for macro-scale analysis of thermal stress, yields little insight into the
internal stress and strain distribution in the asphalt mixture. Micromechanical analysis of thermal
stresses and strains using multi-phase models able to account for stress and strain distributions in
each phase is needed, as cracking can start at points of critical stress concentration within the
structure and propagate into macro-cracks. The factors involved in identifying these stress
concentration points and propagation paths cannot be precisely understood when average, bulk
moduli of mixtures are used. This chapter aims to address this issue through the coupling of
image analysis and FE modeling and take a deeper look at the internal stress and strain state in

asphalt mixtures during thermal contraction, as will be discussed in later sections.

To achieve this objective, experimental procedures were used to measure required
thermal and mechanical input values for the development of a multi-phase micromechanical
model of a restrained asphalt mixture undergoing thermal loading. Finite element methodology
was utilized through the use of the ABAQUS FEM package. The simulations developed were
modeled based on the restrained beam geometry used in the TSRST, as performed using the

Asphalt Thermal Cracking Analyzer (ATCA), to allow for experimental comparison and
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validation. In the following sections the development of this model as well as the derivation of

the input properties is discussed in detail, followed by a discussion of results and findings.

7.3.1. General Description of FEM Simulation

The Finite Element (FE) analysis software ABAQUS was used to model asphalt mixtures
undergoing thermal contraction and glass transition. A 4-node, plane strain, quadratic, reduced
integration element (i.e., CPE4R) was used to mesh the model. Colored images of asphalt
mixtures obtained using a flatbed scanner were converted to binary images using the digital
image processing software, iPas, as described in [115, 116]. The pixels in the binary image were
mapped into CPE4R elements in the FE model using a MATLAB code. The asphalt binder
response was modeled assuming linear viscoelastic behavior, while aggregates were considered

elastic.

The upper and lower boundaries of the 2-dimensional model were constrained against
vertical and horizontal translation as well as rotation in the XY plane. This level of constrain was
sufficient to prevent rigid body motion in the model while preventing large scale strain in the
axial direction. The model was subjected to a continuously decreasing temperature profile at the
constant rate of 0.1°C/min from 20 to -40°C and the stress and strain response within the model
were monitored. The zero-stress reference temperature was assumed to be 20°C. The transient

“VISCO” procedure was used for stress and strain analysis of the model.

The material used in the experimental study consisted of mixtures using a granite
aggregate source with a neat and a modified asphalt binders. The neat base binder, graded as a
PG 64-22, was modified to a PG 70-22 using a plastomeric poly-ethylene based polymer, hereby

referred to as PMA. Further details pertaining to sample preparation and modification procedure
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is available elsewhere [117]. Details pertaining to the derivation of input properties and the

calculations involved are described next.

7.3.2. Relaxation Modulus Master Curve Calculation

An important input in the FE model is the relaxation modulus of the viscoelastic asphalt binder
phase. Viscoelastic mechanical properties are inputted either in the time or frequency domain.
For the current analysis Bending Beam Rheometer (BBR) creep data were used to derive the
required properties. BBR creep is performed under a constant load over 240 seconds, during
which the mid-point deflection is measured and reported at 0.5 sec intervals. The BBR tests were

performed at three temperatures, -6, -18 and -24°C.

For usage in the ABAQUS FEM package, viscoelastic modulus should be
expressed in terms of relaxation modulus Prony series. The BBR creep data was used to
construct a creep stiffness master curve in stretch exponential sigmoidal format, as shown in (1).
Creep data from the three temperatures were shifted to 20°C, which is the zero-stress reference
temperature, using the William-Landel-Ferry (WLF) time-temperature shift factor formulation
shown in (2). A simultaneous squared error minimization technique was used to determine the
WLF material constants, ¢; and ¢, and the master curve parameters simultaneously. The
resulting WLF parameters and reference temperature were inputted in the Thermo-Rheological
Simple properties tab (TRS) under the viscoelastic mechanical properties category in ABAQUS

to enable shifting of the master curve as the temperature varied in the simulation.

A phenomenological model proposed by Christenson and Anderson [118] and later used
by Bahia et al. [6] in a low temperature modeling procedure was used to generate the modulus

master curve. The equation is shown below:
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Where:

e S, is the glassy modulus,

e t,is alocation constant with time dimension,

e kis a fitted constant, and

e m. is the slope of the creep stiffness-loading time slope on a log-log scale when t—o.
e T;is current temperature, and T is the reference temperatures,

e arrepresents the time-temperature shift factor.

e C;and C, are the WLF constants.

In the next step the creep stiffness master curve was converted to relaxation modulus.
Relaxation modulus and creep compliance are related through the viscoelastic hereditary
integral. One may be rewritten in terms of the other by manipulating this relationship through
Laplace Transformation [93]. Using the Hopkins and Hamming algorithm the solution to this
transformation may be numerically estimated quite accurately [119]. The relaxation modulus
values were then fitted with a 3-element Prony series, formulated as shown in (3). The Prony
series parameters inputted to ABAQUS are normalized such that the sum of all element
coefficients is less than one. The normalizing parameter, Eo, was inputted as the instantaneous
elastic modulus. A constant Poisson ratio of 0.49 was used for the asphalt binder. For granite
aggregates cited values of elastic modulus usually range from 2.0 to 30.0 GPa, with Poisson ratio

values ranging from 0.1 to 0.3 [120, 121, 122, 123]; thus in the present study an elastic modulus
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of 15.0 GPa and a Poisson ratio of 0.25 were used. Results of relaxation modulus as a function of

loading time for the neat and modified binders are shown in Figure 58.
E(t) = Eo (1-Sh ef (1 — e/ ®
where

e E(t) is the relaxation modulus as a function of loading time

e [, is the instantaneous modulus
e &k is the relaxation modulus ratio

e 7 is relaxation time
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Figure 58 (a) Asphalt binder relaxation modulus master curves constructed from BBR data, and (b)
Example of BBR creep stiffness for PMA at -18°C, converted to relaxation modulus, and fitted with
relaxation modulus Prony series.

7.3.3. Simulating Thermal Shrinkage and Modeling the Coefficients of Contraction

It is well known that asphalt binders undergo a “Glass Transition” as temperature decreases

toward lower service temperatures. As the binder temperature decreases toward the glass
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transition region the “liquid” coefficient of contraction (o) gradually decreases until settling at a

lower constant “glassy” coefficient (ag). Comprehensive description of this phenomenon is
provided elsewhere [57, 51]. Using the dilatometric system described earlier, the CTE values
were measured for each binder at decreasing temperatures. Accurately capturing the glass
transition behavior of asphalt binders and incorporating this effect into the simulation was
deemed important for accurate prediction of thermal strain, and consequently thermal stress

buildup in the binder phase of the mixture.

Cited CTE values for granite range from 7.9 to 9.0x10°® m/m°C [124, 125, 126], thus a
constant temperature-independent CTE of 8.5x10°° m/m°C was used for the granite aggregate
phase, which was easily defined in the model assuming a zero-stress reference temperature of
20°C. On the other hand, the FE platform was not readily equipped to handle the continuous
analysis of thermal strain using temperature-dependant CTE of the binders. ABAQUS by default
calculates thermal strain at any temperature in comparison to the reference temperatures, and not
the temperature at previous increments. Consequently, a step-wise transient analysis of a cooling
problem with temperature-dependent decreasing CTE values will incorrectly yield a local
minima in the thermal strain-temperature curve, with thermal strain gradually decreasing as the
CTE decreases. This is because the accumulated strain in each step is calculated with regards to a
fixed reference temperature rather than the temperature at the end of the previous step. To correct
for this deficiency, the experimentally measured CTE values were adjusted using the formulation
derived in equation (4), such that when used in the ABAQUS analysis scheme the resulting
thermal strain is equal to that of a step-wise analysis in which accumulated thermal strain is
calculated against the temperature at the end of the previous step. The adjusted CTE values for

the binder phase were entered in tabular form at 5°C intervals from 20 to -40°C. Accumulated
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thermal strain calculation results using the ABAQUS calculation scheme, with- and without the

derived adjustment, are compared to experimental values in Figure 59. Figure 59(a) also

compares the experimentally derived CTE values for the neat and PMA binders, showing that the

sharp and rapid transition in the neat binder is broadened and extended when binder was

modified to produce the PMA. Furthermore, at most temperature ranges, the neat CTE is higher

than that of the PMA, which can potentially lead to larger stress buildup due to higher thermal

strain in the neat binder.
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In which:

T, is current temperature, and Ty is the reference temperatures,
a(T;) represents the CTE as a function of current temperature.

a.(T;) represents the adjusted CTE for input to ABAQUS.
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Figure 59 Comparison of (a) measured and adjusted CTE, and (b) measured and calculated

thermal strain with and without adjustment
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7.3.4. Discussion of Results

Researchers in earlier studies have used many different cooling rates to test and model field
conditions. Bouldin et al. [10] used 3°C/hr to match studied field sections, while suggesting that
resulting cracking temperature may be “bumped” up or down for faster and slower rates. Model
calculations by Bahia et al. [6] for rates lower than 10°C/hr showed that reducing cooling rate
corresponded to a shift in thermal stress buildup toward lower temperatures. SHRP researchers
reported that although typical field cooling rates seldom exceed 2.7°C/hr, most TSRST tests are
done at rates of 10°C/hr or higher to reduce testing time [15]. Although tests ran during the
SHRP study showed a decrease in fracture temperature as the cooling rate varied between 1 to
5°C/hr, it was concluded that although cooling rates higher than 5°C/hr do not necessarily match

typical field conditions, they are sufficient to assess relative performance of specimens.

In the present study using the ATCA tests cooling tests were performed on restrained
beams at 0.1°C/min (6°C/hr). FE model simulation were also performed at the same rate,
inputting the derived material properties described earlier for the binder and aggregate phase of
the neat and PMA models. Results are compared in Figure 60. It can be seen that generally good
agreement resulted from the micromechanical FE simulation and the experimentally measured

thermal stress curves.
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Figure 60 Experimentally measured thermal stress buildup compared to micromechanical model
prediction

The discrepancy between measured and simulated results observed in Figure 60(b) can be
attributed to inherent model simplifications as filler particle were not captured in the imaging
procedure, thus any possible effects were not considered. Furthermore, the inability of the FE
model to account for delayed thermal strain, also referred to as physical hardening, may also
contribute to the under-prediction of stresses for the case of the PMA mixture. This phenomenon
is discussed in greater detail in earlier work by the author and coworkers [127, 51]. It is believed
that if cooling rates are slower than a specific material dependent critical rate, much of the time
dependent delayed thermal strain due to physical hardening will occur at experimental times, as
sufficient time is available during cooling. At such rates relaxation will be the primary time-
dependent phenomenon occurring, leading to lower stress buildup as the cooling rate decreases.
In the present work the cooling rate was selected as to minimize the potential effect of physical
hardening (time-dependent (delayed) thermal strain), as to avoid further complexities in the

model.
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Stress and Strain Distribution in Binder Phase during Cooling

Although the aggregate phase in the asphalt mixture is the major phase both in terms of volume
fraction and relative stiffness to the minor phase, asphalt binder still transfers a significant
portion of the induced thermal stress in the mixture. Although resultant stress reaction on the
sample boundaries is tensile due to the restrainment against shrinkage, stress state in the binder
phase can be a complex combination of tensile, compressive and shear stresses, due to the multi-
directional nature of the internal interaction of aggregate particles with increasing proximity in
the continuously contracting medium. Thus for binder stress analysis, the use of the Von Mises
“effective stress” parameter was deemed most appropriate. Figure 61(a) shows the average stress
built-up in the binder phase in comparison to the mixture’s tensile reaction stress. Figure 61(b)
shows the calculated ratio of average bulk tensile stress in the mixture to the average binder
stress. It can be seen that at higher temperatures where the stiffness ratio between the aggregate
and binder is very high, the stress ratio is highest, but gradually decreases and finally becomes
relatively constant as binder stiffness increases significantly with temperature, before becoming
relatively constant below the glass transition temperature. The stress ratio became constant at
close to 23 for the relatively softer PMA and at 14 for the stiffer neat binder. These results are
logical as they show that in the mixture with the softer binder (PMA), a smaller portion of the

stress was carried by the binder phase.

Some previous research on thermal stress in asphalt pavements have made the
assumption that all tensile stress in the pavement is carried by the binder phase [10]. This belief
is probably based on the assumption that the aggregate structure is unable to form effective
interlock under tensile loading, thus aggregates are floating in a stress-bearing binder medium.

As a result, the difference in measured and predicted thermal stresses in the asphalt mixture has
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been mostly explained by the difference in strain rate throughout the binder phase due to changes

in film thickness and geometry. This has led to the development of stress correction factors
referred to as “pavement constants” [10, 128]. Pavement constants used in literature are usually
between 18 and 24 [10, 128]. It is interesting to see from the results in Figure 4 that these
constants, which have been purely empirically selected in the literature, are in the same order of

the mixture to binder stress ratios derived in the present study.
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Figure 61 Comparison of (a) thermal stress buildup in binder phase and the whole mixture, and (b)
mixture to binder stress ratio for PMA and neat binders.

It should also be noted that the micromechanical modeling results in this study raise some

important questions about the assumption of all tensile stress being totally concentrated in the

binder phase. It is clearly seen that most of the stress is in fact concentrated in the aggregate

phase. This is very logical since the binder phase is most susceptible to thermal strain and it is

heavily restrained locally at the aggregate- interface throughout the mixture, as the aggregate

CTE is much smaller than that of the binder.
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The restraining of binder contraction at the binder-aggregate interface due to the

difference in thermal contraction of the two phases, leads to the formation of large stresses in the
interface to satisfy the strain compatibility at the surface of aggregates. Furthermore, differences
in specific heat of the aggregate and binder phase may lead to a discontinuity in temperature in
the asphalt binder and aggregate phases, further exacerbating differences in thermal strain across
the aggregate-binder interface. In such conditions, the aggregate phase will buildup larger
thermal stresses than that of the binder phase, due to the significant difference in aggregate and
binder stiffness. As the modulus of the binder phase increases due to temperature decrease, the
stiffness differential between the two phases decreases which makes the stress in the binder
phase grow closer to that of the aggregate. This is clearly shown in Figure 61(b) which depicts
the ratio of stresses in the mixture to the binder phase. The trends for both binders show that the

ratio of mixture to binder stresses decreases with decreasing temperatures.

Stress and strain distributions calculated from the Finite Element Method in the restrained
beam model are shown in Figure 62. In a composite of asphalt binder and aggregate, a number of
factors could lead to the formation of localized, non-uniform stress distribution in the sample.
The simplest cause of stress non-uniformity is stress concentration due to the irregularity of
aggregate geometry in the asphalt matrix. Secondly, the significant difference in stiffness
between the asphalt and aggregate phase, coupled with the assumption of complete bonding at
the interface of the two phases leads to an inherent stiffening effect in the binder elements in the
immediate vicinity of the aggregate interface, thus concentrating a larger stress field in these
elements. Furthermore, stress concentrations are also observed at the aggregate proximity contact
points (Figure 62(a)). The aforementioned factors lead to the formation of non-uniform,

continuously evolving stress fields at the local aggregate scale in the asphalt mixture as the
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sample is cooled. Significant localized strains occur in the binder phase of a fully restrained

asphalt sample due to the gradual reorientation of aggregates in the contracting binder medium.
The buildup of high values of stress and strain at the aggregate-binder interface can lead to

aggregate debonding if the pavement is cooled to sufficiently low temperatures.
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Figure 62 (a) principal strain distribution, and (b) Von Mises stress distribution (Pa) in modeled
restrained asphalt mixture (PMA) undergoing thermal loading.

Figure 63 and 64 are prepared to depict the continuous evolution of the internal binder
stress and strain distribution, respectively, as the samples are continuously cooled, for both the
neat and PMA mixtures. The first noteworthy observation in Figure 63 is that at 10°C almost all
binder elements had zero stress. As the temperature decreases the stress distribution curves begin
to flatten out and the peak (highest frequency) stress level begins to move from zero to higher

stress levels as more binder elements build-up stress. Comparing Figure 63(a) and (b), one



113
immediately notices that the stress distribution curves for the PMA binder are much narrower

and closer to zero than that of neat binder. This is a clear indication of the significant role of

binder visco-elastic properties for a given aggregate skeleton.
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Figure 63 Nodal stress histograms for neat (a) and PMA (b) binder phases in the mixture

Figure 64 shows the binder maximum tensile strain histograms for the neat and PMA binders as

temperature was continuously decreased. It can be seen that the PMA and neat strain histograms

are relatively similar, with the PMA histogram being slightly flatter than that of the neat asphalt.
Comparing these trends to the stress distributions in Figure 63, one may observe that the

relatively similar strain distributions in the two binders correspond to significantly different
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stress distributions for the two binders, as would be expected due to the modulus difference of

the neat and PMA binders.
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Figure 64 Nodal strain histograms for neat (a) and PMA (b) binder phases in the mixture

7.3.5. Binder and Mixture Strain Rates during Cooling

An important consequence of the occurrence of such strains in the asphalt-aggregate interface is
the potential importance of considering ultimate failure strain criteria in addition to the prevalent

tensile strength criteria used commonly for thermal cracking ranking and characterization. Such
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observations are in agreement with recent reports that a clear relationship between crack severity

in monitored field sections and strain tolerance measured for binders at low temperatures using
the Single Edged Notched Beam (SENB) [129].

An important factor when characterizing asphalt binders using fracture tests such as the
SENB is the target binder strain rate. Using data collected in the present study, tensile strain
buildup was plotted against cooling time, as shown in Figure 65(a) and (b). Both the average
binder strain and the maximum tensile strain occurring at each temperature are considered, as
seen in Figure 65(a) and (b). A relatively linear relationship is observed for both the average and
maximum strain trends, although the maximum strain buildup rate begin to decrease as the

binder temperature approached the glass transition (Tg) range.
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during cooling for binder studied
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Figure 65(c) and (d) compare the average binder strain in the modeled restrained asphalt

mixtures with thermal strain measured in the unrestrained mixture beam of the ATCA and the
binder dilatometric system. Restrained binder strain rates varied from average values of
0.00009%/sec, up to a maximum of 0.003%/sec at a cooling rate of 6°C/hr. In comparison, strain
rates for the freely contracting binders and mixtures were in the order of 0.00012%/sec and
0.000008%/sec, respectively. It is observed that the binder strain in the restrained mixture, being
restrained on the aggregate interfaces, is lower than the freely contracting asphalt binder, while
being much higher than the bulk mixture thermal strain. Furthermore, the ratio of unrestrained
dilatometric measurements of binder and mixture strain, as shown in Figure 65(e) and (f), is
relatively similar for neat and PMA, and constant with temperature. On the other hand, the ratio
for PMA restrained binder strain is slightly lower than that of the neat binder, indicating higher
restrainment of the softer PMA binder by the aggregates. Unlike thermal stress and relaxation
modulus, it is expected that thermal strain rate values to be adjustable for minor changes in

cooling rates.

An important implication of the analysis is that unlike the bulk thermal strain in the
mixture, thermal strain in the binder is not fully restrained (Figure 65(c) and (d)). Thus asphalt
mixture thermal stress predictions based on scaling binder thermal stress continuum analysis
results using “pavement constants” is not appropriate. Bulk mixture thermal strain must be used

for accurate continuum calculations.

7.4. Chapter Summary
In this chapter a multi-phase micromechanical model for asphalt mixture undergoing thermal

shrinkage and glass transition was developed in a finite element platform. The results where
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compared to experimental data measured using the ATCA device which allow measuring strain

and stress build up during cooling. The following major findings can be stated:

The findings of this analysis show that even for the rapid cooling rate of 60°C/hr, the
temperature differential is relatively small (1°C) and it takes less than 60 sec for the core
of sample to reach the surface temperature. These results prove that the delayed thermal
strain discussed in previous chapters is not an artifact of temperature differential in the
sample. In fact it is observed that significant stress buildup in these samples continues
for close to an hour after the chamber temperature becomes constant, which is
significantly longer than needed for the asphalt to achieve full temperate consistency
through the sample.

Good agreement is observed between thermal stress predictions from the experimentally
calibrated micromechanical Finite Element simulation and the experimentally measured
thermal stress curves in the present study. This indicates that the procedure followed for
simulation using 2D imaging is promising. Significant stress concentration occurs in the
binder phase in asphalt mixtures in the vicinity of aggregate interfaces due to sharp
aggregate angularity, the difference in coefficient of contractions, and the significant
difference in stiffness between the asphalt and aggregate phase. It is believed that such
stresses could lead to binder debonding from aggregate if the temperature drops
sufficiently and strains exceeds tolerance of binder phase.

The formation of non-uniform, continuously evolving localized strains in the binder
phase surrounding the aggregates leads to gradual reorientation of the aggregates, leading

to potentially high binder strains on the constrained binder-aggregate interface. These
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changes could happen while the overall sample dimensions in the restrained directions

remain unchanged.

The mixture to binder thermal stress ratio becomes relatively constant at values close to
23 (mixture to binder ratio) for the relatively softer PMA and at 14 for the stiffer neat
binder. “Pavement constants” reported in the literature are in the same order of the
mixture to binder stress ratios derived in the present study.

A relatively linear relationship was observed between binder strain buildup and cooling
time, although the maximum strain buildup rate seems to have begun to decrease as the
binder temperature approached the T,. Strain rates varied between neat and PMA binders,
with average strain rate values ranging between 0.00009%/sec to 0.003%/sec at a 6°C/hr
cooling rate.

Unlike the bulk thermal strain in the mixture, thermal strain in the binder is not fully
restrained. Thus asphalt mixture thermal stress predictions based on scaling binder
thermal stress continuum analysis results using “pavement constants” is not appropriate.

Bulk mixture thermal strain must be used for accurate continuum calculations.
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8. Definition of Factors of Importance and Criteria for Low

Temperature Performance

8.1. Overview

In this chapter the model developed was used to conduct a matrix of analytical runs to determine
the relative importance of each of the contributing parameters in thermal stress buildup through
an analysis of variance. The results are used to develop possible asphalt mixture low temperature
failure criteria based on using the ATCA, binder fracture, physical hardening and thermo-
volumetric results. Results from a number of low temperature performance tests for both asphalt
binders and mixtures are discussed in terms of applicability for development of limiting material

criteria for prevention of thermal cracking in asphalt pavements.

8.2. Sensitivity Analysis

Sensitivity analysis of thermo-volumetric properties was performed for 8 parameters during
cooling and heating. The parameters include Ty, oy and og4in cooling and the width of the glass
transition region. The width is considered as a potentially important parameter, partially

described by the parameter “R”. These parameters were defined in chapter 5.

Parameter values for a typical mixture are used as a baseline. The parameters were then
systematically varied by £20% to capture the sensitivity of the stress buildup in mixture to the
changes in these parameters. The 20% variation was selected as the maximum percentage of
change allowable to keep all parameters in a realistic and practical range. Table 10 and Table 11

show the analysis matrix and the values used in this study.
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Table 10 Analysis matrix used for the sensitivity analysis

Run | Run | Run | Run | Run | Run | Run | Run | Run
1 2 3 4 5 6 7 8 9

Tg 1 1.2 0.8 1 1 1 1 1 1

R 1 1 1 1.2 0.8 1 1 1 1

Q) 1 1 1 1 1 1.2 0.8 1 1

oy 1 1 1 1 1 1 1 1.2 0.8

Figure 66(a-d) show results of thermal stress calculations for a mixture sample cooled at
1°C/min from 10 to -22°C and then held isothermally for 180 minutes before being heated back
up to 10°C at the same rate. The stress calculations were made with and without taking time-

dependent strain into account (solid and dotted lines respectively).

A qualitative analysis of Figure 67 shows that changing o, has the most effect on the
thermal stress buildup during cooling, when not accounting for physical hardening, while
changing the glass transition temperature and the related parameters (oy and R) did not show
significant effects. On the other hand, the stress sensitivity to T4 and R increased significantly
when accounting for the physical hardening. These variations are shown in Figure 67 by plotting
the thermal stress buildup for every condition, normalized to the initial unchanged state of the

parameters.

Table 11 Parameter values used for the sensitivity analysis

Run1|Run2|Run3|Run4|Run5|Run6|Run7|Run8|Run9

Ty -17 | -20 | -13 | -17 | -17 | -17 | -17 | -17 | -17

R 6 6 6 7 5 6 6 6 6

o 5E-5 | 5E-5 | 5E-5 | 5E-5 | 5E-5 | 6E-5 | 4E-5 | 5E-5 | 5E-5

o | 1E-5| 1E-5 | 1E-5 | 1E-5 | 1E-5 | 1E-5 | 1E-5 |1.3E-5| 9E-6
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A noteworthy trend in Figure 67 can be seen when comparing the T4+ and Tg- conditions

to the base condition. If no time dependent strain (physical hardening) is considered in the stress
calculations, a higher Ty would simply lead to a net decrease in the CTE value since oy will
reduce to the lower value of agat higher temperatures, thus less over all shrinkage and
subsequent less stress buildup will be calculated for any given temperature below the Tg. As
mentioned earlier, for the calculation of physical hardening it is assumed that the rate of time
dependent strain increases as the temperature approaches the Tg, from both sides. Thus if
physical hardening is considered in the stress calculations, increasing the Ty would also mean
that time dependent strain accumulate at a higher rate at higher temperatures, potentially

resulting in a higher stress buildup in the sample, as seen in Figure 67.
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shown in the chart indicates that parameter X has been changed by +209%b)

The glassy coefficient of expansion/contraction (o) does not appear to result in much
sensitivity as shown in the current plots. This observation however does not indicate that oy
values are not important. The importance of oy, is highlighted in Figure 68(a, b), in which the
thermal stress is calculated using three methods: (a) using full strain-temperature curve
considering glass transition, (b) using a constant CTE equal to oy, and (c) using a constant CTE
equal to the average of oy and ag for all temperatures. It can be seen that the simplifying
assumptions made for the CTE lead to up to more than 25% difference in the total accumulated
thermal stress at -30°C. On the other hand, the small amount of sensitivity to the typical range
changes in ag observed in Figure 66(d) would indicate that using a typical average value for ag
may be sufficient for thermal stress calculation, and measurement of an exact og may not be

necessary.
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8.3. Defining Thermal Cracking Failure Envelopes

As previously discussed in Chapter 2, in contrast to the current state of relative theoretical
robustness in constitutive relationships of viscoelastic materials, the study and prediction of
failure in viscoelastic materials is still as much dependent on empiricism as to sound mechanistic
concepts. Most early studies of failure in asphalt mixtures focused on the use of the “Smith
Failure Envelope” [86], showing that such an envelope in many instances works sufficiently well

for asphalt mixtures [88, 130].

Researchers studying viscoelastic fracture have shown that there is a close dependency
between failure stress and strain rate, such that the stress decreases monotonically as the strain
rate is decreased. On the other hand, researchers have observed the existence of a “definite
maximum strain at failure” for viscoelastic material tested to failure at different strain rates [131,

86, 87, 85]. The strain at failure increases as the strain rate decreases continuously to a certain
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strain rate, after which any decrease in strain rate will cause the strain at failure to decrease

[131].

In the present study it was initially hypothesized that a failure criterion for low
temperature fracture of asphalt material could be defined using a log-linear fit through two
failure stress-strain data-points of sufficiently different conditions (i.e. varying temperatures or

strain rates).

The concept was first explored by constructing a failure envelope using asphalt binder
low temperature fracture data from the Single Edged Notched Beam (SENB) device under
development at UW-Madison [132] for samples tested at varying conditioning temperatures and
rates but at a constant conditioning time of 1 hr. The data points were gathered by testing asphalt
binders to fracture at -12, -18, and -24°C, at three constant deflection rates. Figure 69 shows how
increasing the deflection rate at the same temperature (i.e. -12°C) decreases the failure
deflection, while the failure stress seems to increase up to a point, after which the failure stress
does not significantly increase as loading rate increases. The same trends with loading rates and
temperature can be seen in Figure 70, in which the asphalt binder low temperature failure

envelope as constructed from SENB data is shown.
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and deflection rates

Following the apparent success in generating a failure envelope using the SENB for
asphalt binders at low temperatures, it was decided to attempt constructing a similar envelope for
asphalt mixture thermal stress and strain during cooling using the ATCA. In this case the
approximate low temperature failure envelope was postulated to be definable using two points
acquired through testing a mixture in the ATCA at two extreme cooling rates, thus imposing

different strain rates, resulting in the failure envelope schematically shown in Figure 71.
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To validate the procedure two asphalt mixtures using different binder types (a neat binder
and one modified using a poly-ethylene type plastomeric modification) were tested at two
different cooling rates. The results, as shown in Figure 72, indicate that the postulated behavior
shown in Figure 71 did not occur in reality. This contradictory behavior is actually in agreement
with previously observed thermal stress behavior in which the sample that was cooled at a lower
rate built up more stress as it cooled down (Figure 24). The explanation for this behavior is the
ability of the binder cooled at a slower rate to accumulate more time-dependent (delayed) strain
as it cools, thus building up a higher amount of stress. It must be noted that at slow enough rates
where most of the rapid physical hardening is expected to take place during cooling, not much
change in the rate of thermal strain is expected if rates are further decreased, and thus the main
effect is believed to be related to relaxation in such conditions. Testing at such slow cooling rates

was not experimentally possible in the present study.
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Figure 72 Comparison of thermal failure stress and strain at 6 and 60°C/hr for (a) neat, and (b)
PMA mixtures.

For the case of the SENB binder testing conducted at consistent conditioning times from
sample to sample, failure stress and strain shifted with reducing strain rate or increasing
temperatures; but for restrained mixture cooling problems the trend is much more complex due
to the combined effect of added time-dependent strain at lower cooling rates, as displayed in
Figure 72. It is believed that the behavior of asphalt mixtures under thermal strain and time-
dependent strain would be very similar up to the point of ultimate failure, thus depending on the
susceptibility of the asphalt to physical hardening, decreasing the cooling rate may result in
faster, slower or similar rates of thermal stress build-up, consequently limiting the success in
using of thermal stress and strain at failure for building low temperature cracking failure
envelopes. Thus efforts to construct failure envelopes from ATCA results were abandoned in the
present study. Instead, it would seem that the most practical method for determining the failure
stress and strain of the asphalt mixture would be either through performing ATCA testing at

cooling rates similar to those expected in the field, or development of failure envelopes based on
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asphalt mixture fracture tests conducted at a number of constant temperatures with consistent

conditioning times, such as the Semi-circular Bend (SCB), Disc Compact Tension (DCT) or the
Indirect Tensile Strength test (IDT) [90]. Another possible option would be through the use of
binder fracture stress and strain from the SENB test in a micromechanical failure analysis of
asphalt mixtures. Such analysis is expected to be complex and time-consuming, and outside the

scope of the present study.

8.4. Limiting Criteria for Prevention of Thermal Cracking

Throughout this study a wide range of low temperature properties, parameters and test
procedures were discussed in varying capacities and were used to explain behaviour with regards
to thermal stress, thermal strain, contraction rates, and low temperature fracture and failure
properties of asphalt binders and mixtures. In order to make some practical sense of these
measurements they need to be coupled with field evaluation results. The field data are taken
from the Transportation Pooled Fund Low Temperature Cracking Investigation conducted by the
joint efforts of researchers at the University of Wisconsin Madison, University of Minnesota,
University of Illinois at Urbana-Champaign, and University of lowa [90]. Many of the
experimental results used in the present study were conducted as part of this national effort to

better understand low temperature cracking.

Field performance data from a number of field sections in a Minnesota county road are
used as basis of comparison to the wide range of binder experimental results measured in this
study, including SENB binder fracture, Tg and CTE measurements and physical hardening
assessment. The results are used to identify critical ranges and values of measured low

temperature properties that seem to have contributed to low temperature performance of field
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section, and subsequently defining possible limiting material property criteria that could

minimize thermal cracking potential based on the available data.

The field section consisted of four 500 meter sections located in Minnesota (MN) county
road 112. Each section was paved with a binder from different asphalt crude source. Binder
samples from each section were available for the present study, results of which are discussed in
the following sections. The total length of transverse thermal cracks detected in the latest field

survey is shown in Table 12, and were used for the subsequent analysis.

Table 12 MN county road 112 thermal cracking performance results

Binder Tran_sverse
Cracking (m)
“VAL” 60.3
“CIT” 32.1
“MTN” 33.7
“CAN” 3.4

8.4.1. Binder Physical Hardening

One of the noteworthy differences between the binders used in the MN county roads was their
susceptibility to physical hardening, as measured using the BBR at different conditioning times.
All four binders were tested at their respective glass transition temperatures for 46 hrs and their
hardening index was calculated for this period. The physical hardening model previously
discussed was fitted to the model and used to derive the G and n parameters for comparison.

Figure 73 shows the hardening index curves and along with their respective fitted model curves.
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Figure 73 Binder hardening index at various conditioning times for binders used in the MN county
road sections, fitted with physical hardening model at their respective Tg.

Figure 74 compares various physical hardening measures with the observed field
cracking. A clear distinction between physical hardening potential of the highly cracked VAL
section and the other binders is observed, especially for model parameter “n” and hardening
index after 24hrs of conditioning. For the physical hardening model parameters, the lower the
values, the higher the resultant physical hardening rate is. Thus approximate visually defined
minimum limit lines are plotted on the graphs for “G” (3.0) and “n” (30.0) based on section
performance. Furthermore, the binder with hardening index above 0.3 at its T4 showed excessive
cracking in the field. As expected, it is also seen that 2 hrs of conditioning was not sufficiently

long to differentiate binder physical hardening potential in any meaningful fashion.
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Figure 74 Comparison of binder physical hardening potential at T, to corresponding thermal
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8.4.2. Binder Fracture Properties

To further validate the relevance of the fracture properties, the field performance from four
sections in Minnesota, USA, were also compared to BBR-SENB results obtained at -12°C. The
results, shown in Table 13, indicate that the BBR-SENB Gy parameter was able to distinguish the
worse performing binder properly, among binders of the same PG, but could not detect the
superior performance demonstrated by the section using PG 58-23 Elvaloy modified binder. In
order to better investigate this discrepancy, the load-deflection curves of the binders showing

very similar Gy, but very different field performance were compared.
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In Figure 75 it can be seen that although the area under both curves are very similar, the

Elvaloy modified binder shows a softer response but deflects much more than the PG 58-28 from
source “MTN”. This result seems to indicate that the strain tolerance of the binder, as measured
by the deflection at break, may in fact play a critical role for field performance, and that judging
binder performance by fracture energy alone may yield misleading results. The deflection at
facture and failure energy at -12 and -24°C are shown in Table 13. A deflection at fracture higher
than 1.5 mm seemed to results in superb low temperature cracking performance. It can be seen
that a combined criterion based on both usand Gras measured by the BBR-SENB will be
necessary to assess binders in terms of susceptibility to thermal cracking in the field. This is

further explored in this section.

Table 13 Comparison between MN CR 112 thermal cracking performance and BBR-SENB results

(ranking)
Binder Gt (I/m?) | Ut (mm) | Gs (3/m?) | Us (mm) Transverse
at-12°C | at-12°C | at -24°C | at -12°C | Cracking (m)
“VAL” 15.62 1.04 12.86 0.283 60.3
“CIT” 27.88 1.29 8.91 0.178 32.1
“MTN” 22.48 0.82 9.93 0.219 33.7
“CAN” 25.12 1.87 13.14 0.286 3.4
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Figure 75 Comparison of BBR-SENB load-deflection curves for two MN CR112 binders with
similar G; but very different field performance

The ability of Fracture energy and Fracture deflection to capture the brittle-ductile
transition behavior of binders (assumed to be due to material undergoing glass transition) is
presented in Figure 76 in which fracture energy (Gs) and failure deflection (Uy) were plotted

versus the relative distance of the testing temperature to the respective binder’s glass transition

temperature.
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Figure 76 Brittle-ductile transition behavior using BBR-SENB parameters (a) Fracture deflection,
(b) Fracture energy, (c) Fracture toughness.
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The results shown in Figure 76(a) indicate that binders tested at temperatures below their

T4 show fracture deformation/deflection consistently at or below 0.35 mm, which could be
considered as the limit for the brittle to ductile transition. The ductile to brittle cut-off value is
harder to discern when using fracture energy (Gs), which is influenced by both fracture load as
well as the fracture deflection. Although most of the binders tested in the brittle temperatures
fractured at energies at or below 20.0 J/m?, a few binders in the ductile zone also fractured at

energies below this value.

Using limit values derived from ductile-brittle analysis for Gs and Us, as well as the Us
threshold of 1.5 mm for superb performance derived earlier, Figure 77 was plotted for the

binders used in the MN county sections.
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Figure 77 SENB binder performance criteria for MN county sections (for each set values at the left
were measured at -24°C and values at the right at -12°C)
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It can be seen in Figure 77 that at the lowest temperature used in testing(-24°C) all

binders became brittle, with performance approaching similar values and binders performing
poorly, failing both Us and G ductile-brittle threshold values of 0.35 mm and 20 J/m?. At -12°C
“CAN?” satisfied both the Gf and Us ductile-brittle thresholds, while also satisfying the “good
performance” Usthreshold value of 1.5 mm. This section showed minimal cracking in the field.
The “CIT”, and “MTN” sections satisfied the G¢ and Us brittle-ductile thresholds but did not
satisfy the “good performance” Us threshold. These sections showed intermediate levels of
cracking in the field. Finally “VAL” failed both the Gt and Us ductile-brittle thresholds at -24°C,
as well as failing the G¢ ductile-brittle threshold and the “good performance” Us threshold at -
12°C, as a consequence showing severe thermal cracking in the field. Overall the results seem to
indicate that the suggested BBR-SENB criteria for Usand G are capable of determining the
expected performance of the binder in the field, by comparing results from testing near expected

low temperature performance temperatures to the plotted threshold values in Figure 77.

A side study on the effect of isothermal conditioning on fracture properties of binders
confirmed the assumption stated above, showing that the effect of physical hardening on failure
stress and strain was similar to the effect of decreasing the failure temperature. Figure 78 shows

the typical trend resulting from conditioning for 72 hours.

Figure 79 depicts results of testing selected binders from Table 1 after 0.5 and 72 hr of
conditioning at their glass transition temperature (Tg). The results are shown in term of
normalized values (ratio of value after 72 hours of conditioning divided by the value after 0.5
hour) indicate significant changes in the overall response to load and also in the fracture

properties.
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Figure 78 Typical changes in load (P) - deformation (U) curve before and after isothermal
conditioning at Tg.

In Figure 79 it can be seen that the slope of the load-deflection (P-u) curve increased
significantly after conditioning. The fracture toughness (a product of failure stress) also
increased for all binders tested after conditioning, however, a varying trend was observed for
fracture energy. Fracture energy increased or was constant for the two unmodified binders (i.e.,
MnROAD Cell 20 and New York, NY), while decreasing for the three modified binders. This
reduction is explained by the relative loss of strain tolerance with conditioning time. In other
words, the increase in load at fracture is offset by reduction in deformation at break for the
modified binders. The observed trend is more clearly shown for the deflection parameter (Us) in
Figure 79(d), in which the normalized value of deflection are all below one when normalized

relative to their respective values measured after 0.5 hr of isothermal conditioning.
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Figure 79 SENB parameters after 72 hrs normalized to results after 0.5 hr of conditioning, (a) Gy,
(b) Kic, (c) slope of P-u curve, and (d) deflection at fracture (Us).

8.4.3. Binder Glass Transition and Contraction Properties

The asphalt binder glass transition temperature and liquid and glassy coefficients of contraction
were measured using the dilatometric system previously described. Results are plotted against
cracking observed in the field in Figure 80. While no meaningful relationship between the glass
transition temperature as well as the glassy CTE and field cracking was observed, the liquid CTE

for the section with excessive cracking was well above that of the other binders.
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Figure 80 Comparison of binder glass transition and contraction properties to cracking potential:

(a) glass transition temperature, (b) liquid CTE, a, () glassy CTE a.

These observations are consistent with the analysis of variance results shown earlier in

the chapter. A maximum liquid CTE limit of 7.5x10™ m/m°C was visually derived based on the

available data. A high liquid CTE leads to larger thermal strain during cooling, thus leading to

the formation of higher thermal stresses in the pavement.
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8.4.4. Combined Comparison of Criteria

Using criteria limits and threshold values for binder properties derived in the previous sections,
an overall comparison of criteria pass/fail status was compared to observed field performance, as

shown in Table 14.

Table 14 Comparison of relevant binder low temperature criteria to field performance

Physical Hardening VTorjr;n;tor'i c Binder Fracture
Section Cracking G n l; 4I.ha|’t a; (1/°C) | Usat-12°C | Grat-12°C
MTN MID P P P P F P
VAL | SEVERE | * F F F F F
CAN LOW P P P P P P
CIT MID P P P P F P

It can be seen that the VAL section that showed the severest cracking failed all criteria,
while binder used in CAN section that passed all criteria had the best field performance with
minimal cracking. The materials used in the MTN and CIT sections that showed medium levels
of cracking, passed the physical hardening and thermo-volumetric property criteria, but did not
satisfy the Ug limit for superb tolerance against cracking. The results are promising, as they
demonstrate the relevance of the studied binder properties to low temperature cracking

performance in the field.

8.5. Chapter Summary

The thermal stress buildup during cooling was investigated using the calculation model
previously described, capable of accounting for time dependent strain (physical hardening). By
varying the thermal volumetric properties a sensitivity analysis on these parameters was
performed. Attempts were made to establish binder and mixture failure criteria using the low

temperature experimental properties. The following notable findings can be stated:
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The liquid phase CTE, oy and the glass transition temperature, Ty, showed the most

influence on the rate and trend of thermal stress buildup; the later becoming more
prominent when accounting for the time dependency of strains in the glass transition
region. Comparison to field thermal cracking observations confirmed this finding,

yielding an approximate maximum liquid CTE limit of 7.5x10™* m/m°C.

Predicted dependency of thermal stress on ag was low, which was also shown when
comparing to field thermal cracking performance. The limited sensitivity of thermal
stress to changes in magnitude of og indicates the possibility of using a typical value for

ag in place of experimental measurement.

Assumption of a constant CTE at low temperatures can lead to significant error in
calculation of thermal stress. Overall, it is concluded that accurate calculation of thermal
stress during cooling is not possible without reliable measures of the a;, Tq and the

transition width.

It is believed that the behavior of asphalt mixtures under thermal strain and time-
dependent strain would be very different up to the point of ultimate failure. The
differences depend on the susceptibility of the asphalt to physical aging. Decreasing the
cooling rate may result in faster, slower or similar rates of thermal stress build-up,
consequently limiting the use of thermal stress and strain at failure for building low
temperature cracking failure envelopes.

Using limit values derived from ductile-brittle analysis for G (20 J/m?) and Us (0.35
mm), as well as the Us threshold of 1.5 mm can be sued as performance criteria. A

proposed chart was plotted for the BBR-SENB results.
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A clear distinction between physical hardening potential of the highly cracked sections

and the other binders was observed, especially when considering physical hardening
model parameter “n” and hardening index after 24hrs of conditioning. Minimum limit
lines were defined for “G” (3.0) and “n” (30.0) based on section performance.

Furthermore, the binder with hardening index above 0.3 at its T4 showed excessive

cracking in the field.

The field section that showed the severest cracking failed all criteria, while the best
performing section passed all criteria. The material that showed medium levels of
cracking passed most of the criteria while failing one of the SENB criteria. The results
demonstrate the relevance of the binder properties studied to low temperature cracking

performance in the field.
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9. Summary of Findings and Conclusions

9.1. Summary of Findings

In this study, the Asphalt Thermal Cracking Analyzer (ATCA) was used to show how asphalt
mixtures undergo isothermal contraction, and the consequences of this behavior for the
performance and buildup of thermal stress. A prediction model for the rate of physical hardening
at different temperatures and conditioning times was proposed based on a creep viscoelastic
model and concepts derived from the study of a large number of modified and unmodified
binders. The model was used to predict changes in BBR parameters (i.e. S(60) and m(60)) after
various isothermal conditioning times. The model was then extended to mastics and a conversion

factor was derived to shift results for applicability in asphalt mixture thermal strain calculation.

The physical hardening model of binders was coupled with relaxation modulus master
curves and glass transition measurements to propose a model for the calculation of thermal stress
buildup in mixtures as a continuous function of conditioning time and temperature. The key idea
behind this model is that the input thermal strain can be divided into small increments for which
the relaxation response can be easily computed and added in time to obtain the total thermal
stress. The model was validated using an elaborate set of experimentally derive input properties

for two mixtures at two different cooling rates.

An experimentally calibrated multi-phase micromechanical model for asphalt mixture
undergoing thermal shrinkage and glass transition was developed in a finite element platform.
The results where compared to experimental data measured using a special TSRST device which

allow measuring strain and stress build up during cooling.

The following main findings are derived from the analysis of results:
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The rate of physical hardening does not increase indefinitely as temperature decreases.

Based on literature review and the experimental data collected, it is found that the rate of
hardening peaks at a specific temperature, and approaches zero as the temperature
increases or decrease toward the limits of the glass transition region. The peak

temperature was shown to correspond to the glass transition temperature of the binder.

The liquid phase CTE, oy and the glass transition temperature, Ty, showed the most
influence on the rate and trend of thermal stress buildup; the later (T4) becoming more
prominent when accounting for the time dependency of strains in the glass transition

region. Comparison to field thermal cracking observations confirmed this finding.

Dependency of thermal stress on o4 was found to be relatively low, as also shown when
comparing to field thermal cracking performance. The limited sensitivity of thermal
stress to changes in magnitude of og4 indicates the possibility of using a typical value for

ag in place of experimental measurements.

It is believed that the behavior of asphalt mixtures under thermal strain and time-
dependent strain would be different depending on the susceptibility of the asphalt to
physical hardening. Decreasing the cooling rate may result in faster, slower or similar
rates of thermal stress build-up, consequently limiting the use of thermal stress and strain

at failure for building low temperature cracking failure envelopes.

A clear distinction between physical hardening potential of the highly cracked sections
and the other binders was observed, especially when considering physical hardening

[199%2)

model parameter “n” and hardening index after 24hrs of conditioning.
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e The field section that showed the severest cracking failed all criteria, while the best

performing section passed all criteria. The material that showed medium levels of
cracking passed most of the criteria while failing one of the SENB criteria. The results
demonstrate the relevance of the studied binder properties to low temperature cracking

performance in the field.

e Using limit values derived from ductile-brittle analysis for G¢ and Us, as well as an
additional Us threshold for good performance a performance criteria chart is proposed

based on comparison with field performance results.

9.2. Conclusions

The results of this study indicate that physical hardening of binders has important effects on the
thermal stress and thermal strain accumulation in mixtures during cooling cycles. Failure to
consider this time dependent behavior, which varies among binders, could lead to failure in
predicting performance. The existing modulus and strain used in predicting thermal cracking of
asphalt pavements need revisions to integrate a function for the time dependent changes. A
model is proposed in this thesis that requires measuring glass transition and creep stiffness of

binders.
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