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abstract

Thin-walled cold-formed steel (CFS) members have been widely used in the con-

struction industry because of their unique advantages. A new family of CFS known

as advanced high-strength steel (AHSS) has been developed with unprecedented

combinations of strength and ductility. An extensive study of the material proper-

ties and member structural performance of AHSS is presented. The study consists

of five different parts. The first three parts introduce the material properties of

AHSS under different temperature scenarios including ambient, elevated tempera-

tures, and subzero temperatures. Each of the three parts contains the experimental

stress-strain curves and key material properties, as well as the developments of

the constitutive relation modeling and the predictive equations for the parameters

required by the proposed constitutive models. The fourth part introduces the resid-

ual stress distribution of press-braked AHSS members. An experimental study

using the sectioning method is conducted for the residual stress measurement and

a numerical study using a validated finite element model is presented to provide

extra residual stress data through the steel sheet thickness. The fifth part introduces

the torsional behaviors of CFS members. It contains two parametric studies using

validated models. The first parametric study contains the predictive equations of

bimoment capacity for members under torsional loads. The second parametric

study contains the controlling interaction equations between moment and bimo-

ment for members under combined bending-torsion with different bracing and

loading conditions. The study shows the uniqueness of AHSS material and struc-

tural behaviors compared with conventional steel and provides useful data and

information for potential AHSS applications in the construction industry in the

future.
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Chapter 1

Introduction

1.1 Motivation

Thin-walled cold-formed steel (CFS) members formed from coils of mild steel have

been widely used in the structural and construction industries in the United States

and globally since the 1940s. In general, CFS members have unique advantages,

including nestable sections for compact packaging and shipping, lightweight and

consequently high strength-to-weight ratios, and high recyclability [1].

Owing to material science advances at the microstructural level over the past

two decades, advanced high-strength steel (AHSS) has been developed. AHSS

are steels with unique microstructures utilizing complex deformation and phase

transformation processes to achieve unprecedented combinations of strength and

ductility. The design and manufacture of AHSS require circumspect selections

of chemical compositions and precisely controlled heating and cooling processes.
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Subsequently, AHSS exhibit a multiphase microstructure containing one or more

phases different from ferrite, pearlite, or cementite. Rather, these phases, for ex-

ample, include martensite, bainite, austenite, and/or retained austenite that are

sufficient in quantities to produce unique mechanical properties.

AHSS includes new grades of sheet steel with yield strength up to 1250 MPa,

ultimate strength up to 1900 MPa, and tensile elongation upwards of 20% to 30%.

In addition, different from conventional steels, the terminology AHSS is classified

by its metallurgical designation, rather than the steel grades. As a result, AHSS can

have a wider range of grades (e.g., with ultimate strength as low as 440 MPa and

yield strength as low as 210 MPa) than the conventional high strength steels, which

require a yield strength higher than 460 MPa [2].

AHSS has been maturely developed and applied in the automobile industry

for its excellence in stiffness, crash performance and formability [3]. The civil

construction industry requires different design constraints than the automobile

industry, therefore research needs to be carried out on the application of AHSS

members as load-bearing components in structural framing for civil construction.

For any attempt to characterize the structural performance of AHSS members,

accurate understandings of the naturalmaterial properties, the effects of the forming

processes, and member-level structural behaviors under typical loading conditions

are essential.
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1.2 Scope and objectives

This study is designed to thoroughly understand the material behavior at different

temperature scenarios, the residual stresses, and the member structural behavior

under torsional loads for cold-formed steel, particularly the AHSS.

The research on the AHSS material behavior at different temperature scenarios

consists of three parts. The first part considers the ambient temperature scenario as

the most common case, the second part considers the elevated temperature scenario

simulating the steel under fire, and the third part considers the subzero temperature

scenario for potential application in high latitude regions with cold climate. Each

part focuses on providing the experimental stress-strain database and the accurate

modeling of the constitutive relationship for AHSS at different temperatures. To

achieve these objectives, a series of tensile coupon tests on specimens with a wide

range of strengths and elongations made from dual phase steel, martensitic steel,

high-strength low-alloy steel, and conventional mild steel alloys were conducted.

Based on the test results including stress-strain curves and key material properties

extracted from the stress-strain curves, comparisons between the experimental

stress-strain data and the fits using existing models are analyzed. The causes

for the unsatisfactory fit accuracy using existing models are discussed and the

development of an updated model designed for both AHSS and other CFS showing

similar stress-strain behavior is presented.

The residual stress research focuses on providing the residual stress magnitude

and distribution for the press-braked lipped angle AHSS sections. To achieve

this objective, four lipped angle sections cut from two press-braked dual phase
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members were cut using the sectioning method. The strains at selected locations

including corners, flat regions of legs, and lips for both inner and outer surfaceswere

measured during the whole sectioning process. Residual stresses on both surfaces

and corresponding membrane and flexural residual stresses were calculated from

these measured strains.

The torsion research focuses on developing the bimoment strength prediction

for CFS members only under torsional loads and the moment-bimoment inter-

action equations for CFS members under combined bending-torsion. To achieve

these objectives, a group of simulation models was designed and developed for

different loading scenarios after being validated with existing experimental results

[4]. Effects from different steel grades, cross-section geometries, member lengths,

loading directions, and eccentricities were studied in the simulation. Based on

the simulation data, a parametric study to develop a simple uniform equation to

calculate the member bimoment strength under torsion alone is provided. Besides,

another detailed parametric study to develop the interaction equations for CFS

under combined bending-torsion is given.

Additionally, a numerical study focusing on determining the stiffnesses of purlin

bracing in metal building system is presented as supplementary for AHSS member

structural behavior. To achieve this objective, a finite element model was developed

to simulate the reality condition of a Zee purlin truncation laterally supported

by a pair of bolted channel bracing. AHSS stress-strain curve was adopted in the

material property definition. Both the lateral linear stiffness and rotational stiffness

along purlin longitudinal direction provided by purlin bracing for purlins with
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different web depths were calculated and given using different loading conditions.

1.3 Dissertation Layout

This dissertation consists of seven chapters besides the introduction and the conclu-

sion. For Ch. 2 to 6, each chapter summarizing one aspect of the overall project. Ch.

2 and 3 are published journal articles [5], [6]. Ch. 4 is a journal article manuscript

that has been submitted. Ch. 5 and 6 summarize the ongoing work that will be

implemented into journal articles in the near future, and a large portion of these

two chapters are from conference proceedings [7], [8]. The following is a brief

summary of the content provided in each chapter of this dissertation. It should be

noted that there is no overall literature review chapter as relevant information is

presented within each individual chapter.

Chapter 2 contains details on the test setup, procedures, and results for the

tensile coupon test on AHSS specimens at ambient. Besides, detailed analysis on the

characteristics of the AHSS stress-strain curves is conducted and the development

of a two-stage plus linear model are proposed. The prediction for the required

parameters in the proposed model is provided.

Chapter 3 contains details on the developments of an updated two-stage plus lin-

ear model and an updated bilinear plus linear model based on different stress hard-

ening processes for different steel using different test methods (e.g., steady-state

method and residual method). Besides, the predictive equations for the required

parameters of the proposed models are given as functions of test temperature.



6

Chapter 4 contains details on the test setup, procedures, and results for the

tensile coupon test on AHSS specimens at subzero temperatures down to -60◦C.

Besides, predictions for material properties are given and a comparison for the

effects on important material properties under subzero temperatures between the

steel specimens in this study and different steel specimens from literature with a

wide range of thicknesses, grades, and steel types are included.

Chapter 5 contains details on the residual stress measurement using sectioning

method for lipped angle specimens with different corner radii cut from dual phase

steel members. Besides, a numerical simulation aiming reproducing the steel

member manufacturing process is presented and validated by the test data. The

through-thickness residual stress distribution at selected locations is given by the

validated model.

Chapter 6 contains details on the developments of bimoment strength predic-

tion for CFS members under torsional loads and moment-bimoment interaction

equations for CFS members under the combined bending-torsion.

Chapter 7 contains a summary of the project, conclusions, and recommendations

for future work.

The appendix introduces a numerical method to determine the stiffness of purlin

bracing for metal building system following the reality engineering practice.
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Chapter 2

Numerical modeling of stress-strain

relationships for advanced high

strength steels

Xia, Yu, Ding, Chu, Li, Zhanjie , Schafer, Benjamin W., and Blum, Hannah B. “Nu-

merical modeling of stress-strain relationships for advanced high strength steels.”

Journal of Constructional Steel Research, 182 (2021): 106687.

https://doi.org/10.1016/j.jcsr.2021.106687

Themain body of Chapter 2 is from this published journal article. Some extra useful

relevant information that is not included in the journal article is presented in the

Addendum of this chapter.
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Abstract

As a result of altered chemical composition, multiphase microstructures, and other

micromechanical changes, advanced high-strength steel (AHSS) has three to five

times the strength of conventional mild steels. Developed for automotive applica-

tions, AHSS has a high potential for application in cold-formed steel construction.

However, the material properties must be properly understood and quantified

for application to structural design with economic efficiency. A series of tensile

coupon tests were carried out to determine typical AHSS material properties. Ex-

isting stress-strain models, designed for steels with gradual strain hardening, were

studied and recalibrated to the AHSS test data. No existing method provided an ac-

curate fit for all cases. An updated two-stage plus linear stress-strain model, based

on the Ramberg-Osgood expression, was developed. The predictive equations for

the parameters required by the new model were provided based on the statistical

analysis of AHSS test data. In addition, from the discussion of the new model,

a novel proof stress was recommended to represent the yield strength of AHSS.

The energy was used to compare the AHSS experimental stress-strain curves with

conventional steel stress-strain models to examine the rationality of the proposed

proof stress as the yield strength in design.

2.1 Introduction

AHSS includes various families of steel, including Dual Phase (DP), Complex Phase

(CP), Ferritic-Bainitic (FB), Martensitic (MS), Transformation-Induced Plasticity
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(TRIP), and more. Different families of AHSS are made with specifically selected

chemical composition andmanufacturing processes, which result in uniquematerial

properties. Among various AHSS families, DP and MS currently have the lowest

manufacturing cost and therefore are advised to be firstly studied for structural

engineering applications as they have the lowest cost barrier to entry. DP steels

comprise a ferritic matrix that encompasses a hard martensite second phase and

a higher percentage composition of the hard martensite second phase generally

demonstrates higher steel strength. DP steels are produced by a controlled cooling

process from the initial two-phase ferrite plus austenite phase to transform some

austenite to ferrite before transforming the remaining austenite to martensite. DP

steels typically have a high degree of ductility andmay have a lower cost and higher

availability than other AHSS. MS steels comprise a martensitic matrix containing

ferrite and bainite and generally have the highest strengths. MS steels are produced

from the austenite phase to transform most of the austenite to martensite. The

chemical composition of MS steels also includes carbon, manganese, silicon, and/or

other elements to increase steel hardenability and strengths. MS steels typically

have somewhat lowered ultimate elongations at fracture [2].

In this chapter, a series of tensile coupon tests on specimens made from two

different families of AHSS (DP and MS) is presented. The tests were conducted

per ASTM E8 [9], and additional procedures and techniques recommended by

Huang and Young [10] were also adopted. A numerical model of the stress-strain

relationship for AHSS is proposed. Existing models on steels with gradual yielding,

including conventional CFS and stainless steel, are discussed. Numerical studies
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show that existing models discussed in this paper do not accurately fit AHSS σ-ε

curves from the tests conducted herein. Therefore, this paper proposes an updated

two-stage plus linear stress-strain model for AHSS. The excellent fit between the

proposed model and the AHSS test σ-ε curves are achieved. For scenarios when

the full σ-ε curve is unavailable, predictive equations for the parameters in the

proposed model are also proposed based on a statistical analysis of the AHSS test

data. From the discussion on the proposed model, the possibility of adopting a

new proof stress level to represent yield strength is also raised. A discussion of the

proposed proof stress is carried out by comparing the energy dissipation between

the AHSS test curves and conventional stress-strain models.

2.2 Existing stress-strain models

Accurate modeling of the constitutive relationship for metallic materials is essential

in advanced structural design and numerical analysis. Different from conventional

mild steels with a clear yield point and yield plateau, the σ-ε relationship for sheet

steel are generally more rounded with an increased yield strength, an increased

ultimate strength, and a decreased proportional limit. To depict the non-linear σ-ε

relationship for CFS, variousmodels have been proposed. Among thesemodels, the

Ramberg-Osgood (R-O) model [11] is widely recognized and extensively used, not

only for CFS but also for other metals with similar stress-strain behaviors including

stainless steel and aluminum. The universal form of the R-O model is shown in Eq.

2.1:
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ε =
σ

E
+ p

(
σ

σp

)n

for 0 ⩽ σ ⩽ σu (2.1)

where σ denotes stress and ε denotes strain, E is elastic modulus, σp is the proof

stress which corresponds to a plastic strain of p, and n is the exponential coefficient

which determines the degree of curvature for the stress-strain model.

For p = 0.002, Fig. 2.1 shows the effect of hardening parameter n on the σ-ε

curve. When n < 1, the σ-ε curve is concave; when n = 1, the σ-ε curve is a straight

line between the origin and the ultimate point, which is the end of the model; and

when n > 1, the σ-ε curve is convex. For the convex case (i.e. n > 1), as n increases,

the degree of curve convexity becomes less sensitive to the increment of n; and

when n approaches positive infinity, the curve is comprised of two straight lines.

Thus, n = 1 is elastic and n → +∞ is elastic-perfectly-plastic. The σ-ε curve will

pass through the origin and the 0.2% proof stress σ0.2, regardless of the value of

n. The R-O model is only able to depict the constitutive relationship when it is

monotonically increasing. The R-O model is unable to depict the strain softening

process after the ultimate point. These two constraints apply to all updated models

originating from the R-O model. The most commonly used evolution of Eq. 2.1

was proposed by Hill [12], where p = 0.002 was used as shown in Eq. 2.2.

ε =
σ

E
+ 0.002

(
σ

σ0.2

)n

for 0 ⩽ σ ⩽ σu (2.2)

Previous studies [13]–[15] have shown that Eq. 2.2 is able to provide accurate

approximations of experimental σ-ε curves at relatively lower stress levels (e.g.
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Figure 2.1: Different scenarios of Ramberg-Osgood expression using different n.

up to 0.2% proof stress), and is inaccurate at higher stress regions for CFS sheets.

Therefore, the original one-stage R-O model is not able to accurately depict the

entire σ-ε behavior of steel up to ultimate. As such, researchers have made updates

to the original R-O model. Among all these updates, the central idea is to divide

the curve into several stages and model them separately.

A two-stagemodel R-Owas first proposed byMirambell andReal [13]. They con-

ducted a series of tensile coupon tests of cold-formed stainless steel Type 304/304L

and proposed Eq. 2.2 for stress up to σ0.2 and a new Eq. 2.3 for stress between σ0.2

and ultimate strength σu:

ε =
σ− σ0.2

E0.2
+ εpu

(
σ− σ0.2

σu − σ0.2

)m

+ ε0.2 for σ0.2 ⩽ σ ⩽ σu (2.3)

where E0.2 is the tangent modulus at σ0.2, εpu is the total plastic strain of ultimate

point, ε0.2 is the total strain corresponds to σ0.2, and m is the exponential coefficient

determining the degree of curvature of the σ-ε curve between the 0.2% offset and

the ultimate.
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Rasmussen [14] independently proposed an approximate expression of Eq.

2.3 for austenitic, duplex, and ferritic stainless steel alloy as shown in Eq. 2.4 by

neglecting the difference between the ultimate strain εu and the plastic strain of the

ultimate point εpu (εpu ≈ εu) because stainless steels are generally ductile.

ε =
σ− σ0.2

E0.2
+ εu

(
σ− σ0.2

σu − σ0.2

)m

+ ε0.2 for σ0.2 ⩽ σ ⩽ σu (2.4)

Rasmussen also proposed an expression of E0.2 as shown in Eq. 2.5 and 2.6. To

calculate the slope of the curve at σ0.2, E0.2 andm in Eq. 2.4 are unknown before they

are calculated, therefore instead of Eq. 2.4, Eq. 2.2 is used as the strain expression

in Eq. 2.5 and 2.6.

1
E0.2

=
∂ε(σ)

∂σ
|σ=σ0.2 =

1+ 0.002nσn−1

σn
0.2

E

E
|σ=σ0.2 =

1+ 0.002n E
σ0.2

E
(2.5)

E0.2 =
E

1+ 0.002n E
σ0.2

(2.6)

Gardner and Nethercot [15] studied the material properties of Grade 1.4301

stainless steel and updated Eq. 2.3 so that the model passes through the ultimate

point. For mathematical consistency, the second stage expression is updated as

shown in Eq. 2.7 for σ0.2 ⩽ σ ⩽ σu.

ε =
σ− σ0.2

E0.2
+

(
εu − ε0.2 −

σu − σ0.2

E0.2

)(
σ− σ0.2

σu − σ0.2

)m

+ ε0.2 (2.7)

Additionally, Gardner further updated the second stage expression by forcing
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the expression to pass through σ0.2 and the 1% proof stress σ1.0 as shown in Eq.

2.8 to expand the applicability of the model to include compression stress-strain

behavior, where σu is generally unavailable.

ε =
σ− σ0.2

E0.2
+

(
0.008− σ1.0 − σ0.2

E0.2

)(
σ− σ0.2

σ1.0 − σ0.2

)m

+ε0.2 for σ0.2 ⩽ σ ⩽ σu (2.8)

Inspired by thework ofGardner andNethercot [15], Li andYoung [16] proposed

a two-stage stress-strain model (as shown in Eq. 2.9 for 0 ⩽ σ ⩽ σ0.2T and Eq. 2.10

for σ0.2T < σ ⩽ σuT , where the subscript T indicates the material property at

temperature T ◦C) designed for cold-formed high strength steel at both ambient

and elevated temperature, and a series of predictive equations for the parameters

required by the model were provided. The proposed two-stage model was verified

by the accurate fits with experimental stress-strain curves at both ambient and

elevated temperatures up to 1000◦C of two series of cold-formed high-strength

steels with nominal yield strengths of 700 MPa and 900 MPa at ambient.

ε =

(
σ

ET

)
+ 0.002

(
σ

σ0.2T

)n

(2.9)

ε =

(
σ− σ0.2T

E0.2T

)
+

(
εuT − ε0.2T −

σuT − σ0.2T

E0.2T

)(
σ− σ0.2T

σuT − σ0.2T

)m

+ ε0.2T (2.10)

Besides two-stage models, multiple-stage models were also proposed to further
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improve curve fit accuracy. Hradil et al [17] updated Mirambell’s two-stage model

[13] and proposed a generalized multiple-stage stress-strain model which was

flexible to accommodate any amount of measured or recommended parameters. In

their paper, a three-stagemodel was used as an example of themultiple-stagemodel.

Stress-strain data from the origin to the ultimate was split into three stages by σ0.2

and σ1.0. The first stage expression is given in Eq. 2.2, the second stage expression is

given in Eq. 2.11, and the third stage expression is given in Eq. 2.12. The definitions

of some new parameters, including ε0.2
⋆, ε1.0⋆, n2, and n3, are introduced in the

original source [17]. A set of explicit equations as the inversion of Eq. 2.2, 2.11, and

2.12 were also provided.

ε =
σ− σ0.2

E0.2
+ ε0.2

⋆

(
σ− σ0.2

σ1.0 − σ0.2

)n2

+ 0.002+ σ0.2

E
for σ0.2 ⩽ σ ⩽ σ1.0 (2.11)

ε =
σ− σ1.0

E1.0
+ ε1.0

⋆

(
σ− σ1.0

σu − σ1.0

)n3

+ 0.01+ σ1.0

E
for σ1.0 < σ ⩽ σu (2.12)

Quach [18] further updated the model for stainless steel from the works of

Olsson [19] and Gardner [20], and came up with a new three-stage model. The

first stage expression is given by Eq. 2.2. The second stage ranges from σ0.2 to 2.0%

proof stress σ2.0 and the expression is given by Eq. 2.13.
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ε =
σ− σ0.2

E0.2
+

(
0.008+ (σ1.0 − σ0.2)

(
1
E
−

1
E0.2

))(
σ− σ0.2

σ1.0 − σ0.2

)m

+ ε0.2 (2.13)

A similar expression of the second stage was also adopted in [20] and [21]. The

third stage ranges from σ2.0 to σu. The third stage expression is based on a linear

relationship between true stress σt and engineering strain ε, (σt = a+ bε) and is

given by Eq. 2.14:

ε =
σ− a

b− σ
for σ2.0 < σ ⩽ σu (2.14)

where parameters a and b are calculated by Eq. 2.15 and 2.16 using material prop-

erties including ε2.0 (the strain of 2.0% proof stress ), εu (total strain corresponds

to σu), and σu.

a = σ2.0(1+ ε2.0) − bε2.0 (2.15)

b =
σu(1+ εu) − σ2.0(1+ ε2.0)

εu − ε2.0
(2.16)

Besides the two-stage and multi-stage models based on the R-O expression,

some updated models as transformations of the R-O expression or as combinations

of the R-O expression and other equations have been proposed. MacDonald [22]

came up with a uniform expression for modeling the full range σ-ε relationship of

cold-formed stainless steel as shown in Eq. 2.17.
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ε =
σ

E
+ 0.002

(
σ

σ0.2

)i+j
(

σ
σ0.2

)k
for 0 ⩽ σ ⩽ σu (2.17)

The idea of this model is to amplify the value of n in Eq. 2.2 for the larger strain

region, particularly after σ0.2. The numerical coefficients i, j, and kwere obtained by

error minimization on the test data. These coefficients were calculated as numbers

between 2.5 to 6.0 and were found to be related to the steel sheet thickness.

Olsson [19] conducted research with a focus on plasticity models for stainless

steel alloys and proposed a two-stage model depicting the relationship between

the true stress σt = σ(1 + ε) and engineering strain ε. Eq. 2.2 is used as the first

stage expression when 0 ⩽ σ ⩽ σε=0.02, where σε=0.02 is the stress corresponding to

ε = 0.02. The second stage is depicted as a line when σε=0.02 < σ ⩽ σu.

Abdella [23] proposed an approximate inversion of Eq. 2.2 and Eq. 2.7 for

stainless steel alloys as shown in Eq. 2.18 for 0 ⩽ εn < 1 and 2.19 for 1 < εn ⩽ εnu

respectively:

σn =
rεn

1+ (r− 1)εpn
(2.18)

σn = 1+ r0.2(εn − 1)

1+ (r⋆ − 1)
(

εn−1
εnu−1

)p⋆ (2.19)

where σn is the stress normalized by σ0.2, εn is the strain normalized by ε0.2. All

other parameters are clearly defined in [23]. The proposed explicit expressions

were verified by fitting the σ-ε curve database from [14].
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Ma et al. [24] conducted a series of material properties experiments on cold-

formed high-strength steel with nominal yield strength up to 1100 MPa and pro-

posed a new constitutive model based on the original R-O expression (i.e. Eq. 2.2).

The strain, as the output of the model, is explicitly depicted as expressions of plastic

strain, εpl, as shown in Eq. 2.20:

ε = εp +
σ

E
= εp +

(σ0.2

E

)( εp

0.002

)( 1
n0+Kεmp

)
(2.20)

where K is determined per arithmetic consistency at the ultimate point as defined

in [24].

Besides the stress-strain model itself, accurate prediction of the parameters

required by the model is also essential. Gardner and Yun [25] collected σ-ε curves

of CFS sheets with nominal yield strengths ranging from 235 MPa to 1100 MPa

from over 700 experiments. They reviewed the predictive equations for the key

parameters of the two-stage CFS stress-strain model (e.g. model proposed by Mi-

rambell and Real [13], Eq. 2.2 and 2.3) from existing literature and then developed

a series of equations for these parameters based on the literature review and the

statistical study on the collected experimental database. The accuracy of the predic-

tive equations was verified by comparison between the stress-strain model using

parameters predicted by the proposed equations and parameters captured from

the experimental database. Further discussion regarding the suitability of existing

predictive parameters with the AHSS database is presented in Section 2.5.1.
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2.3 Tensile coupon testing

2.3.1 Test specimens

A total of 43 coupons were cut from 6 steel sheets by waterjet at UW-Madison

TEAMLab and H&H Precision Wire in Newport, PA. The AHSS sheets including

dual phase steel (DP) and martensitic steel (MS) with five different grades were

studied. A piece of high-strength low-alloy steel (HSLA) (a type of conventional

high-strength steel) sheet was also studied in this paper. The chemical composition

of the tested steels is shown in Table 2.1. Note for DP-340, DP-700, andMS sheets, the

composition is typical only, because the exact chemical composition is proprietary.

Nominal yield strengths range from 340 MPa to 1200 MPa and nominal ultimate

strength range from 590 MPa to 1500 MPa. Nominal dimensions of the coupon

are per ASTM E8 [9] as shown in Fig. 2.2. Each steel sheet was labeled by its steel

family and nominal yield strength in MPa, i.e.: DP-340, DP-580, DP-700, HSLA-700,

MS-1030, and MS-1200. The coupons were labeled by the steel sheet label, the

cutting direction, and an index number. For example, HSLA-700L01 stands for

coupon #1 cut along the longitudinal (coiling) direction of sheet HSLA-700. Other

direction labels included “T" for transverse direction and “D" for diagonal (45◦)

direction along the sheet. Table 2.2 summarizes the nominal properties and test

matrix. Actual width b and thickness t for each coupon were measured before the

test using a caliper and micrometer as reported in Table 2.3. HSLA-700 and DP-700

were coated with galvanized zinc and the actual thicknesses of these coupons were

measured after removal of the coating by 1-molar HCl solution, after which the
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Table 2.1: Chemical composition of AHSS.

steel DP-340 DP-580 DP-700 HSLA-700 MS-1030 MS-1200
C (max %) 0.12 0.167 0.17 0.104 0.16 0.28
Si (max %) 0.4 1.413 0.4 0.012 0.4 0.4
Mn (max %) 1.6 2 1.7 2.32 1.8 1.3
P (max %) 0.025 0.01 0.02 0.013 0.02 0.02
S (max %) 0.01 0.002 0.01 0.004 0.01 0.01
Al (%) ⩾ 0.015 0.047 ⩾ 0.01 0.031 0.015 0.015

Nb+Ti (max %) 0.1 0.006 0.15 - 0.1 0.1
Cr+Mo (max %) 1 0.043 1 0.606 1 1

V (max %) 0.2 0.005 - 0.001 - -
B (max %) 0.005 0.0003 0.005 0.0001 0.005 0.01
Cu (max %) 0.2 0.02 0.2 0.02 0.2 0.2

Ni (%) - 0.01 - 0.01 - -
Sn (%) - 0.008 - 0.002 - -
N (%) - 0.004 - 0.005 - -
Cb (%) - 0.003 - 0.002 - -
Sb (%) - - - 0.001 - -
Ca (%) - - - 0.001 - -

Figure 2.2: Nominal dimensional tensile coupon test specimen.

thickness of the coupons was reduced by 0.04 mm on average. The other steel sheets

were uncoated.

2.3.2 Test procedures

A MTS Criterion Model 43 loading system with a maximum capacity of 50 kN

was used for the tensile tests. An extensometer with a 25.4 mm gauge length was
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Table 2.2: Nominal coupon properties and test matrix.

steel t (mm) σy (MPa) σu (MPa) test matrix
DP-340 1.4 340 590 L:2, T:2, D:1
DP-580 1.8 580 980 L:5, T:4, D:0
DP-700 1.4 700 980 L:2, T:2, D:2

HSLA-700 0.6 700 980 L:5, T:3, D:0
MS-1030 1.0 1030 1300 L:4, T:2, D:2
MS-1200 1.0 1200 1500 L:3, T:2, D:2

attached to the coupon center tomeasure strain. Before the test, themeasuredwidth

b and thickness t of the coupon were input into the test control program, so that

the real-time relationship between engineering stress (applied load divided by the

initial cross-sectional area of the reduced parallel section) and strain (extensometer

reading) was available during the test. A previous study [26] has indicated some

loading rate σ-ε sensitivity. During the test, two different loading rates conforming

to ASTM requirements [9] were used: initially, the loading rate was 0.2 mm/min

until the stress achieved the nominal yield strength; the loading rate was then

increased to 0.6 mm/min until fracture. Similar to the recommendation in [10],

a slower loading rate before achieving the nominal yield strength was utilized

to guarantee sufficient data in determining the elastic modulus. Consistent with

Huang’s recommendation [10], each test was manually paused twice. When the

test was paused, the stress would decrease until stable and the duration for each

pause was three minutes. For each test, the first pause was at the nominal yield

strength and the second pause was at the nominal ultimate strength, as shown in

Figure 2.3(a). Pausing near the yield strength (0.2% proof stress) and ultimate

strength for 100 s to allow the stress relaxation to take place is recommended by

[10]. Before testing, only the nominal values of yield and ultimate strengths are
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known, therefore the nominal values were utilized for the generation of static drops.

The static drop is used to estimate any stress amplification from the loading rate

and to calculate the static stress.

2.3.3 Test results

For each test, the primary result is the dynamic σ-ε curve. Following the steps as

depicted in Fig. 2.3, the static stress for each applicable data point is calculated by

subtracting the stress amplification from its dynamic stress using the two static

drops generated during the test, where ∆σx is the stress amplification of location x.

When x is between the proportional limit and the left end of the first static drop,

∆σx is calculated by Eq. 2.21; when x is between the right end of the first static

drop and the left end of the second static drop, ∆σx is calculated by Eq. 2.22; when

x is after the right end of the second static drop, ∆σx is calculated by Eq. 2.23.

∆σx =
εx∆σ1

ε1
(2.21)

∆σx =
(∆σ2 − ∆σ1)× (εx − ε1)

ε2 − ε1
+ ∆σ1 (2.22)

∆σx = ∆σ2 (2.23)

When the loading is paused to generate the static drops, the strain increases

slightly; when the loading is resumed, the stress rapidly increases from the valley

of static drop and continues along the original dynamic path. These processes
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Figure 2.3: (a) Comparison between dynamic and static σ-ε curve; (b) (zoom-in view) conversion
from dynamic stress to static stress.
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Figure 2.4: V shape dynamic stress-strain relationship at static drops.

generated a V shape dynamic stress-strain relationship as shown in Fig. 2.4.

A linear relationship is proposed and recommended to define the static stress-

strain relationship for data within the V shape. First, the points where static drop

begins and ends, as well as the valley of the V shape of static drop are found

manually. The linear relationship is assumed to pass through the valley and its

slope is EV as calculated by Eq. 2.24:

EV = tan arctan ELC + arctan ERC

2 (2.24)

where ELC is the slope at the beginning (left) of the static drop and it is defined as

the slope of linear regression for the ten data points before, ERC is the slope at the

end (right) of the static drop and it is defined as the slope of linear regression for

the ten data points after.

The stress amplification at the beginning of the static drop, ∆L, is calculated by

Eq. 2.25, and the stress amplification at the end of the static drop, ∆R, is calculated
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by Eq. 2.26:

∆L = σLC − [EV(εLC − εV) + σV ] (2.25)

∆R = σRC − [EV(εRC − εV) + σV ] (2.26)

where εLC and σLC are the strain and stress of static drop beginning, εRC and σRC

are the strain and stress of static drop end, εV and σV are the strain and stress of

static drop valley.

Note that for the first static drop, the loading rate was 0.2 mm/min until the

pause, and changed to 0.6 mm/min when the loading resumed. Therefore, the

difference between ∆L and ∆R of the first static drop might indicate the difference

in stress amplification resulting from different loading rates. A faster loading rate

will result in a slightly larger dynamic stress amplification (and hence a slightly

larger static drop), but regardless of the loading rate, the static drop will always

reach the same level.

A summary of a representative static σ-ε curve for each steel is shown in Fig. 2.5.

To ensure each data point on the σ-ε curve has the same weight, the experimental

curve was represented by a generalized curve. Sadowski et al. [27] used a two-

stage seventh-order polynomial to represent the experimental curve. However,

their polynomial model used strain as the model input and stress as the model

output, which is the inverse of the R-O expression, and although the coefficient

of variance between the polynomial and the experimental σ-ε curve was larger
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Figure 2.5: Representative static σ-ε curve for each steel.

than 0.96, some local differences were significant. To avoid these two issues, the

experimental σ-ε curve was constructed by linear interpolation along the stress

axis with a uniform stress increment of 0.1 MPa.

Material properties including elastic modulus E, 0.2% proof stress σ0.2, strain

at 0.2% proof stress ε0.2, ultimate strength σu, ultimate strain εu, fracture stress σf,

and fracture strain εf were extracted from the static σ-ε curves and are given in

Table 2.3.

For E, the slope of the linear regression of all data points between stresses of

20% and 45% of the nominal yield strength was used [10]. The 0.2% offset point

was determined as the point with a plastic strain of 0.002. The ultimate point was

determined as the point with the largest static stress. The ratio of σu/σ0.2, which is

an indicator of curve non-linearity, varies from 1.1 to 1.7. AHSS with lower nominal

yield strength tends to have a larger σu/σ0.2. The fracture strain was obtained as

the strain prior to a considerable reduction of engineering stress from the real-time

stress-strain relationship due to fracture of the specimen [10]. In addition, two
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Table 2.3: Properties of AHSS coupon specimens.

series t b E ε0.2 σ0.2 εu σu εf σf

mm mm GPa % MPa % MPa % MPa
DP-340L01 1.382 12.76 215 0.38 378 15.2 608 22.1 601
DP-340L02 1.373 12.74 208 0.36 338 13.7 575 17.4 550
DP-340T01 1.378 12.74 213 0.37 357 10.8 598 11.9 581
DP-340T02 1.381 12.74 219 0.36 360 14.6 603 22.1 580
DP-340D01 1.390 12.75 203 0.38 365 14.2 595 16.4 580
DP-580L01 1.819 13.10 193 0.52 622 11.7 958 13.0 957
DP-580L03 1.818 13.03 197 0.52 626 11.8 945 20.0 902
DP-580L04 1.816 13.12 188 0.53 625 11.8 945 19.8 872
DP-580L13 1.810 12.96 191 0.53 636 9.1 954 16.2 907
DP-580L23 1.803 12.90 197 0.52 638 12.4 970 22.9 841
DP-580T01 1.817 13.07 198 0.52 634 10.2 953 12.4 940
DP-580T02 1.812 13.02 207 0.51 643 9.9 952 11.3 940
DP-580T03 1.802 13.04 209 0.51 640 9.2 962 11.3 922
DP-580T06 1.794 13.07 207 0.51 645 9.7 970 11.2 947
DP-700L01 1.399 12.63 208 0.55 725 7.5 950 16.4 654
DP-700L02 1.394 12.73 216 0.53 717 7.8 952 14.7 705
DP-700T01 1.422 12.61 223 0.50 659 6.7 951 13.7 812
DP-700T02 1.422 12.63 217 0.50 648 6.0 947 13.8 802
DP-700D01 1.410 12.72 227 0.50 681 5.8 937 9.4 826
DP-700D02 1.416 12.73 206 0.54 696 6.0 945 15.8 634

HSLA-700L02 0.620 12.25 175 0.62 732 7.8 1037 8.3 1032
HSLA-700L03 0.629 12.61 176 0.59 677 7.7 993 8.1 986
HSLA-700L04 0.626 12.60 219 0.52 709 5.1 1022 5.4 1014
HSLA-700L08 0.630 12.53 216 0.52 698 6.6 1004 7.7 980
HSLA-700L16 0.628 12.63 191 0.57 714 7.8 1072 9.5 1061
HSLA-700T02 0.619 12.60 199 0.54 677 6.8 1009 7.0 1007
HSLA-700T03 0.623 12.60 183 0.56 656 7.2 982 7.5 981
HSLA-700T11 0.616 12.63 198 0.55 689 7.8 1045 8.7 1035
MS-1030L01 1.000 12.73 225 0.77 1286 3.0 1380 5.6 978
MS-1030L02 1.006 12.73 214 0.77 1223 2.1 1306 3.1 1284
MS-1030L03 0.999 12.74 219 0.75 1199 2.6 1288 3.3 1252
MS-1030L04 1.002 12.73 216 0.76 1206 3.1 1304 3.4 1288
MS-1030T01 1.008 12.73 215 0.75 1173 2.6 1316 3.0 1291
MS-1030T02 1.007 12.77 226 0.72 1174 2.2 1326 2.4 1313
MS-1030D01 1.010 12.73 214 0.75 1185 2.1 1317 2.1 1307
MS-1030D02 1.011 12.73 211 0.76 1175 2.3 1313 6.9 844
MS-1200L01 1.008 12.80 205 0.84 1311 2.9 1490 6.5 1140
MS-1200L02 0.995 12.73 219 0.80 1322 2.9 1505 4.6 1462
MS-1200L03 0.997 12.76 199 0.85 1292 3.6 1490 3.9 1455
MS-1200T01 1.008 12.76 234 0.77 1324 3.4 1519 4.0 1491
MS-1200T02 1.004 12.78 216 0.79 1280 3.3 1471 3.9 1433
MS-1200D01 1.003 12.81 220 0.81 1337 3.8 1534 7.0 1230
MS-1200D02 1.008 12.79 215 0.80 1282 2.4 1460 5.7 1158
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Figure 2.6: Different strain hardening modes for DP-580, MS-1030 and MS-1200.

different fracture modes are observed among the experimental AHSS σ-ε curves

and some examples are shown in Fig. 2.6. The first mode (mode 1) has a sudden

fracture and the second mode (mode 2) has a gradual strain softening process.

Different fracture modes affect the fracture point. In addition, there are generally

no obvious effects of cutting directions on the material properties.

2.4 Updated two-stage plus linear stress-strain model

In this section, existing two-stage and multiple-stage stress-strain models discussed

as in Section 2.2 were used to fit the AHSS σ-ε curves from experiments as described

in Section 2.3.3. Although some of the researchers provided predictive equations

for essential parameters of their stress-strain model, the equations were derived

from particular steel databases, which are different from AHSS in types, grades,

and stress-strain behaviors. Therefore, to achieve an optimal fit, the predictive

expressionswere not adopted in this section; rather, the required parameters of these
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models were fit from the AHSS experimental results. The optimal fit was achieved

by maximizing the coefficient of determination (R2) between the experimental

curve and the numerical model, as shown in Eq. 2.27:

R2 = 1− SSres

SStot

= 1−
∑

i(εi − ε(σi))
2∑

i(εi − εi)2
(2.27)

where σi and εi are the stress and strain of data point i of the experimental curve;

ε(σi) is the model strain corresponding to σi; εi is the average of experimental

strains.

Noticeably, for R-O models, the R2 is calculated by the difference of strain, rather

than stress. Therefore, for higher strain ranges (e.g. the third stage of the three-stage

model), R2 could be small (i.e. poor fit between the test curve and the model), even

if the difference between the test curve and the model is not obvious visually.

2.4.1 Optimal fit between AHSS stress-strain curves and existing

models

The optimal fit between experimental and existing models, using DP-700L02 as an

example, is shown in Fig. 2.7. Models proposed by Mirambell [13] (Fig. 2.7(a))

and Rasmussen [14] (Fig. 2.7(b)) provide accurate fit for the first stage; while the

strain model prediction is lower than experimental strain at the beginning of the

second stage (starting from 0.2% proof stress). Additionally, neither of these two

models mathematically passes through the ultimate point, the difference in the

ultimate strain between the model prediction and the test data is obvious. The
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percentage difference for Mirambell’s model ranges from 6.5% to 23.7% and for

Rasmussen’s model ranges from 12.4% to 47.4%. The inaccuracy of strain prediction

in the high-stress range is large when applying Rasmussen’s model, because the

AHSS being studied in particular the MS, is less ductile than the stainless steel

discussed in [14], and the approximation of using ultimate strain as the plastic

strain of the ultimate point leads to an obvious inaccuracy.

Gardner’s works [15] [20] provide three formats of the updated second stage

model (Eq. 2.7, Eq. 2.8, and Eq. 2.13). As shown in Fig. 2.7(c), Eq. 2.7 mathemati-

cally ensures the model passes through the ultimate point, while similar to the case

of Mirambell’s model, the strain is underestimated at the beginning of the second

stage. Eq. 2.8 provides excellent fit accuracy between 0.2% proof stress and 1.0%

proof stress, while the fit after 1.0% proof stress is less accurate, particularly in the

high-stress range.

The model proposed by Quach [18] (Fig. 2.7(d)) gives excellent fit for the first

two stages, while the third stage by using Eq. 2.14 provides less accurate fit. Also,

Quach’s model requires three more parameters (σ1.0, σ2.0 and ε2.0) than Mirambell’s

and Rasmussen’s model, which might limit the feasibility of the model. Hradil’s

three-stage model [17] (Fig. 2.7(e)) provides excellent fit accuracy for MS-1030

and MS-1200 along the full stress range. For DP and HSLA, the first two stages are

excellently fitted, while the fit for the beginning of the third stage (Eq. 2.12) is less

accurate, particularly for DP-340. Also, Hradil’s model requires more parameters

(σ1.0 and an extra exponential coefficient for the third stage) than others’ two-stage

models. The accuracy of the fit can be increased if the number of model stages
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Figure 2.7: Examples of fit between AHSS σ-ε curves and existing models.
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increases, however, an increased number of extra parameters are also required (at

least two extra parameters for each extra stage).

MacDonald’s one-stage model with variable exponential coefficients [22] (Fig.

2.7(f)) provides an excellent fit up to σ0.2, while the fit is less accurate for the higher

stress range. More importantly, the model is particularly sensitive to the three

parameters i, j, and K, and no accurate predictive equations are available for these

parameters. Therefore, the model is only applicable when the full experimental

stress-strain data is available.

2.4.2 Updated stress-strain model

Based on the discussion above, the existing models might not be able to provide

an accurate fit for the AHSS stress-strain database, particularly for DP and HSLA

steels. Although the existing models can accurately fit the AHSS test stress-strain

curves up to around 0.2% proof stress for most cases, different levels of inaccuracies

are commonly observed thereafter. Although the post-yield inaccuracies might not

result in significant differences for many structural design and analysis cases, some

other important scenarios can be sensitive to these inaccuracies. These scenarios

include numerical simulations of steel forming, blast crushing, collapse, etc., where

the relationship between local strain and engineering strain is crucial [28]. There-

fore, a new model describing the stress-strain behavior of AHSS as shown in Fig.

2.8 is proposed. The proposed model is updated from Gardner’s two-stage model

(Eq. 2.2 and Eq. 2.7), which passes through the origin, 0.2% proof stress, and ends

at the ultimate point. The expressions for the first stage and the second stage of the
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Figure 2.8: Schematic diagram for the proposed two-stage plus linear model.

proposed stress-strain model are shown in Eq. 2.28:

ε =


σ
E
+ p

(
σ
σp

)n
for 0 ⩽ σ ⩽ σp

σ−σp

Ep
+
(
εeu − εp −

σeu−σp

Ep

)(
σ−σp

σeu−σp

)m
+ εp for σp < σ ⩽ σeu

(2.28)

where εp and σp are the strain and stress of p offset (with a plastic strain of p); Ep

is the tangent modulus at σp as calculated by Eq. 2.29; εeu and σeu are the strain

and stress of the equivalent ultimate point.

1
Ep

=
∂ε(σ)

∂σ
|σ=σp

=
1+ pnσn−1

σn
p
E

E
|σ=σp

=
1+ pn E

σp

E
⇒Ep =

E

1+ pn E
σp

(2.29)

Two major updates are made for the newly proposed model. The first update is

to change the demarcation point (referred to as offset point hereinafter) between the
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first and the second stage from 0.2% proof stress to a reassigned proof stress p. The

second update is to change the end of the second stage from the ultimate point to

the equivalent ultimate point.

The equivalent ultimate point is defined as the point with stress equals to 99% of

the ultimate strength at the strain hardening stage. The first stage of the proposed

model is adopted from the origin to the offset point and the second stage is adopted

from the offset point to the equivalent ultimate point. The σ-ε relationship from

the equivalent ultimate point to the ultimate point is described as a line.

For the first update, from the discussion in Section 2.4.1, the existing two-stage

models are not able to provide an accurate fit at the beginning of the second stage.

The inaccuracy is caused by the inaccurate calculation of tangentmodulus E0.2 at σ0.2,

and E0.2 is required in the second-stage expression (e.g. Eq. 2.7). E0.2 is calculated

by using the first stage expression (Eq. 2.2) because the second stage equation (Eq.

2.7) is unknown before the determination of E0.2. This compromise is only accurate

when the transition between the first and the second stage is smooth. From the

experimental σ-ε relationship (e.g. Fig. 2.5), DP and HSLA steels curves are highly

non-linear when the plastic strain is smaller than 0.005; MS steels curves are largely

non-linear when the plastic strain is smaller than 0.002, while the nonlinearity

tends to be small and stable when the plastic strain approaches 0.005. Therefore,

to provide an accurate tangent modulus at the offset point, a larger plastic strain

p is needed, particularly for the DP and HSLA steels. The proof stress offset p

from 0.002 to 0.020 at an increment of 0.001 were iterated for each experimental σ-ε

curve to find the optimal fit with the optimal p by using the error minimization
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method. From the result shown in Fig. 2.9, it is found that the optimal p for DP

and HSLA steels is larger than 0.005, while for MS steels it is less than 0.005. In

addition, for each experimental σ-ε curve, the optimal p has a positive correlation

with increasing σu/σ0.2. A predictive equation is proposed for the optimal p as

shown in Eq. 2.30 (the black dashed line in Fig. 2.9), so that p can be predicted for

AHSS of different grades when σu/σ0.2 is known.

p =
4
150(

σu

σ0.2
− 1) (2.30)

While the data presented in Fig. 2.9 shows a clear trend between the optimal

proof stress offset p and the σu/σ0.2 ratio, there is a visible scatter in the data. For

each steel, a total of five to nine coupons were tested. Due to inherent variability in

the samples, the optimal p found using error minimization might not be the only

feasible value of the proof stress offset. Therefore, a range of p values within the

scatter for each material was considered and tested for fit accuracy by determining

the R2 for all specimens. The range of p values for eachmaterial that fit all specimens

with an R2 greater or equal to 0.995 was determined and is shown as the error bars

in Fig. 2.9. The recommended values of the proof stress offset p for each material

were chosen to reflect the trend of decreasing proof stress offset with increasing

nominal strength from the range of applicable offset values and are given in Table

2.4.

The second update is inspired by the characteristic of the AHSS σ-ε curve.

Compared with other steels with rounded σ-ε curve, AHSS σ-ε curves have a long

strain hardening process with almost no stress increase before the ultimate point.
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Figure 2.9: The relationship between σu/σ0.2 and the optimal p.

For example, from σeu to σu, the average strain increases are 46% for DP-340, 70%

for DP-580, 91% for DP-700, 54% for HSLA-700, 68% for MS-1030, and 47% for MS-

1200. For existing two-stage models as discussed in Section 2.2, the slope change

rate for the second stage model is determined by the second derivative of the σ-ε

relationship as shown in Eq. 2.31, where all parameters are material properties

except form.

∂2ε(σ)

∂σ2 =
(εu − ε0.2 −

σu−σ0.2
E0.2

)m(m− 1)
(σu − σ0.2)m

(σ− σ0.2)
m−2 (2.31)

From the discussion on Fig. 2.1, for test curves with a long horizontal tail portion

before the ultimate point (e.g. case n = 1000), m will be dramatically increased for

Fig. 2.1 to fit this tail. As a result, the increment ofmwill lower the model strain

output and thus sacrifice the model fit accuracy at the beginning of the second

stage. Therefore, to further improve the model accuracy, the long strain hardening

tail portion with minimal stress increase before the ultimate point is excluded from



37

Figure 2.10: Representative examples of the optimal fit with the experimental σ-ε curves using the
proposed two-stage plus linear model for (a) DP-340; (b) DP-580; (c) DP-700; (d) HSLA-700; (e)
MS-1030; (f) MS-1200.

the second stage model. The long horizontal tail portion is modeled with adequate

accuracy and simplicity as a linear relationship between the equivalent ultimate

point and the ultimate point.

Representative examples of the optimal fit with test data using the proposed

two-stage plus linear model for each steel are shown in Fig. 2.10. A summary of the

average values of strain and stress at the offset point and the equivalent ultimate

point as well as n and m determining the optimal fit for each material is shown in

Table 2.4.
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Table 2.4: Offset point, equivalent ultimate point and exponential coefficients for AHSS and HSLA
steel.

sheet DP-340 DP-580 DP-700 HSLA-700 MS-1030 MS-1200
p (%) 2.0 1.5 1.0 1.0 0.2 0.2
εp (%) 2.2 1.9 1.4 1.5 0.8 0.8

σp (MPa) 493.6 853.7 882.4 914.7 1202.6 1307.0
σu/σp 1.2 1.1 1.1 1.1 1.1 1.1
εeu (%) 9.4 6.3 3.5 4.6 1.5 2.2

σeu (MPa) 589.9 946.9 937.4 1010.2 1305.4 1480.5
n 6.2 7.0 7.6 6.2 8.7 15.0
m 4.2 3.2 2.6 3.2 3.2 3.2

2.5 Predictive equations for model parameters

The σ-ε relationship for the updated model requires seven material property pa-

rameters (E, σp, εp, σeu, εeu, σu, and εu) and two non-property parameters (n

and m). By definition, εp and σeu can be calculated by expressions εp = σp/E+ p

and σeu = 0.99σu. Therefore, seven parameters are needed to build the proposed

model. Some of the required parameters are not always provided in design code or

from a steel manufacturer, and some are not always available from experiments

in some cases. To enable the usability of the proposed model for these cases, the

recommendations for these key parameters are provided.

2.5.1 Predictive equations for model parameters from literature

Among the unknown parameters, some are commonly required by existing stress-

strain models, which include elastic modulus, ultimate strength, and ultimate strain.

Therefore, predictive equations of these parameters were used to fit the test results

of AHSS and HSLA steel. Gardner and Yun [25] adopted the Mirambell and Real
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model [13] and developed predictive equations and numerical values for required

model parameters after conducting a statistical study on the CFS database. Fig.

2.11 shows two examples of different situations (cases 1, 2, and 3 from [25]) for

the Mirambell and Real model [13] built by parameters from test results and the

predictive equations developed in [25]. The first example on conventional CFS,

shown in Fig 2.11(a), is from a tensile test on 3.0 mm thick G450 specimen [29].

When using all parameters from the test (case 1), the 2-stagemodel [13] can provide

an accurate fit with the experimental curve. When using E, σ0.2, and σu from the test,

while using the rest parameters predicted by the proposed equations (case 2) to

build the 2-stage model, the fit is generally accurate except at the high-stress range

approaching σu. When only σ0.2 is available from the test and all other required

parameters are calculated by the proposed equations (case 3) to build the 2-stage

model, the model fit is inaccurate after passing through σ0.2. The second example

(Fig 2.11(b)) shows an experimental σ-ε curve from the AHSS database (DP580-

L01). For case 1, as discussed in Section 2.4.1, the 2-stage model built by parameters

from the test can fit well for the first stage, while the beginning of the second stage

is not accurately fitted. For case 2 and case 3, the first stage is well fitted, while

the fit for the second stage is inaccurate. Similar to this example, the situations

of different cases for DP-340, DP-580, DP-700, and HSLA-700 are similar. For MS

steels, although the fits for case 2 and case 3 are still not accurate, the inaccuracy is

slightly smaller than that of DP or HSLA steel.

From Gardner and Yun’s paper [25], the fit range for exponential coefficients n

andm are different from the range of the proposed model. For the conventional
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Figure 2.11: Examples of comparisons between stress-strain model [13] constructed by parameters
from test and predicted parameters [25] for (a) conventional CFS (G450 steel from [29]) and (b)
AHSS (DP-580L01).



41

Figure 2.12: Comparison of εu between prediction [25] and AHSS test data.

2-stagemodel, n determines the curvature from the origin to σ0.2, andm determines

the curvature from σ0.2 to σu. For the proposed 2-stage plus linear model, n deter-

mines the curvature from the origin to σp, andm determines the curvature from

σp to σeu. Therefore, the predictive equations for n and m of existing two-stage

models are not applicable for n and m of the proposed model. The average E of

the tested AHSS sheets, as discussed in Section 2.3.3, is 208.0 GPa with a coefficient

of variance of 0.065. Gardner and Yun’s paper [25] and the AISI-S100 standard for

cold-formed steel [30] recommends 203 GPa for E, which is only 2% lower than

the test results. Therefore, E = 203 GPa is recommended for AHSS in this paper

when the test result is unavailable. A linear relationship between εu and σ0.2/σu is

proposed for both hot-rolled steel and CFS sheets, and its fit with AHSS results is

shown in Fig. 2.12 [25]. From the figure, the predicted εu is 34% to 261% higher

than the results from the tests.

For σu, the relationship between σu/σ0.2 and σ0.2 with three different expressions
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Figure 2.13: Comparison of σu/σ0.2 between prediction ([25] [31] [32]) and AHSS test data.

proposed by Fukumoto [31] (Eq. 2.32), Langenberg [32] (Eq. 2.33), and Gardner

[25] (Eq. 2.34) were compared.

σu/σ0.2 = 0.83+ 203.8/σ0.2 (2.32)

σu/σ0.2 = [1− 0.72e−0.0027σ0.2 ]−1 (2.33)

σu/σ0.2 = 1+ (130/σ0.2)
1.4 (2.34)

The fit with AHSS and HSLA steel curves is shown in Fig. 2.13. It was found

the predicted σu/σ0.2 is largely conservative compared with tests results. Predicted

σu can be calculated by the product of σu/σ0.2 and σ0.2. The ultimate strength σu

calculated by Eq. 2.32 and Eq. 2.33 is up to 26% less than the test results, while 28%

less when using Eq. 2.34.
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From the discussion above, the predictive equations from literature might not

able to reasonably predict εu and σu of the AHSS database. Therefore, predictive

equations for key parameters, excluding E, required by the proposed two-stage

plus linear model need to be provided.

2.5.2 Expressions for material-property parameters

The predictive equations formaterial-property parameters required by the proposed

two-stage plus linear model are provided based on a known 0.2% proof stress σ0.2,

which is typically available from a low strain level test or directly provided by the

steel manufacturer. The relationship between σp and σ0.2 is plotted in Fig. 2.14.

Test data for different steels are plotted as circles with different colors; additionally,

the average of each steel is plotted as a square with the corresponding color. The

plot suggests a strong linear relationship between σp and σ0.2 and therefore a linear

expression in MPa as shown in Eq. 2.35 is fitted to describe the relationship.

σp =

 1.23× σ0.2 + 60 for DP and HSLA

σ0.2 for MS
(2.35)

Two trendlines with ±5% variance are added to the plot and most of the test

data is between the trendlines, which indicates a good accuracy of the expression.

The maximum error between the predictive σp by Eq. 2.35 and the test data is 6.1%.

It is recommended to use p = 0.002 for MS steels, therefore σp = σ0.2.

The relationship between σu and σp extracted from test data is plotted in Fig.

2.15. The plot indicates a strong linear relationship between the two parameters
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Figure 2.14: Predictive expression for selected proof stress σp for AHSS when measured 0.2% proof
stress σ0.2 is available.

Figure 2.15: Predictive expression for ultimate strength σu.

and a linear expression in MPa is fitted to the test data as shown in Eq. 2.36.

σu = 1.09× σp + 24 (2.36)

Most test data is within the two trendlines with ±5% variance for Eq. 2.36. For

the case that σp is not available directly, σp is calculated by Eq. 2.35 firstly and then

σu is calculated by Eq. 2.36. In this case, the difference of σu between the predicted
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Figure 2.16: Predictive expression for ultimate strain εu.

value and experimental data is less than 5% except for DP-700; the difference for

DP-700 is less than 10%.

The relationship between εu and σp/E is plotted in Fig. 2.16. As discussed in

Section 2.3.3 and Section 2.4, even for the same type of steel with same cutting

direction, εu may vary significantly because of the stress plateau near the ultimate

point. Therefore, the relationship between εu and σp/E is not as clear as the two

aforementioned stress expressions, while still sufficiently visible. For the four

sheets of steel with nominal yield strength less than 1000 MPa, the ultimate strain

decreases when σp/E increases; for MS-1030 and MS-1200, the ultimate strain is

generally stable. Therefore, a two-part predictive expression as shown in Eq. 2.37

is fitted to the data.

εu =

 −130
3 × σp

E
+ 161

600 for DP and HSLA

0.03 for MS
(2.37)
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Figure 2.17: Predictive expression for strain of the equivalent ultimate point εeu.

To include the relatively large variance of the ultimate strain, two trendlines with

± 40% variance are plotted and most test data is between these two trendlines. This

large difference tolerance is also commonly used for the predictive expression for

ultimate strain of stainless steel [14] and conventional CFS [25] [33]. The difference

between the predictive expression and the average of the test data is less than 20%.

The relationship between εeu and (σeu − σp)/Ep is plotted in Fig. 2.17. Ep is

the tangent modulus at σp and it is calculated by Eq. 2.29. A linear relationship is

found and the line of best fit is closely approximated by Eq. 2.38.

εeu = 3.54× σeu − σp

Ep

+ 0.014 (2.38)

Two trendlines with ± 30% variance with Eq. 2.38 are added to the plot in

Fig. 2.17 and most of the test data lies between the trendlines. Similar to the

case of ultimate strain, the difference between the predictive expression and the

corresponding average value of strains of equivalent ultimate points from the
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experiment for each steel is less than 20%.

2.5.3 Recommendation for exponential coefficients n andm

As discussed in Section 2.2 (Fig. 2.1), the non-material property exponential coeffi-

cients n and m determine the degree of curvature for the first and second stage of

the model, respectively, as described by Eq. 2.28. The values for n and m shown in

Table 2.4 are determined by error minimization. A summary of n for each test is

shown in Fig. 2.18. Based on the observation of σ-ε curves for different types of

steels (e.g. Fig. 2.5), the degree of curvature for the first stage, n, generally increases

when the yield strength of steel increases. For example, the curve transition from

the end of the linear elastic region to the selected offset point for DP-340 is relatively

gradual, while for the two MS sheets of steel is relatively sharp. This observation is

supported by the error minimization fitting of n shown in Fig. 2.18 which indicates

an overall trend that n increases as the steel strength increases. Due to the obvious

scatter in the plot, instead of a continuous expression, a tabular recommendation

of n for each steel is proposed as shown by the black solid squares in Fig. 2.18 as

the average approximation of the test data.

Similarly, m depicts the degree of the curvature for the second stage of the

model from σp to σeu. Therefore, a relationship exists between m and σp/σu as

plotted in Fig. 2.19. A linear relationship is observed and a linear expression given

in Eq. 2.39 is fitted to the test data.

m = −12.55× σp

σu

+ 14.43 (2.39)
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Figure 2.18: Recommendation for first stage exponential coefficient n based on statistics study of
experiment results.

Figure 2.19: Predictive equation for second stage exponential coefficient m.

Mostm data is within± 20% variance trendlines of Eq. 2.39; while the difference

between Eq. 2.39 and the average of the test data given in Table 2.4 is less than 10%.
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2.6 Yield strength determination

In conventional CFS numerical modeling, the 0.2% proof stress σ0.2 is widely consid-

ered as yield strength and used as the offset point for existing stress-strain models

as described in Section 2.2. From the discussion in Section 2.4, using σ0.2 as the

offset point is not able to accurately fit the AHSS experimental stress-strain database.

Instead, using the recommended p proof stress as the offset point is proposed for

its excellent fit with the database. Additionally, as shown in Table 2.4, the ratio

between σu and σp is 1.1 for almost all AHSS and HSLA steel; the only exception is

DP-340 where its ratio is 1.2. The value of this ratio is close to the ratio of σu/σ0.2 for

most conventional CFS [25]. Therefore, the applicability of using the recommended

p proof stress to represent the yield strength is investigated.

In this section, the energy method was used to verify the rationality of defining

the yield strength using the recommended p proof stress. The area under the load-

displacement curve from the origin to the fracture point is the dissipated energy

during the whole loading process. From the definition of engineering strain and

engineering stress, the area under the engineering σ-ε curve is proportional to the

dissipated energy, hence it will be called equivalent energy dissipation. If the areas

under any two σ-ε curves are equal, the energy dissipations of these two loading

processes are equal. The equivalent energy dissipation for each experimental σ-ε

curvewas calculated by the area under the curve. The equivalent energy dissipation

for conventional steel stress-strain models was set equal to that of the experiment,

and then the corresponding yield strength σy for these models was calculated.

The calculated yield strength of each conventional model was compared with
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the conventional 0.2% proof stress σ0.2 and recommended p proof stress σp from

Table 2.4. Additionally, when adopting σy = σp in the conventional models, the

differences in the equivalent energy dissipation between conventional models and

experimental σ-ε curves were discussed.

The area S0 under the experimental σ-ε curve from the origin to the fracture

point for each specimen is calculated by trapezoidal numerical integration. Two

conventional steel stress-strain models, the elastic perfect plastic model (referred

to as EPP model hereinafter) and the artificial elastic-plastic model with strain

hardening and softening (referred to as AEP model hereinafter) [34], are used in

this section. Schematic diagrams of the EPP and AEP models are shown in Fig.

2.20. Most required parameters are determined from the experimental σ-ε curves,

including elastic modulus E, ultimate strain εu, ultimate strength σu, fracture strain

εf, and fracture stress σf. The yield strength σy and the yield strain εy of both

the EPP and AEP models are the unknown material-property parameters to be

determined.

The area S1 under the EPP model is calculated by Eq. 2.40.

S1 =

∫εf

0
σ(ε)dε =

1
2 × σy

E
× σy + σy × (εf −

σy

E
) = (εf −

σy

2E)× σy (2.40)

By assuming an equal energy dissipation between the experimental curve and

the EPP model, σy is calculated by solving S1 = S0 as shown in Eq. 2.41.

σy = Eεf −
√

(Eεf)2 − 2ES0 (2.41)
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Figure 2.20: The schematic diagram for (a) the EPP model and (b) the AEP model.
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The calculatedσy is located on the experimentalσ-ε curve, and its corresponding

offset pEPP = εy − σy/E is calculated. The pEPP values are averaged across each

steel and are given in Table 2.5. The calculated pEPP value is significantly larger

than the traditional 0.2% and greater than the recommended offset p given in Table

2.4. The average percentage difference ∆σ0.2EEP between the calculated σy and

σ0.2 from the test as well as the average percentage difference ∆σpEEP between the

calculated σy and the recommended proof stress σp from the test as determined

in Section 2.4.2 are calculated and shown in Table 2.5. Overall, σy from the EPP

model is closer to σp than σ0.2 for DP and HSLA steels, while σ0.2 is adopted as σp

for MS steels. This shows that the recommended offset proof stress σp determined

in Section 2.4.2 is a better fit to represent the yield strength for the DP and HSLA

steels than the traditional 0.2% proof stress.

For the AEP model, at the position where the yield plateau ends and the non-

linear strain hardening starts, εsh, is not clearly defined quantitatively. In this

paper, εsh was initially determined by the statistical result of λ = εsh/εy for CFS

specimens with a similar σ-ε curve shape as the AEP model from previous studies.

From Rogers’s report [35], three specimens, 060-G300-SCDR3, 060-G300-SCL2, and

060-G300-SCT3 are applicable and their λ values are 6.70, 6.98, and 9.40 respectively.

From Abdel’s paper [36], specimens A-9 and B-4 are applicable and their λ values

are 3.68 and 7.40 respectively. From Huang’s paper [10], specimens AF-R1 and

GF-R1 are applicable and their λ values are 2.50 and 4.20 respectively. The average

value of λ is 5.84. Based on this data, λ in the AEP model is initially assumed as 6,

an approximation of this average.
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No mathematical model is specified in the literature for the strain hardening

and strain softening regions. In this study, a quadratic model σ(ε) = aε2 + bε+ c

for εsh ⩽ ε ⩽ εf is used. The values of εu, σu, εf, and σf from the experimental σ-ε

curves are used to build the AEP model, and σy is the only unknown parameter to

be determined. The coefficients a, b, and cwere solved by Eq. 2.42, Eq. 2.43, and

Eq. 2.44 which are expressions of σy.

a =
εsh(σf − σu) + εu(σy − σf) + εf(σu − σy)

(εsh − εf)(εu − εsh)(εf − εu)
(2.42)

b = −
ε2sh(σf − σu) + ε2u(σy − σf) + ε2f(σu − σy)

(εsh − εf)(εu − εsh)(εf − εu)
(2.43)

c = −
εshεuσf(εu − εsh) + εshεfσu(εsh − εf) + εuεfσy(εf − εu)

(εsh − εf)(εu − εsh)(εf − εu)
(2.44)

Noticeably, by combining σy = aε2sh + bεsh + c, σu = aε2u + bεu + c, and

σf = aε2f + bεf + c, three constraints are generated and they are sufficient to

solve a, b, and c as a set of unique solutions. By definition, σu is the peak of the

strain hardening process, and likewise should be the peak of the quadratic model.

Therefore, the percentage difference between the peak of the quadratic model and

the ultimate strength, δpeak, is calculated, and if it is less than 1%, then the solution

is considered valid. After the calculation of a, b, and c as expressions of σy, the

area S2 under the AEP model is calculated as an expression of σy as shown in Eq.

2.45.
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S2 =

∫εf

0
σ(ε)dε = (λ−

1
2)

σ2
y

E
+

∫εf

εsh

aε2 + bε+ cdε (2.45)

The yield strength σy is then calculated by solving S0 = S2 using the generalized

reduced gradient nonlinear algorithm in Excel Solver and δpeak is then checked if

it is within the 1% tolerance. Applying the initial λ for DP-340 and DP-580 gives

very small δpeak. For DP-700, HSLA-700, MS-1030, and MS-1200, δpeak is larger

than 10%. The major cause is, for these cases, a is significantly larger than that of

DP-340 and DP-580. The references ([10] [35] [36]) used to calculate the initial λ

only covered conventional grade steels, instead of high-strength steels. Good fits

were achieved by varying λ and it was determined to use λ = 6 for DP-340 and

DP-580, λ = 4 for DP-700 and HSLA-700, and λ = 2 for MS-1030 and MS-1200. The

adjusted λ for each steel is inversely correlated to its nominal yield strength.

By using the adjusted λ for the AEP model, σy is calculated and then located

on the experimental σ-ε curve, and its corresponding offset pAEP = εy − σy/E is

calculated. The pAEP values are averaged across each steel and are shown in Table

2.5. For DP and HSLA steels, pAEP is significantly larger than 0.2%, while it is close

to the recommended p given in Table 2.4, and for MS steels, pAEP is slightly larger

than the recommended 0.2%. The average percentage difference ∆σ0.2AEP between

the calculated σy and σ0.2 as well as the average percentage difference ∆σpAEP

between the calculated σy and σp (from Table 2.4) are calculated and shown in

Table 2.5. The large differences between the σy and σ0.2 indicate the irrationality

of using σ0.2 as yield strength for DP and HSLA steels, while the small difference

between σy and σp shows the potential of using σp as the yield strength for AHSS.
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Table 2.5: Comparison among AHSS test curves, EPP model, and AEP model.

steel DP-340 DP-580 DP-700 HSLA-700 MS-1030 MS-1200
pEPP (%) 4.8 3.3 1.5 1.9 0.5 0.8

∆σ0.2EPP (%) -35.8 -30.9 -24.4 -28.4 -5.0 -9.0
∆σpEPP (%) -11.9 -7.0 -2.9 -5.7 -5.0 -9.0
∆SEPP (%) -11.8 -6.9 -2.9 -5.5 -4.5 -8.4
pAEP (%) 1.8 1.5 1.3 0.8 0.2 0.6

∆σ0.2AEP (%) -23.0 -25.9 -26.4 -22.0 -1.0 -3.7
∆σpAEP (%) 2.5 -0.2 -2.9 2.7 -1.0 -3.7
∆SAEP (%) 1.5 -0.0 -1.6 0.9 -0.5 -1.2

λ 6 6 4 4 2 2

Figure 2.21: EPP and AEP model based on test curve (DP-700D01).

An example of EPP and AEP models determined from an experimental σ-ε curve

(DP-700D01) is shown in Fig. 2.21.

In addition, the percentage difference of energy dissipation ∆SEPP between the

experimental σ-ε curve and the EPP model when adopting σy = σp is calculated

and the averages are shown in Table 2.5. It is found that the energy dissipation of

the EPP model is smaller than the actual experiment for all steels, and ranges from

-1.0% to -13.3%. Similarly, the percentage difference of energy dissipation ∆SAEP
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between the experiments and the AEP model when adopting σy = σp is calculated,

and the averages are shown in Table 2.5. The average difference for each steel is

less than 2%, which supports using σp as the yield strength in the AEP model. As

expected, the AEP model gives a better fit to the data than the EPP model, but both

models illustrate the necessity for using the recommended offset as given in Table

2.4 to represent the yield strength in conventional material models.

2.7 Conclusions

Advanced high-strength steels have different material properties compared with

conventional steels. A series of tensile coupon tests on DP, HSLA, and MS steels

with nominal yield strength from 340 MPa to 1200 MPa were carried out. Essential

material properties including elastic modulus, 0.2% proof stress, ultimate strength,

and fracture elongation were determined. Coupons were cut from different di-

rections along the sheet rolling direction and no obvious difference in material

properties due to cutting directions was observed. Existing stress-strain models for

conventional CFS and stainless steels were discussed but theywere not found to pro-

vide an accurate fit with the AHSS database, especially around the yield region. An

updated two-stage plus linear stress-strain model was therefore developed based

on the Ramberg-Osgood model. Excellent fits were achieved between the proposed

model and the AHSS database. For the required parameters of the proposed model,

a series of predictive equations were proposed to model the general stress-strain

relationships of AHSS. A discussion on the determination of yield strength was
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carried out by comparing the energy dissipation between experimental stress-strain

curves and conventional stress-strain models, including the EPP model and the

AEP model. The calculated yield strength of the conventional models showed poor

fit with conventional 0.2% proof stress for DP and HSLA steels, but excellent con-

sistency when the yield strength was represented by a novel recommended proof

stress in the proposed stress-strain model. The stress-strain model and predictive

equations presented herein could be utilized to model the constitutive relationship

of AHSS in future work including analytical simulations.

Addendum

This section presents some information as supplements of the published journal

article (the main body from Abstract to Conclusion for this chapter).

The setup of the loading system is shown in Fig. 2.22 and a close shot of the

extensometer and the specimen is shown in Fig. 2.23.

The length of the reduced parallel section as shown in Fig. 2.2 for the tensile

coupon is 82.55 mm (3.25 inch), which meets the requirement of [9]. The gauge

length of the extensometer is 25.4 mm (1 inch).

The relationship between σ0.2/σu and εu for AHSS and HSLA steel is shown in

Fig. 2.12. Comparing with the prediction equation [25] derived from a statistical

study on conventional CFS, the AHSS andHSLA steel data is substantially deflected.

To fit the experimental data in this study using the same form of equation, an update

equation and its fit is shown in Fig. 2.24.
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Figure 2.22: Loading system setup for the tensile coupon test as described in Section 2.3.
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Figure 2.23: Close shot on the specimen for the tensile coupon test as described in Section 2.3.
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Figure 2.24: Comparison of εu between existing prediction [25], updated prediction, and AHSS test
data.

Figure 2.25: Comparison between a representative test curve (DP-580T01), its corresponding EPP
and AEP model, and its curve fit using two-stage plus linear model.

Fig. 2.21 illustrates a representative test curve (DP-700D01) with its correspond-

ing EPP andAEPmodel that has the same energy dissipation from start to specimen

fracture. Fig. 2.25 presents an additional example test curve (DP-580T01) with

its EPP and AEP model curve as well as the corresponding curve fit using the

proposed two-stage plus linear model.
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Chapter 3

Elevated temperature and post-fire

stress-strain modeling of advanced

high-strength cold-formed steel alloys

Xia, Yu, Yan, Xia, Gernay, Thomas, and Blum, Hannah B. "Elevated temperature

and post-fire stress-strain modeling of advanced high-strength cold-formed steel

alloys." Journal of Constructional Steel Research 190 (2022): 107116.

https://doi.org/10.1016/j.jcsr.2021.107116

The main body of Chapter 3 is from the above published journal article. Some extra

relevant figure and table that are not included in the journal article is presented in

the Addendum of this chapter.

The data used as the benchmark for this modeling work is from a series of

experiments on the material properties of AHSS at elevated temperatures and after
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cooling down as presented in the following published journal articles:

Yan, Xia, Xia, Yu, Blum, Hannah B. and Gernay, Thomas. "Elevated temperature

material properties of advanced high strength steel alloys." Journal of Constructional

Steel Research 174 (2020): 106299.

Yan, Xia, Xia, Yu, Blum, Hannah B. and Gernay, Thomas. "Post-fire mechan-

ical properties of advanced high-strength cold-formed steel alloys." Thin-Walled

Structures 159 (2021): 107293.

Abstract

Advanced high-strength cold-formed steels (AHSS) have been developedwith yield

strengths up to 1250 MPa and ultimate strengths up to 1900 MPa. Accurate stress-

strain modeling of these new steel alloys is required for the eventual application

of AHSS into the building construction industry, including the material behavior

of AHSS subjected to elevated temperatures. A series of new constitutive material

models are proposed based on the experimental AHSS stress-strain database at

elevated temperatures (i.e., steady-state and transient-state test methods) and post-

fire scenarios (i.e., residual test method). The stress-strain curves from experiments

on two families of AHSS, including dual phase steel with nominal yield strengths

of 340 MPa and 700 MPa, and martensitic steel with nominal yield strengths of

1030 MPa and 1200 MPa, reported in a previous study are considered. Existing

stress-strain models are investigated and fit to the AHSS database, in addition to

the development of new material models. The required input parameters of the
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proposed stress-strain models are determined, and their corresponding predictive

expressions are proposed. It is shown the stress-strain behaviors of AHSS could be

accurately described by the proposed models. The data generated by this research

addresses fire safety design and will be essential in supporting the adoption of

these next-generation steels in future infrastructure.

3.1 Introduction

Recent advances in steel manufacturing processes have led to materials with signif-

icantly enhanced capabilities at a competitive cost. New grades of steel, referred to

as Advanced High-Strength Steels (AHSS), have been recently developed. AHSS

are steels with unique microstructures utilizing complex deformation and phase

transformation processes to achieve unprecedented strength and ductility combina-

tions. The design and manufacture of AHSS require a careful selection of chemical

compositions and precisely controlled heating and cooling processes. Subsequently,

AHSS exhibit a multiphase microstructure containing one or more phases different

from ferrite, pearlite, or cementite. Instead, these phases, for example, include

martensite, bainite, austenite, and/or retained austenite that are sufficient in quan-

tities to produce unique mechanical properties [2]. AHSS includes new grades of

steels with yield strengths up to 1250 MPa, ultimate strengths up to 1900 MPa, and

tensile elongations upwards of 20% to 30% [2]. In addition, different from conven-

tional steels, the terminology AHSS is classified by its metallurgical designation

rather than the steel grades. As a result, AHSS can have a broader range of grades



64

(e.g., with ultimate strength as low as 440 MPa and yield strength as low as 210

MPa) than the conventional high strength steels [2].

Although AHSS has not yet been adopted as a structural material in the con-

struction industry, AHSS has been utilized widely in the automobile industry [2].

However, the past two decades have shown an increase in the use of conventional

high-strength structural steel (HSSS) in infrastructure. For example, Beijing Na-

tional Stadium (2008) and China Central Television Headquarters (2012) in Beijing

adopted Q460 steel as the main structural material, 1 Manhattan West (2019) in

New York adopted steel with σy = 485 MPa in its perimeter steel moment frame,

and Friends Arena (2012) in Stockholm used S460, S690, and S900 steel members for

the chords [37]–[39]. These cases show that the quantity and quality demands for

high-strength steel as structural material have rapidly developed around the world

[37], [40], indicating a promising prospect. Adopting AHSS in the construction

industry can provide many unique advantages, notably with cold-formed steel

(CFS) structures, which provide efficient, lightweight, and resilient solutions for a

range of building applications. Nevertheless, these novel materials’ behavior must

be understood and characterized under extreme environments that may arise in

structural applications, including high temperatures scenarios resulting from fire.

In the current design codes [30], [41]–[43], the deterioration of critical mechanical

properties, including elastic modulus and yield strength at elevated temperatures,

are recommended based on research primarily focused on hot-rolled steels (HRS).

Furthermore, the design guidance of the structural steel performance after the cool-

ing down from the elevated temperature is limited, and research on the mechanical
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property deterioration of cold-formed high-strength steel subjected to fire loads

is extremely limited or non-existent. At ambient, the yield strength and tensile

strength of CFS members increase due to the cold-forming process. However, these

strength increases quickly deteriorate when the steel is exposed to fire, and this

phenomenon is even more severe on high-strength steels [44].

In this study, thorough discussions on the development of the constitutive

relationship of AHSS at elevated temperature and after cooling down are carried

out. Two dual-phase steel sheets (with nominal yield strengths of 340 MPa and

700 MPa) and two martensitic steel sheets (with nominal yield strengths of 1030

MPa and 1200 MPa) were recently studied experimentally by the authors [45], [46].

The mechanical and geometric characteristics of the AHSS experimental stress-

strain curves are summarized. The modeling of the AHSS stress-strain relationship

in different fire-related scenarios is discussed to provide accurate descriptions

for advanced numerical simulation. Firstly, existing stress-strain models for steel

at elevated temperature and after cooling down are reviewed and calibrated to

best fit the AHSS experimental stress-strain data, however, it was determined that

updated models are necessary to accurately fit the AHSS data. Secondly, based

on the characteristics of the AHSS experimental stress-strain curves, two stress-

strain models are developed for two different strain hardening behaviors. The fit

accuracy for both proposed models is verified with the AHSS data in addition to

other steel grades with similar stress-strain behaviors. Thirdly, a discussion on

the prediction of model parameters as functions of test temperature is carried out,

so that the stress-strain curve can be predicted at any given temperature within
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the temperature range. Finally, three examples for applying the proposed models

corresponding to three different elevated temperature test methods are presented

to help readers better understand the application of the models.

3.2 Review on high temperature studies and existing

steel stress-strain models

The behavior of materials exposed to fire is generally characterized using either the

steady-state test method or the transient-state test method. For the steady-state test,

the specimen is heated to the assigned elevated temperature until the specimen tem-

perature is stabilized and then uniaxially pulled till fracture. The steady-state test’s

output is directly the stress-strain curve. For the transient-state test, the specimen

is loaded to and stabilized at the assigned stress level and then gradually heated

until fracture. The transient-state test output is the strain-temperature relationship,

which can be transferred to the stress-strain relationship. The steady-state test

method is widely employed in existing literature [44], [47]–[58] to investigate the

material properties of conventional CFS, stainless steel, and high-strength CFS

at elevated temperature, because this test method is easy to implement, and the

test result is straightforward. Many researchers also employ the transient-state

test method [48]–[50], [52], [55], [59] because it can accurately mimic the actual

situation when steel is exposed to fire. However, the transient-state test has several

drawbacks. Specifically, it is more complex to conduct and post-process. The gen-

erated stress-strain curve typically includes sparse data points and only covers a
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relatively small strain range.

The steel post-fire material behavior is commonly simulated by the residual

test method. Data has been reported by several authors for CFS [51], [60]–[67].

For the residual test, the specimen is heated to the assigned high temperature

until the specimen temperature is stabilized, then cooled down to the ambient

temperature, and finally pulled uniaxially until fracture. The residual test method

directly outputs the stress-strain curve, and the residual stress-strain curve consists

of a large number of data points covering the whole strain range from the origin to

the fracture point.

3.2.1 Steady-state tests

From the existing steady-state test results for CFS, most stress-strain curves at

elevated temperature show a nonlinear rounded curve shape, where the Ramberg-

Osgood (R-O) equation [11], as shown in Eq. 3.1, is the most widely used model

to describe the stress-strain relationship:

ε =
σ

E
+ p

(
σ

σp

)n

for 0 ⩽ σ ⩽ σu (3.1)

where σ is stress, which is the model input, E is elastic modulus, p is the predefined

plastic strain, σp is the proof stress when the plastic strain equals p, and n is the

exponential coefficient determining model curvature.

Previous research has made various updates on the original R-O model (Eq.

3.1) to fit the experimental stress-strain curves from studies on different types

and grades of CFS for both ambient and elevated temperature cases. The R-O
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model updates for CFS at elevated temperatures can be generally classified into

two categories.

The first category includes the addition of a β factor. Although some minor

differences might exist in the forms adopted by different studies, one representa-

tive expression is shown in Eq. 3.2 and is referred to as the one-stage R-O model

hereinafter:

εT =
σT

ET

+ β(
σyT

ET

)(
σT

σyT

)n for 0 ⩽ σT ⩽ σuT (3.2)

where β is a numerical parameter, and σy is the yield strength. The subscript T for

any material property stands for this property at temperature T from the test.

Two different methods were developed in adopting the one-stage R-O model.

For the first method, β is fixed as a constant and n is given as a function of T .

For example, various β and nwere determined in [44], [48], [54]–[56], [68] for a

variety of CFS and stainless steel by adopting this method. For the second method,

n is fixed, while β varies at different test temperatures, for example, which was

adopted in [47].

The second category of updates includes the transformation from the original

one-stage R-Omodel to a two-stagemodel. Thismodel typewill be referred to as the

two-stage R-O model and is derived from the two-stage R-O models at ambient (e.g.,

[13]). Chen and Young [50], [52] studied the material properties of cold-rolled

EN 1.4462 and EN 1.4301 stainless steels up to 960◦C as well as G450 and G550

CFS up to 970◦C. They adopted and updated the two-stage models for stainless

steel at ambient [13], [14] to describe their experimental stress-strain curves. The
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expressions of the two-stage model are shown in Eq. 3.3 for the first stage and Eq.

3.4 for the second stage:

εT =
σT

ET

+ 0.002( σT

σyT

)n for 0 ⩽ σT ⩽ σyT (3.3)

εT =
σT − σyT

EyT

+ εuT (
σT − σyT

σuT − σyT

)m + εyT for σyT < σT ⩽ σuT (3.4)

where n and m are the exponential coefficients for the first and second stage re-

spectively, εuT is the ultimate strain, σuT is the ultimate strength, and EyT is the

tangential modulus at the yield strength which is calculated by Eq. 3.5 and 3.6.

1
EyT

=
∂εT (σT )

∂σT

|σT=σ0.2T =
1+ 0.002nσn−1

T

σn
0.2T

ET

ET

|σT=σ0.2T =
1+ 0.002n ET

σ0.2T

ET

(3.5)

EyT =
ET

1+ 0.002n ET

σ0.2T

(3.6)

Imran et al. [57] studied the mechanical properties of tensile coupons cut from

Grade 350 CFS square hollow section up to 800◦C. They used Eq. 3.3 for the first

stage and proposed a different expression for the second stage as shown in Eq. 3.7,

εT =
σT − σ0.2T

E0.2T
+ α(

σT − σ0.2T

σuT − σ0.2T
)m + ε0.2T for σ0.2T < σT ⩽ σuT (3.7)
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where α is a numerical parameter that is predicted as a linear function of T , n is

predicted as piece-wise linear functions of T , and m is given as 3.

Gardner et al. [53] analyzed the performance of stainless steel alloys at elevated

temperatures from existing resources and updated the second stage expression

based on an updated two-stage R-Omodel at ambient [20]. The updated expression

is shown in Eq. 3.8 for σ0.2T < σT ⩽ σuT . The exponential coefficients n and m

were given based on T and steel grade.

εT =
σT − σ0.2T

E0.2T
+ (0.02− ε0.2T −

σt2.0T − σ0.2T

E0.2T
)(

σT − σ0.2T

σt2.0T − σ0.2T
)m + ε0.2T (3.8)

For both one-stage and two-stage R-O models, σT is the model input, and εT

is the model output. Also, the derivatives of the model expressions indicate the

model expressions are monotonic-increasing. Therefore, the models can depict the

stress-strain relationship up to the ultimate point. The strain-softening after the

ultimate point cannot be predicted by R-O models.

In addition to the numerical parameters (e.g. β, p, n,m, etc.), some material-

property parameters are also required by these models (e.g. ET and σy of Eq. 3.2).

Temperature-dependent predictive equations for the material properties are needed

in the stress-strain model to enable transient structural fire analyses. These equa-

tions are developed from a statistical analysis of the experimental data. As different

material properties of CFS can exhibit different performances depending on the

test temperatures, predictive equations are often formulated as piecewise functions.

Two different approaches are found in the literature. For the first approach, a



71

unified equation with several numerical coefficients to be determined is used as

the predictive equation for all required material properties. For example, Eq. 3.9 is

adopted by [49], [50], [52], Eq. 3.10 is adopted by [48], [55], Eq. 3.11 is adopted by

[63], and Eq. 3.12 is adopted by [57]:

RXT
= a−

(T − b)c

d
(3.9)

RXT
= a(T − b)c + d (3.10)

RXT
= a+

c

T
(T − d)b (3.11)

RXT
=

1
a+ becT

(3.12)

where RXT
is the retention factor for material property X at temperature T , which is

defined as the ratio between a parameter XT at T and this parameter X0 at ambient,

and a, b, c, and d are the numerical coefficients to be calibrated.

The other approach uses a combination of several basic functions (e.g., linear,

power, and exponential) to provide the piecewise function of T as the predictive

equations for the material-property parameters required by the stress-strain models.

For example, the elastic modulus, strengths, and strains of the steels being studied

in [44], [54] are predicted by piecewise linear or power functions of T .

3.2.2 Transient-state tests

The transient-state test method was adopted in the following studies. Outinen

and Mäkeläinen [59] investigated the material properties of S350GC+Z CFS at
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elevated temperature. The strain-temperature relationships were converted to

stress-strain curves from ambient to 1000◦C. Chen and Young [50], [52] studied

the material properties of EN 1.4462 and EN 1.4301 cold-formed stainless steels

at elevated temperature up to 760◦C as well as G450 CFS at elevated temperature

up to 660◦C. Huang and Young [49] examined the material properties of a cold-

formed lean duplex stainless steel (EN 1.4162) and reported stress-strain curves

up to 750◦C. However, no stress-strain model designed for the transient-state test

results was proposed in the above studies. Chen and Ye [48], [55] studied the

material properties of G550 CFS and Q345 CFS up to 550◦C. The converted stress-

strain relationship was modeled by the one-stage R-O model (Eq. 3.2), where

A = β · (σyT/ET )was given as different constants based on different steel types and

different test temperature ranges and nwas given as polynomials for different T .

3.2.3 Residual tests

Tao et al. [69] analyzed the post-fire behavior of structural and reinforcing steels

from eight different studies. The experimental stress-strain curves from these

studies show a distinct yield point and yield plateau, followed by the nonlinear

strain hardening and softening process. Inspired by Mander’s model for steel at

ambient [70], a four-stage stress-strainmodel was proposed to simulate the post-fire

constitutive relationship for the investigated steels accurately, and the expressions

for the model are given in Eq. 3.13 to Eq. 3.16 respectively:
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σT = ETεT for 0 ⩽ εT ⩽ εyT (3.13)

σT = σyT for εyT < εT ⩽ εshT (3.14)

σT = σuT − (σuT − σyT )(
εuT − εT

εuT − εshT

)ρ for εshT < εT ⩽ εuT (3.15)

σT = σuT for εuT < εT (3.16)

where subscript T represents the target temperature for the residual test, εshT is

the strain at the end of the yield plateau and the onset of the nonlinear strain

hardening, and ρ is the exponential coefficient determining the nonlinearity of the

strain hardening process and it is calculated by Eq. 3.17.

ρ = EshT (
εuT − εshT

σuT − σyT

) for εshT < εT ⩽ εuT (3.17)

Gunalan and Mahendran [60] studied the post-fire mechanical properties of

G300, G500, and G550 CFS alloys cooling down from up to 800◦C. A distinct yield

point and yield plateau were observed in both the post-fire and the ambient results.

More significant strength deterioration was observed for G500 and G550 than for

G300. The experimental stress-strain curves were simulated by the model proposed

by Tao et al. [69].

Huang and Young [63] studied the post-fire behaviors of ferritic stainless steel

alloys (EN 1.4003) after exposure to high temperatures up to 1000◦C. The experi-

mental results show different stress-strain curve shapes after cooling down from

various elevated temperature ranges. For the cases with rounded nonlinear stress-
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strain curve shape, a two-stage R-O model (Eq. 3.3 and Eq. 3.4) is adopted. For

the cases with a distinct yield point followed by yield plateau and nonlinear strain

hardening, an updated inverse form of the model proposed by Tao et al. [69] is

adopted.

Kesawan and Mahendran [65] studied the post-fire material properties of G350

and G450 CFS alloys. A distinct yield point and yield plateau followed by nonlin-

ear strain hardening and softening process were observed from all postfire tests,

regardless of the stress-strain curve shape at ambient. An elastic-perfectly-plastic

model is recommended for the modeling of post-fire stress-strain curves.

Li and Young [66] investigated the post-fire material properties of high-strength

CFS alloys after exposure to high temperatures up to 1000◦C. The test specimens

were cut from three hollow sections. From the results, nonlinear rounded stress-

strain behaviors are observed for all ambient cases. For G700 specimens, a distinct

yield point and yield plateau were observed when T was between 300◦C and

1000◦C. For G900 specimens, a distinct yield point and yield plateau were observed

when T is between 300◦C and 600◦C, and the nonlinear rounded stress-strain curve

was observed when T is between 700◦C and 1000◦C. No constitutive model was

proposed in their study.

Singh and Singh [67] studied the residual mechanical properties of YSt-310 CFS

alloys exposed to target temperatures between 300◦C to 800◦C. The specimens were

cut from three hollow sections with different dimensions. At ambient, the stress-

strain curves show gradual yielding with a moderate degree of strain hardening.

For the high-temperature cases, a distinct yield point and yield plateau followed
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by prominent strain hardening were observed. The two-stage R-O model [13] was

recommended for the ambient test, while the model proposed by Tao et al. [69]

was recommended for the residual tests.

From existing residual tests, some CFS alloys [63], [65]–[67] show nonlinear

rounded stress-strain behaviors (referred to as Mode 1 behavior hereinafter) at

ambient and after cooling down from relatively lower temperatures but show linear

elastic stress-strain behaviors ending at a distinct yield point followed by a yield

plateau (referred to as Mode 2 behavior hereinafter) after cooling down from

relatively higher temperatures.

Mode 2 behavior is frequently observed in the ambient tensile tests for HRS.

Therefore, existing stress-strain models at ambient proposed for HRS might be

able to describe Mode 2 residual stress-strain behaviors for CFS. In engineering

practice, several multiphase linear models have been widely adopted, for example,

the elastic-perfectly-plastic model [71] and the elastic-linearly hardening model

[72]. These models require a few parameters, but the model accuracy is sacrificed

at various levels depending on the specific model under consideration. These

models are feasible for engineering practice because they provide a less accurate

but conservative steel behavior simulation. However, for advanced numerical

simulation that requires a high accuracy level, these simple linear models may not

be sufficient.

Based on the existing ambient tensile tests of HRS, Yun and Gardner [73] col-

lected over 500 stress-strain curves covering nominal yield strengths from 235 MPa

to 960 MPa, and proposed a bilinear plus nonlinear hardening model inspired by
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Mander’s model [70]. The model uses strain as input and stress as model output.

The linear elastic portion is modeled as σ(ε) = Eε up to εy and the yield plateau

is modeled as σ(ε) = σy for εy < ε ⩽ εsh. For εsh < ε ⩽ εu, the nonlinear strain

hardening portion is normalized and modeled by Eq. 3.18:

σ(ε) = σy + (σu − σy)(K1εn +
K2εn

(1+ K3ε
K4
n )

1
K4

) for 0 ⩽ εn ⩽ 1 (3.18)

where εsh is the strain at the end of the yield plateau and the onset of the nonlinear

strain hardening, and εn is the normalized strain calculated by Eq. 3.19.

εn =
ε− εsh

εu − εsh
for εsh ⩽ ε ⩽ εu (3.19)

The model parameters for the residual test are predicted as a function of T based

on the statistical study of the experimental data. Two types of predictive equations

exist. The first type uses basic functions (e.g. polynomial, power function, etc.)

to predict the required parameters, for example, which was adopted in [60], [62],

[65]–[67]. The second type uses an unified function of T (e.g. Eq. 3.9 to 3.12) and

the numerical coefficients of the function are calibrated for each parameter, for

example, which was adopted in [63].
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Table 3.1: Nominal properties of AHSS sheets.

Steel t (mm) σy (MPa) σu (MPa)
DP-340 1.4 340 590
DP-700 1.4 700 980
MS-1030 1.0 1030 1300
MS-1200 1.0 1200 1500
HSLA-700 0.6 700 980

3.3 Experimental stress-strain curves

An experimental study [45], [46] was carried out in the Multi-Hazard Resilient

Structures Lab at JohnsHopkinsUniversity to understand the stress-strain behaviors

and the material properties of AHSS under various elevated temperature scenarios

and provide an experimental benchmark for modeling. The study includes both

AHSS properties at elevated temperatures (steady-state and transient-state test

protocols) and after cooling down (residual test protocol), representing the post-fire

scenario.

Specimens for the tensile coupon test were cut from two dual phase steel (DP)

sheets and two martensitic steel (MS) sheets. In addition, specimens cut from a

high-strength low-alloy steel (HSLA) sheet were also studied for the steady-state

tests for comparison purposes. The nominal properties for the AHSS sheets are

shown in Table 3.1. The steel sheets were labeled by their steel family and the

nominal yield strength. Details of the experimental test series and results are

explained in the related published work [45], [46]. Only the resulting stress-strain

curves reported in [45], [46] are shown herein as they are necessary to develop the

models and derive the modeling parameters.

For steady-state test, DP-340, DP-700, MS-1030, MS-1200, and HSLA-700 were
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tested at each elevated temperature, which includes 20◦C (ambient), 200◦C, 300◦C,

400◦C, 500◦C, 600◦C, and 700◦C. The experimental stress-strain curves are shown

in Fig. 3.1. For all tests, no distinct yield point or yield plateau is observed; instead,

the strain hardening process was gradually developed. Overall trends are visi-

ble regarding the change in key material properties, including yield and ultimate

strengths, total elongation, and overall stress-strain behaviors at various tempera-

tures. In general, the stress-strain curve’s shape varies with the test temperature,

and one material may show changes in the stress-strain relationship across tem-

perature ranges. It should be noted that some strain hardening regions are very

gradual and therefore may appear as a plateau. Overall, the strength decreases

as the temperature increases after an initial strength increase at 200◦C, except for

HSLA.

For the transient-state test, DP-700 and MS-1200 were studied to compare and

supplement corresponding steady-state test results. The converted stress-strain

curves are shown in Fig. 3.2. Each transient-state test can provide only one data

point for each preselected temperature. Due to the limited number of tests, the

transient-state test’s stress-strain curves comprise limited data points.

For the residual test, the postfire material properties for DP-340, DP-700, MS-

1030, and MS-1200 cooling down from up to 700◦C were studied. The experimental

stress-strain relationships for the residual tests are shown in Fig. 3.3. Both Mode

1 and Mode 2 stress-strain behaviors are observed. For example, for DP-700, the

ambient and 200◦C cases show Mode 1 behavior, while cases from 300◦C to 600◦C

show Mode 2 behavior; interestingly, the case at 700◦C reverts to Mode 1 behavior.
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Figure 3.1: Representative stress-strain relationships for steels at elevated temperatures from steady-
state tests as reported in [45].
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Figure 3.2: Stress-strain relationships for DP-700 and MS-1200 at elevated temperatures from
transient-state tests as reported in [45].
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Figure 3.3: Stress-strain relationships from residual tests for steels after cooling down from elevated
temperature as reported in [46].

The intense strain hardening process for DP-340 at all test temperatures is observed,

which can be evaluated by its high σu/σy ratio (from 1.17 to 1.26 after cooling

down from different test temperatures). All high-temperature tests have a larger

elongation at fracture than the case at ambient.
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3.4 Optimal fit between AHSS stress-strain curves and

existing models

Existingmodels are adopted to fit the AHSS experimental stress-strain curves. From

the discussion on the experimental stress-strain relationships of AHSS at elevated

temperature and after cooling down (Section 3.3), two different yielding modes

of stress-strain behaviors are observed. R-O models are adopted to fit stress-strain

curves with Mode 1 behavior. The four-stage model [69] and the bilinear plus

nonlinear hardening model [73] are adopted to fit stress-strain curves with Mode

2 behavior, even if the bilinear plus nonlinear hardening model is not originally

designed for high-temperature tests.

The material-property parameters are directly captured from the experimental

curves to obtain the mathematically optimal fit between the existing models and

the AHSS test data, instead of using predictive equations in the literature. The

numerical parameters (e.g., n, m, and K1 to K4) are calculated using the error

minimization method to search the maximum R2 by iterating the parameters. Error

minimization is a form of mathematical regression analysis aiming for determining

the optimal fit for specific data by searching for the parameters with a minimum

error of the selected indicator. Common fit error indicator includes R2, residual

sum of squares (RSS), etc. RSS has intrinsic limitations [74], for example, its scale

is largely dependent on the data scale. Oppositely, R2 is a generalized parameter,

and it is independent of the data scale, therefore it is appropriate in evaluating

model fit for multiple groups of data [25], [75]–[77]. For the stress-input models
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(e.g. R-O models), R2 is calculated by Eq. 3.20; while for the strain-input models

(e.g. the four-stage model [69] and the bilinear plus nonlinear hardening model

[73]), R2 is calculated by Eq. 3.21:

R2 = 1− SSres

SStot

= 1−
∑

i(εTi − εT (σTi))
2∑

i(εTi − εTi)2
(3.20)

R2 = 1− SSres

SStot

= 1−
∑

i(σTi − σT (εTi))
2∑

i(σTi − σTi)2
(3.21)

where σTi and εTi are the stress and strain of data point i of the experimental curve

of temperature T , εT (σTi) is the model strain output calculated by σTi, σT (εTi) is

the model stress output calculated by εTi, εTi is the average of the experimental

strains, σTi is the average of the experimental stresses.

For the stress-input models, R2 is calculated from the difference between the test

strain and the model strain, not the stress difference. Therefore, for R-O models at

a high strain range, R2 can be small (i.e., poor fit) even if the difference between the

test curve and the model is not obvious visually. This illusion’s key reason is that

the horizontal axis parameter is typically the independent variable, and the vertical

axis parameter is typically the dependent variable. While for the R-O models, the

inverse situation occurs.

For steady-state tests, the optimal fit using the existing one-stage (DP-700) and

two-stage (MS-1200) R-O models are shown in Fig. 3.4 as a sample of results. All

R-Omodels depict the σ-ε relationship between the origin and the ultimate strength.

Discrepancies in the shape of the stress-strain curves between existing models and



84

test data are observed across temperatures. The average R2 varies from 0.91 to

0.93 for one-stage R-O models and from 0.94 to 0.96 for two-stage R-O models,

respectively. From the fit results, the existing one-stage and two-stage R-O models

might not accurately predict the AHSS σ-ε behavior from steady-state tests. Similar

levels of agreement are found when adopting the existing R-O models on the AHSS

σ-ε curves from residual tests with Mode 1 behavior. Therefore, a new constitutive

model must be proposed.

The σ-ε curves in transient-state tests are fitted using one-stage R-Omodels only.

The reason is the test curves do not pass through the ultimate point and terminate

at a relatively small strain level; thus, some parameters (e.g., εu, σu, andm) are not

applicable for the two-stage models. By comparing the fits using existing one-stage

R-O models, Chen and Ye’s model [48] can provide accurate fits for both DP-700

and MS-1200 at all test temperatures, and Olawale’s model [68] generally provides

accurate fits for both AHSS with a few exceptions at various temperatures. Other

one-stage R-O models might not fit either DP-700 or MS-1200. Based on the fit

results, Chen and Ye’s model [48] (Eq. 3.22) is recommended and adopted in this

paper for fits of the transient-state results, and the optimal fits are shown in Fig. 3.5.

εT =
σT

ET

+ 0.002( σT

σyT

)n for 0 ⩽ σT ⩽ σuT (3.22)

The σ-ε curves from residual tests with Mode 2 behavior are fitted using the

four-stage model [69] and the bilinear plus nonlinear hardening model [73]. The

four-stage model [69] can accurately fit all DP-700 and MS-1200 σ-ε curves, and a

few MS-1030 σ-ε curves. However, the fits with all DP-340 σ-ε curves and MS-1030
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Figure 3.4: Optimal fit examples for (a) DP-700 using representative one-stage R-O model [44] and
(b) MS-1200 using representative two-stage model [52].
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Figure 3.5: Comparison between experimental stress-strain curves (solid lines) from transient-state
tests and fit (dashed line) by one-stage R-O model [48] built by parameters from the tests.
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σ-ε curves up to 500◦C are inaccurate. The average R2 is 0.76, and the minimum R2

is 0.69. For the bilinear plus nonlinear hardening model, the four coefficients K1 to

K4 are recommended as 0.4, 2, 400, and 5 respectively based on the statistical study

of the HRS database [73]. The fits are inaccurate by adopting these recommended

coefficients for the AHSS residual test data, particularly the MS steel. The average

R2 is 0.71, and the minimum R2 is 0.32. However, by iterating the four coefficients

K1 to K4 for each residual test σ-ε curve using the error minimization method, the

average R2 can be as high as 0.99, and the minimum R2 is 0.97, which significantly

increases the fit accuracy. Unfortunately, the calibrated coefficients do not show

any clear trend along with temperature change. Therefore it is difficult to provide

continuous prediction on these coefficients as a function of T . The improvement

indicates the bilinear plus nonlinear hardening model can accurately fit the AHSS

residual test σ-ε curves, but the coefficient recommendation must be updated.

3.5 Proposed stress-strain models

The discussion in Section 3.4 revealed that existing models cannot accurately fit the

AHSS test curves from the steady-state tests and the residual tests, while one existing

one-stage R-O model [48] can fit the AHSS test curves from the transient-state

tests. Observed post-yield inaccuracies might have consequences for predictions of

structural behavior, for example, in scenarios of blast crushing, collapse, and other

cases where the relationship between local strain and engineering strain is crucial

[28]. Therefore, in this section, a new model, updated from existing two-stage R-O
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models and initially designed for the modeling of AHSS stress-strain relationship

at ambient [5], is proposed for the steady-state tests and residual tests with Mode 1

behavior. Besides, an updated model with calibrated numerical coefficients based

on the bilinear plus nonlinear hardening model [73] is proposed for the residual

tests with Mode 2 behavior.

3.5.1 Updated model for Mode 1 stress-strain behavior

As shown in Fig. 3.6, a two-stage plus linearmodel is proposed to fit high-temperature

tests with Mode 1 behavior. Like other R-O models, the proposed model uses stress

at elevated temperature, σT , as the model input, and the model output is the corre-

sponding strain prediction, εT . Themodel describes the AHSS stress-strain behavior

in high-temperature tests from the origin to the ultimate point. The model consists

of two nonlinear stages plus a linear part. The first stage ranges from the origin to

the offset point, which is defined as the point with a plastic strain, p. Its strain is εpT

and its stress is σpT . The second stage ranges from the offset point to the equivalent

ultimate point. The equivalent ultimate point is defined as the point with a stress equal

to 99% of σuT (σeuT = 0.99σuT) and a strain of εeuT within the strain hardening

region (i.e. εeuT < εuT). The final part is proposed as a line between the equivalent

ultimate point and the ultimate point. The model expression is given by Eq. 3.23

for 0 ⩽ σT ⩽ σpT , Eq. 3.24 for σpT < σT ⩽ σeuT , and Eq. 3.25 for σeuT < σT ⩽ σuT .

εT =
σT

ET

+ p

(
σT

σpT

)n

(3.23)
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Figure 3.6: Schematic diagram for the proposed two-stage plus linear model.

εT =
σT − σpT

EpT

+

(
εeuT − εpT −

σeuT − σpT

EpT

)(
σT − σpT

σeuT − σpT

)m

+ εpT (3.24)

εT =
εuT − εeuT

σuT − σeuT

· (σT − σeuT ) + εeuT (3.25)

where n and m are the exponential coefficients determining the fit’s degree of

curvature for the first stage and the second stage respectively, EpT is the tangent

modulus at σpT and it is calculated by Eq. 3.26 and 3.27.

1
EpT

=
∂εT (σT )

∂σT

|σT=σpT
=

1+ pn
σn−1
T

σn
pT

ET

ET

|σT=σpT
=

1+ pn ET

σpT

ET

(3.26)

EpT =
ET

1+ pn ET

σpT

(3.27)
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Table 3.2: Recommendation of p value in percentage for the proposed two-stage plus linear model
based on steel strength and test temperature.

Steel DP-340 DP-700 HSLA-700 MS-1030 MS-1200
T < 400◦C 2.0% 1.0% 1.0% 0.5% 0.5%
T ⩾ 400◦C 0.2% 0.2% 0.2% 0.2% 0.2%

Compared with existing two-stage models designed for the high-temperature

scenario, the proposed two-stage plus linear model contains three updates. Firstly,

the model mathematically passes through the origin (0, 0), the offset point (σpT ,

εpT), and the equivalent ultimate point (σeuT , εeuT), regardless the specific values

of the required parameters of the model. This characteristic guarantees that the

model has continuous transitions between every adjacent stage.

Secondly, the plastic strain of the offset point changes from 0.002 to a new

value p. The offset point in existing two-stage R-O models was defined as the

point with a plastic strain of 0.002. However, this practice does not provide an

accurate fit between the model and the AHSS experimental stress-strain curves

across all elevated temperatures, becauseAHSS stress-strain curves show significant

nonlinearity. The fit was optimized by varying p from 0.002 to 0.020 at 0.001

increments and iterating n andm to search for the maximum R2 between the test

curve and the model. From the optimization results, the recommendations of p for

the various AHSS at different elevated temperature ranges are listed in Table 3.2,

where a clear decreasing trend of p with increasing grade strength is observed.

The third update is the change at the end of the second stage from the ultimate

point to the equivalent ultimate point, while the remainder of the stress-strain curve

(from the equivalent ultimate point to the ultimate point) is described as a line.

Compared with other steels with a gradual yielding process (for example, stainless
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steel), AHSS σ-ε curves have a relatively long strain hardening process with a small

stress increase. For example, when σT increases from the equivalent ultimate stress

σeuT to the ultimate strength σuT , where stress only increases 1%, εT increases on

average 100% for DP-340, 51% for DP-700, 67% for HSLA-700, 52% for MS-1030,

and 25% for MS-1200. Including this long, flat strain hardening part in the second

stage model distorts the curve with an excessively large exponential coefficient m.

Therefore, in the proposed model, the second stage ends at the equivalent ultimate

point, and a line represents the remainder of the curve to the ultimate point.

The fit of AHSS σ-ε curves at different temperatures from steady-state tests using

the proposed model (Eq. 3.23, 3.24, and 3.25) and the recommended p value (Table

3.2) is shown in Fig. 3.7. The average and minimum R2 for each AHSS specimen

are no less than 0.995 and 0.983, respectively. From the observation of model fit

results, the discrepancy between the test data and the stress-input model fit (e.g.,

R-O models) is negligible when R2 ⩾ 0.96 Compared with the fit of AHSS curves

using existing models (Section 3.4), the proposed model significantly increases the

fit accuracy.

3.5.2 Updated model for Mode 2 stress-strain behavior

An updated model based on the bilinear plus nonlinear hardening model [73] is

proposed for AHSS σ-ε curves from Mode 2 residual tests as shown in Eq. 3.28.

The bilinear regions (elastic and yield plateau) are the same as presented in [73];

the expression for the nonlinear hardening is updated.
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Figure 3.7: Comparison between the stress-strain curves from steady-state tests and fit by the
proposed two-stage plus linear model built by test results.
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σT =


ETεT for 0 ⩽ εT ⩽ εyT

σyT for εyT < εT ⩽ εshT

σyT + (σuT − σyT )
[
K1εnT + K2εnT

(1+K3εnT )

]
for 0 ⩽ εnT ⩽ 1

(3.28)

where εnT is normalized strain calculated by Eq. 3.29.

εnT =
εT − εshT

εuT − εshT

for εshT ⩽ εT ⩽ εuT (3.29)

The nonlinear hardening part of Eq. 3.28 is a nonlinear interpolation between

εyT and εuT based on the input strain εT . The curve nonlinearity degree is defined

by four coefficients (K1 to K4) in [73], while it is defined by three coefficients (K1 to

K3) in the proposed expression by adopting K4 = 1. By iterating K1 to K3 using error

minimization to search for the maximum average R2 of the fit between the updated

model and the test curves, it is recommended to adopt K1 = 0.029, K2 = 4.713,

and K3 = 3.855 for AHSS residual test stress-strain curves with Mode 2 behavior,

which provides an average R2 of 0.983. For Mode 2 behavior cases using the strain-

input model (e.g., the bilinear plus nonlinear hardening model), it is found that an

excellent agreement is achieved for the curve fit when R2 ⩾ 0.95. The fits between

the test curves and the updated model built by the recommended coefficients are

shown in Fig. 3.8.
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Figure 3.8: Comparison between the sharp mode stress-strain curves from residual tests and fit by
the modified three-parameter bilinear plus nonlinear hardening model built by test results and
recommended model coefficients.

3.5.3 Fit between proposed stress-strain models and existing data

The proposed models show excellent fit between AHSS stress-strain data captured

from both elevated temperature and post-fire experiments as discussed in Section

3.5.1 and 3.5.2. It is investigated whether the proposed models will accurately

capture the stress-strain behavior of other steel grades with similar stress-strain

behaviors.

Stress-strain curves from [78] were selected where the post-fire material prop-

erties of very high-strength steel S960 were studied. The stress-strain curves show
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Figure 3.9: Comparison between the representative experimental stress-strain curves from [78] and
the corresponding fit by the proposed models.

Mode 2 behavior between ambient (20◦C) and 750◦C and Mode 1 behavior from

800◦C to 1000◦C. Therefore, both proposed models can be verified by using a group

of data from the same experiment campaign.

A few representative curves were selected for the fit following the identical

procedures as described in Section 3.5.1 and 3.5.2. For Mode 1, stress-strain curves

cooling down from 800◦C, 900◦C, and 1000◦Cwere selected. Noticeably, the selected

Mode 1 postfire curves do not show as significant strength deterioration as the

AHSS elevated temperature curves at 400◦C or above. Therefore, p = 0.005, which

is recommended for very high strength steel (e.g., MS-1030 and MS-1200) at a

lower temperature range, was adopted in the Mode 1 curve fit. For Mode 2, stress-

strain curves cooling down from 500◦C and 700◦C were selected. The numerical

coefficients recommended for AHSS post-fire Mode 2 curves in Section 3.5.2 were

applied, where K1 = 0.029, K2 = 4.713, and K3 = 3.855. The optimal fits between

the selected experimental curves and corresponding models are shown in Fig 3.9.
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The fits show excellent agreement with the test data selected from [78]. Specifi-

cally, R2 for the 800◦C, 900◦C, and 1000◦Cpostfire curve using the updated two-stage

plus linear model is above 0.995 with an average of 0.997; R2 for the 500◦C and

700◦C postfire curve fits using the updated bilinear plus nonlinear hardeningmodel

is above 0.96 with an average of 0.965. The excellent fit agreement illustrates the

potential for the adoption of the proposed models for other grades with similar

stress-strain behaviors.

3.6 Predictive equations and recommendations for

model parameters

The proposed stress-strain models for steady-state tests, transient-state tests, and

residual tests are discussed in Section 3.5. To define the constitutive relationships

using the proposed models, accurate prediction of the required parameters is

necessary.

A unified equation proposed by the authors [79], as shown in Eq. 3.30, is

adopted in this study to fit the retention factors for the required material-property

parameters:

RXTnor
= c+ (1− c)

1− Tb
nor

1+ aTb
nor

(3.30)

where Tnor is the normalized temperature normalized by Tmax and Tmin as defined

in Eq. 3.31, Tmax is the maximum temperature of the test series, Tmin is the mini-

mum temperature of the test series. The derivative of RXTnor
in Eq. 3.30 is calculated
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in Eq. 3.32.

Tnor =
T − Tmin

Tmax − Tmin

(3.31)

∂RXTnor

∂Tnor

= (1− c)
−bTb−1

nor (a+ 1)
(1+ aTb

nor)
2 (3.32)

From Eq. 3.32, RXTnor
is always monotonic regardless of the values of a, b,

and c; RXTnor
is monotonic decreasing when a > −1, b is positive, and c < 1.

This characteristic makes Eq. 3.30 suitable for describing the deterioration of steel

material properties, particularly for elastic modulus, proof stresses, and ultimate

strength, with temperature increase as observed in experiments.

3.6.1 Steady-state tests

For modeling of the stress-strain curves from the steady-state tests, the proposed

two-stage plus linear model (Eq. 3.23, 3.24, and 3.25) passes through the p offset

point (values in Table 3.2), the equivalent ultimate point, and the ultimate point.

The following parameters are required to define the model: the elastic modulus

ET , the p proof stress σpT and its strain εpT , the stress and strain of the equivalent

ultimate point σeuT and εeuT , the ultimate strength σuT , and the ultimate strain εuT .

Among these parameters, two pairs are related by definition: εpT = σpT/ET +p and

σeuT = 0.99σuT . In addition, two exponential coefficients n andm are also required

to describe the nonlinearity of the first and the second stage model respectively.

In general, the elastic modulus is determined from the stress-strain curve as the
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slope of its initial linear portion. For Mode 1 behavior (rounded curve without a

distinct yield point), the linear portion is less obvious. The method from Huang

and Young [10] is adopted where the slope of the linear regression for all data

between 20% and 45% of nominal yield strength is regarded as the elastic modulus.

An update is made to adopt this method for high-temperature tests to include the

deterioration from a high-temperature environment. The update is to proportion

the nominal yield strength at ambient, σny0, by the deterioration of the experimental

ultimate strength as calculated by Eq. 3.33:

σnyT = σny0 ×
σuT

σu0
(3.33)

where σny is the nominal yield strength, subscript 0 represents ambient, and sub-

script T represents an elevated temperature.

Parameters for the steady-state tests are shown in Table 3.3, including ET , σpT ,

σuT , εeuT , εuT , n andm. The test data is used as the benchmark to develop the pre-

dictive equations for the retention factor of the parameters required by the proposed

model. The calibrated coefficients of the unified equation for these parameters are

shown in Table 3.4. Relationships between the parameter retention factors and T

are shown in Fig. 3.10 to Fig. 3.14.
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Table 3.4: Proposed coefficients for the unified predictive equation (Eq. 3.30) of material property
parameters required by the two-stage plus linear model for the steady-state tests.

steel T (◦C) a b c T (◦C) a b c

ET

DP-340 [20, 700] 0.53 1.16 0.37
DP-700 [20, 700] 3.50 4.08 0.15

HSLA-700 [20, 700] 6.51 4.11 0.24
MS-1030 [20, 700] 10.00 4.99 0.08
MS-1200 [20, 700] 1.17 2.15 0.06

σpT σuT

DP-340 [20, 700] 48.00 6.64 0.12 [20, 700] 30.85 6.12 0.09
DP-700 [20, 700] 22.45 5.58 0.06 [20, 700] 25.53 6.25 0.06

HSLA-700 [20, 700] 8.22 5.07 0.02 [20, 700] 14.12 6.50 0.03
MS-1030 [20, 700] 30.26 4.94 0.03 [20, 700] 23.48 4.76 0.04
MS-1200 [20, 700] 29.91 4.73 0.02 [20, 700] 29.27 4.74 0.04

εeuT εuT

DP-340 [20, 700] 1.26 1.97 0.01 [20, 700] 0.91 1.76 0.07
DP-700 [20, 700] 5.72E+05 19.77 0.27 [20, 700] 215.39 7.50 0.17

HSLA-700 [20, 700] 0.00 0.72 0.25 [20, 700] 0.00 0.53 0.33
MS-1030 [20, 400] 5.08E+05 14.88 0.58 [20, 400] 3.57E+08 20.23 0.63
MS-1200 [20, 400] 1.10E+06 14.84 0.46 [20, 400] 1.96E+06 14.95 0.41

For the strain parameters, εeuT and εuT forMS steels above 400◦C show apparent

increasing trends. Therefore, for these cases, it is difficult to predict the strains using

the unified equation (Eq. 3.30) only. Instead, a combination of the unified equation

and one basic function is used to build piecewise predictive equations if necessary.

To lower the equation’s complexity while guaranteeing the prediction accuracy, the

basic functions to fit the aforementioned strain cases include exponential function

(Eq. 3.34) and linear function (Eq. 3.35). The calibrated coefficients of the unified

predictive equation (Eq. 3.30) for the strains are shown in Table 3.4. The calibrated

coefficients of the basic functions (Eq. 3.34 and 3.35) are shown in Table 3.5. The

fits of εeuT and εuT between the predictive equation and experimental data are

shown in Fig. 3.13 and Fig. 3.14.
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Figure 3.10: Prediction of AHSS elastic modulus for steady-state tests by Eq. 3.30 using proposed
coefficients.

RXT
= aebT (3.34)

RXT
= aT + b (3.35)
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Figure 3.11: Prediction of AHSS p proof stress for steady-state tests by Eq. 3.30 using proposed
coefficients.

Table 3.5: Proposed coefficients for the basic equations of required strains for AHSS steady-state
tests.

T (◦C) form a b

strain at equivalent ultimate point εeuT

MS-1030 (400, 700] exp. 0.04 6.61E-03
MS-1200 (400, 700] linear 5.05E-03 -1.56
ultimate strain εuT

MS-1030 (400, 700] exp. 0.05 6.34E-03
MS-1200 (400, 700] linear 3.96E-03 -1.18
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Figure 3.12: Prediction of AHSS ultimate strength for steady-state tests by Eq. 3.30 using proposed
coefficients.

3.6.2 Transient-state tests

For modeling the transient-state test results, Chen and Ye’s model [48] is adopted.

ET , the 0.2% proof stress σ0.2T , and the exponential coefficient n at the elevated

temperature T are required to define the model. As discussed in Section 3.3, for

the experimental stress-strain curves generated from the AHSS transient-state tests,

the curves do not approach the ultimate point. Therefore σuT is not available, and

Eq. 3.33 can not be adopted to calculate σnyT and ET . Thus, a modification is
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Figure 3.13: Prediction for the strain of the equivalent ultimate point for steady-state tests.

made on Eq. 3.33 for transient-state tests. The ratio between σt0.5T (the stress at

εT = 0.005 at T) and σt0.5,0 (the stress at ε = 0.005 at ambient) is used to account

for the deterioration of the nominal yield strength at T , as shown in Eq. 3.36.

σnyT = σny0 ×
σt0.5T

σt0.5,0
(3.36)

The parameters of the model for transient tests are listed in Table 3.6, including

ET , σ0.2T , and n. The calibrated coefficients of the unified predictive equation (Eq.

3.30) for ET and σ0.2T required by Chen and Ye’s model [48] are shown in Table
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Figure 3.14: Prediction for the ultimate strain for steady-state tests.

3.7. The fits of the parameters between the proposed predictive equation and

experimental values are shown in Fig 3.15 and Fig. 3.16.

3.6.3 Residual tests

For the residual test, a small number of tests show Mode 1 (i.e. gradual yielding

with a nonlinear curve shape) stress-strain behavior, and they are modeled by the

two-stage plus linear model (Eq. 3.23, 3.24, and 3.25). Mode 1 behavior is generally

observed when the test temperature is lower than 200◦C. The only exception is
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Table 3.6: Properties required by the recommended one-stage model [48] from AHSS transient-state
test results.

T (◦C) DP-700 MS-1200 DP-700 MS-1200 DP-700 MS-1200
ET (GPa) σ0.2T (MPa) n

20 214.0 207.9 721.0 1327.2 4.8 9.1
100 190.4 206.9 703.8 1259.7 6.4 8.3
150 180.4 200.0 699.1 1095.2 6.8 5.1
200 164.9 185.7 700.2 1004.1 7.5 4.3
250 155.9 165.4 686.2 929.4 7.8 4.7
300 140.1 121.6 654.3 844.7 7.8 6.8
350 121.7 72.5 574.8 701.1 7.1 6.2
400 104.1 60.5 512.2 425.4 5.5 3.6
450 66.0 44.5 371.9 222.2 6.5 2.5
500 41.4 20.4 196.3 128.2 6.2 3.4
550 16.5 8.8 108.9 85.4 5.5 5.4
600 5.0 3.2 72.7 64.3 5.5 6.4

Table 3.7: Proposed coefficients for the predictive equation (Eq. 3.30) of elastic modulus and 0.2%
proof stress required by the recommended one-stage R-O model [48] for transient-state test.

steel T (◦C) a b c

ET

DP-700 [20, 600] 0.00 1.47 0.01
MS-1200 [20, 600] 13.14 4.12 0.01

σ0.2T
DP-700 [20, 600] 6.13 6.51 0.07
MS-1200 [20, 600] 2.31 2.46 0.00

Figure 3.15: Prediction of AHSS elastic modulus for transient-state tests by Eq. 3.30 using proposed
coefficients.
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Figure 3.16: Prediction of AHSS 0.2% proof stress for transient-state tests by Eq. 3.30 using proposed
coefficients.

Table 3.8: Required parameters of the proposed two-stage plus linear model from residual test with
Mode 1 behavior.

T (◦C) DP-340 DP-700 MS-1030 MS-1200 DP-340 DP-700 MS-1030 MS-1200
σpT (MPa) εeuT

20 552.5 944.4 1379.3 1466.5 0.112 0.045 0.017 0.026
200 - 935.0 1424.7 1472.9 - 0.042 0.018 0.026
700 - 378.7 - - - 0.081 - -

n m
20 7.1 8.8 15.2 15.8 4.2 2.9 1.9 4.5
200 - 12.4 42.1 21.8 - 3.0 1.7 6.9
700 - 12.3 - - - 5.8 - -

DP-700 from the 700◦C test, which also shows Mode 1 behavior. Parameters ET ,

σpT , σuT , εeuT , εuT , n, and m are needed to adopt the proposed two-stage plus

linear model (Eq. 3.23, 3.24, and 3.25). The values of these parameters as shown

in Table 3.8 are determined by following the same procedures as the steady-state

tests described in Section 3.5.1. Note that ET , σuT , and εuT are also required by the

updated bilinear plus nonlinear hardening model for the residual tests with Mode

2 behavior. Therefore, they are discussed together next and are given in Table 3.9.

Due to the limited number of tests observed with Mode 1 behavior, it is difficult to

conclude any credible trend for the material properties.
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Most post-fire stress-strain curves show Mode 2 behavior. They are modeled

by the updated bilinear plus nonlinear hardening model (Eq. 3.13, 3.14, and 3.18).

The model requires elastic modulus ET , yield strength σyT , yield strain εyT , εshT

(the strain at the end of the yield plateau and the onset of the nonlinear strain

hardening), ultimate strength σuT , ultimate strain εuT , and three coefficients (K1

to K3 describing the nonlinearity of the strain hardening process). Among these

parameters, ET , σyT , and εyT are related as εyT = σyT/ET , therefore when any

two of the three parameters are known, the other parameter can be calculated.

Considering both simplicity and accuracy, K1 to K3 are recommended as 0.029,

4.713, and 3.855 respectively by a statistical study on the test curves using the error

minimization method as discussed in Section 3.5.2.

For Mode 1 post-fire stress-strain behaviors, ET is calculated using the same

method as the steady-state tests described in Section 3.6.1. For Mode 2 post-fire

stress-strain behaviors, clear linear elastic behavior is observed up to the yield point.

Therefore ET is calculated as the slope of the linear portion. ET for the residual tests

is shown in Table 3.9, and the relationship between its retention factor RET
and T is

shown in Fig. 3.17.

For residual tests showing Mode 2 behavior, σyT is the stress at the yield point,

where the linear elastic region ends and the yield plateau begins. σyT is shown

in Table 3.9, and the relationship between its retention factor RσyT
and T is shown

in Fig. 3.18. σyT shows a clear gradual decreasing trend when T increases; σyT

of DP-700, MS-1030, and MS-1200 have similar deterioration rates, while σyT of

DP-340 deteriorates at a slower rate.
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Table 3.9: Properties required by the proposed models from AHSS residual test results.

T (◦C DP-340 DP-700 MS-1030 MS-1200 DP-340 DP-700 MS-1030 MS-1200
ET (GPa)

20 202.2 203.3 216.0 207.9
200 210.4 208.1 212.9 207.4
300 195.9 208.0 216.2 209.3
400 218.2 213.3 211.8 204.5
500 208.2 220.9 217.5 229.6
600 205.3 217.7 231.8 215.0
700 196.5 117.3 195.7 161.7

σyT (Mode 2) (MPa) σuT (MPa)
20 - - - - 675.0 1025.6 1427.6 1594.8
200 528.6 - - - 690.6 1011.4 1455.7 1595.8
300 498.1 892.4 1371.0 1371.0 649.1 982.7 1389.8 1437.6
400 491.0 803.9 1030.0 1102.0 578.6 848.9 1041.2 1118.7
500 432.1 627.4 753.0 836.9 509.0 702.0 774.1 858.1
600 384.4 453.7 656.1 678.5 459.6 543.2 670.5 700.7
700 351.7 - 428.7 501.1 448.0 714.9 482.0 531.4

εshT (Mode 2) εuT

20 - - - - 0.154 0.075 0.027 0.036
200 0.018 - - - 0.159 0.072 0.039 0.040
300 0.015 0.014 0.013 0.014 0.129 0.048 0.044 0.036
400 0.021 0.014 0.015 0.014 0.146 0.033 0.030 0.040
500 0.030 0.018 0.039 0.036 0.146 0.098 0.059 0.055
600 0.037 0.028 0.041 0.047 0.177 0.138 0.071 0.069
700 0.038 - 0.050 0.055 0.200 0.099 0.177 0.126

The ultimate strength σuT is defined as the peak stress of the nonlinear strain

hardening region. Note that σuT is not necessarily the peak stress of the curve,

because the upper yield strength of several cases with Mode 2 behavior is larger

than the ultimate strength (e.g., the 600◦C test for MS-1200). σuT is shown in Table

3.9, and the relationship between its retention factor RσuT
and T is shown in Fig.

3.19. No significant decrease is observed up to 200◦C or 300◦C. Above 300◦C, clear

decreasing trends are observed, and the MS steel shows a more rapid deterioration

rate than the DP steel.

By definition, εyT can be calculated by εyT = σyT/ET , where the predictions of
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Table 3.10: Proposed coefficients for the unified predictive equation (Eq. 3.30) of material property
parameters required by the updated bilinear plus nonlinear hardening model for the residual tests.

steel T (◦C) a b c T (◦C) a b c

ET

DP-340 [20, 700] 7.47E+05 12.47 0.97
DP-700 [20, 700] 0.00 59.53 0.58
MS-1030 [20, 700] 0.00 7.10 0.91
MS-1200 [20, 700] 1.30E-05 15.80 0.78

σyT (Mode 2) σuT

DP-340 [200, 700] 2.14 3.85 0.66 [20, 700] 15.18 5.46 0.66
DP-700 [300, 600] 9.91 6.97 0.42 [20, 700] 12.56 5.66 0.51
MS-1030 [300, 700] 10.74 5.47 0.35 [20, 700] 14.04 5.51 0.37
MS-1200 [300, 700] 8.37 5.49 0.38 [20, 700] 7.30 4.24 0.35

εshT (Mode 2) εuT

DP-340 [200, 300] 0.00 0.00 1.00 [20, 500] 0.00 0.00 1.00
DP-700 - - - - [20, 400] 798.69 7.01 0.40
MS-1030 [300, 400] 0.00 0.00 1.00 - - - -
MS-1200 [300, 400] 0.00 0.00 1.00 [20, 300] 0.00 0.00 1.00

σyT and ET are given in this section. εshT for residual tests with Mode 2 behavior

is shown in Table 3.9, and the relationship between its retention factor RεshT
and T

is shown in Fig. 3.20. εshT is stable up to 400◦C and then increases rapidly when T

increases. εshT of MS steel increases more rapidly than DP steel.

εuT is shown in Table 3.9, and the relationship between its retention factor RεuT

and T is shown in Fig. 3.21.

The test data is used as the benchmark to develop the predictive equations

for the retention factor of the parameters required by the proposed model. The

calibrated coefficients of the unified predictive equation (Eq. 3.30) for ET , σyT

(Mode 2), and σuT are shown in Table 3.10. The fits of these properties between the

experimental values and the predicted values are shown from Fig 3.17 to Fig. 3.19.

For the required strain parameters, several cases captured from the test curves

show an increasing trend at a higher temperature range (e.g., above 400◦C). There-
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Figure 3.17: Prediction of AHSS elastic modulus for residual tests by Eq. 3.30 using proposed
coefficients.

Figure 3.18: Prediction of AHSS yield strength for Mode 2 residual tests by Eq. 3.30 using proposed
coefficients.
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Figure 3.19: Prediction of AHSS ultimate strength for residual tests by Eq. 3.30 using proposed
coefficients.

fore, it is difficult to accurately predict these strains using the unified equation (Eq.

3.30) only. A combination of the unified equation and a polynomial function up to

a cubic (Eq. 3.37) is used to develop the piecewise predictive equations for strains.

These equations best fit the existing experimental data. A simpler function could be

proposed if less accuracy to the current data is acceptable, especially considering

the variability in strain.

RXT
= aT 3 + bT 2 + cT + d (3.37)

The calibrated coefficients of the unified predictive equation (Eq. 3.30) for the

strains are shown in Table 3.10. The calibrated coefficients of the polynomial are

shown in Table 3.11, where the required strains show a clear increasing trend when
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Table 3.11: Proposed coefficients for the polynomial equation of required strains fromAHSS residual
tests.

T (◦C) a b c d

εshT (Mode 2)
DP-340 (300, 700] -5.49E-08 8.03E-05 -0.034 5.51
DP-700 [300, 600] 0.00 1.70E-05 -0.012 3.03
MS-1030 (400, 700] 4.00E-07 -6.89E-04 0.40 -72.70
MS-1200 (400, 700] 0.00 -2.67E-05 0.04 -10.29

εuT

DP-340 (500, 700] 0.00 0.00 1.47E-03 0.26
DP-700 (400, 700] 0.00 -3.33E-05 0.04 -10.11
MS-1030 [20, 700] 8.24E-08 -6.83E-05 1.56E-02 0.66
MS-1200 (300, 700] 0.00 1.91E-05 -1.32E-02 3.25

Figure 3.20: Prediction of εshT for Mode 2 residual tests.

T increases. The fits of the strains between the proposed predictive equation and

experimental value are shown in Fig 3.20 and Fig. 3.21.
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Figure 3.21: Prediction for the ultimate strain for residual tests.

3.7 Examples of AHSS stress-strain relationship

modeling at elevated temperature and after

cooling down

In this study, models for AHSS stress-strain relationships in steady-state test,

transient-state test, and residual test protocols based on experimental data are

developed. The models can be used for material property definition in a numerical

simulation for AHSS in various high-temperature scenarios. In this section a stress-

strain modeling example for each type of test method following the procedures

discussed in Sections 3.5 and 3.6 is provided.

The proposed models and model parameter prediction for each test method are
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Table 3.12: Summary of model expressions and model parameter predictive equations for each test
method.

test protocol model
expression

parameter prediction
predictive
equation

parameter
at ambient

equation
coefficients

steady-state test Eq. 3.23, 3.24, 3.25 Eq. 3.30, 3.34, 3.35 Table 3.3 Table 3.4, 3.5
transient-state test Eq. 3.22 Eq. 3.30 Table 3.6 Table 3.7
residual test Eq. 3.28 Eq. 3.30, 3.37 Table 3.9 Table 3.10, 3.11

summarized in Table 3.12. For models designed for Mode 1 stress-strain behavior,

n and m at any desired temperature are calculated by linear interpolation between

its two adjacent test temperatures given in Table 3.3. For the transient-state test

modeling, the expression range is up to the ultimate strength, which is unavailable

from the experiment. Therefore, the ultimate strength from the steady-state test

is adopted as both test protocols are designed at elevated temperatures, and the

ultimate strength is only used to define the model range and has no influence on

the model shape. The stress-strain modeling examples are shown in Table 3.13 and

Eq. 3.38 for the steady-state test, Table 3.14 and Eq. 3.39 for the transient-state test,

and Table 3.15 and Eq. 3.40 for the residual test. The numbers in Eq. 3.38, 3.39, and

3.40 are in N-mm-MPa system.

(Example 1) σ-εmodeling for MS-1200 at 450◦C from the steady-state test:

ε450 =


σ450
98015 + 0.002

(
σ450
318.7

)5.13 for 0 ⩽ σ450 ⩽ 318.7
σ450−318.7

23576 + 0.011
(
σ450−318.7

48.6

)5.56
+ 5.25E-03 for 318.7 < σ450 ⩽ 367.3

1.01E-03(σ450 − 367.3) + 0.018 for 367.3 < σ450 ⩽ 371.0
(3.38)

(Example 2) σ-εmodeling for DP-700 at 320◦C from the transient-state test:
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ε320 =
σ320

133227 + 0.002
( σ320

660.3

)7.49
for 0 ⩽ σ320 ⩽ 732.15 (3.39)

(Example 3) σ-εmodeling for DP-340 after cooling down from 680◦C from the

residual test:

σ680 =


195814ε680 for 0 ⩽ ε680 ⩽ 1.82E-03

356.4 for 1.82E-03 < ε680 ⩽ 0.039

356.4+ 92.0
(
0.029εn680 +

4.713εn680
1+3.855εn680

)
for 0 < εn680 ⩽ 1

(3.40)

where εn680 =
ε680−0.039

0.156 for 0.039 < ε680 ⩽ 0.195.
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3.8 Conclusions

This paper presents a detailed numerical study on the stress-strain relationships for

two dual-phase (DP) and two martensitic (MS) sheets of advanced high-strength

steel (AHSS) at elevated temperatures and after cooling down. Test data recently

collected by the authors from a series of steady-state, transient-state, and residual

tests ranging from ambient to 700◦C are used as the modeling benchmarks. It was

found that the stress-strain behaviors are affected by the composition of AHSS

(DP or MS), the strength of the steel, the testing protocol, and the maximum

temperature. Overall, two stress-strain modes were observed from steady-state and

residual test protocols: a gradual strain hardening process with no well-defined

yield point (Mode 1), and a sharp strain hardening process with a distinct yield

point and yield plateau (Mode 2). In general, AHSS from the steady-state tests

showsMode 1 while with a few exceptions for the residual tests, Mode 1 is observed

when the test temperature is at or below 200◦C, and Mode 2 is observed when the

test temperature is 300◦C or higher. Therefore, no single material model could be

defined to represent all AHSS subjected to elevated temperatures.

Existing stress-strainmodels were reviewed and fitted to the AHSS experimental

data. It was found that existing models based on the Ramberg-Osgood equation

do not accurately capture the Mode 1 stress-strain curves. Therefore, an updated

two-stage plus linear model based on the Ramberg-Osgood equation is proposed to

describe the stress-strain relationship of AHSS with Mode 1 behavior. An existing

material model was found to fit Mode 2 stress-strain curves but is updated to

improve simplicity by reducing the number of required modeling parameters. The
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fit between the experimental AHSS stress-strain curves and the corresponding

proposed models is excellent. Predictive temperature-dependent equations for

the parameters required by the proposed models are developed using a unified

equation based on the statistical analysis of the experiment data, and calibrated

coefficients for the predictive equations are provided. In addition, the methodology

developed in this paper could be helpful for future research on the characterization

of sophisticated material stress-strain behaviors.

Addendum

This section presents some discrete information as supplements of the published

journal article, which is the main body from Abstract to Conclusion for this chapter.

The setup of the loading system and the elevated temperature equipment is

shown in Fig. 3.22.

Fig. 3.1 and 3.3 illustrate the effects of elevated temperatures on the AHSS for

steady-state test and residual test. Besides the observations discussed in Section

3.3, the significant impact on the fracture strain is observed, particularly for the

MS steel. Table shows the percentage increment at elevated temperature for the

fracture strain of MS steel comparing with the ambient values.
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Figure 3.22: The setup of the loading system and the elevated temperature equipment for the tensile
coupon test as described in [45], [46].

Table 3.16: Percentage increment of fracture strains forMS steel resulting from elevated temperatures.
Fracture strains are from [45], [46].

steady-state test residual test
MS-1030 MS-1200 MS-1030 MS-1200

T (◦C) εf (%) ∆εf εf (%) ∆εf εf (%) ∆εf εf (%) ∆εf
20 2.95 0% 3.61 0% 2.95 0% 3.61 0%
200 10.83 267% 11.03 206% 5.25 78% 6.48 80%
300 9.07 207% 11.17 209% 6.28 113% 6.96 93%
400 11.78 299% 14.94 314% 7.66 160% 8.13 125%
500 24.55 732% 30.18 736% 12.86 336% 13.41 271%
600 >40 >1256% >40 >1008% 13.58 360% 15.51 330%
700 >40 >1256% >40 >1008% 21.48 628% 22.33 519%
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Chapter 4

Material properties of advanced

high-strength cold-formed steel alloys

under subzero temperatures

Xia, Yu and Blum, Hannah B. “Material properties of advanced high-strength

cold-formed steel alloys under subzero temperatures.” Manuscript under review.

Abstract

In recent decades, the temperature in high latitude regions, including the Arctic,

has been rapidly increasing for both cold and warm seasons. The warmer weather

brings a substantial increase in the number of human activities, which creates a

demand for infrastructure. In order to design safe infrastructure, the material prop-

erties at subzero temperature must be correctly quantified. Due to recent advances
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in material science, new grades of cold-formed steel (CFS), referred to advanced

high-strength steel (AHSS), have been developed, which show unprecedented

strength. As cold-formed steel has a high strength-to-weight ratio among other

benefits, it might be a suitable structural material in high latitude regions. However,

the material properties of AHSS under subzero temperature environments have not

been sufficiently quantified. In this paper, an experimental investigation following

the steady-state test protocol was carried out to quantify the subzero temperature

effects on the material properties of AHSS and conventional CFS sheets with yield

strengths ranging from 395 MPa to 1200 MPa. Two types of AHSS (dual phase and

martensitic) and two types of conventional CFS (mild and high-strength low-alloy)

were investigated at temperatures down to -60◦C. The stress-strain relationship,

elastic modulus, and key stresses and strains were reported from the experiments.

The results show that AHSS has larger yield and ultimate strengths and fracture

elongation at subzero temperatures than at ambient, indicating the high potential

for adopting AHSS as a construction material for structural members in the high

latitude regions. Furthermore, predictive equations on critical material properties

and stress-strain relationship at subzero temperatures were developed.

4.1 Introduction

As a result of rapid temperature increases in recent decades [80], the frigid high lat-

itude regions, including north Russia, north Canada, north Scandinavia, Greenland,

Alaska, and the Arctic, are open to more frequent human activities during warm
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seasons, instead of people being discouraged by the gelid temperatures. Potentially

linked to this shift, a rapidly increasing population has been observed in these high

latitude regions for natural resource exploitation, scientific studies, and traveling

[81], [82], although the permanent resident population has shown a marginal

increase [83]. For example, tourism was estimated to have quadrupled in summer

and increased by over 600% in winter between 2006 and 2016 in the Arctic [81].

These rapid changes lead to an increasing demand for infrastructure which is both

a challenge and an opportunity [84].

Cold-formed steel (CFS), particularly thin-walled cold-formed high-strength

steel, may be an ideal structural material for cold climates which are more remote

due to its high strength-to-weight ratio requiring fewer transportation costs than hot-

rolled structural steel and no need for formwork or skilled welders on site. Existing

studies on thematerial properties of structural steel at subzero temperatures or even

under a cryogenic environment are not rare, but most of them discuss hot-rolled

steel [85]–[99], particularly hot-rolled stainless steel [100]–[110], where a large

portion of the studies tested bar specimens with diameters between 4 mm and

20 mm or flat coupons with thicknesses greater than 3.0 mm. However, because

interest in the performance of CFS structures at subzero temperatures is relatively

new, limited data on the material performance of CFS under subzero temperatures

are available. Azhari et al. [111] investigated the mechanical response of ultra-high-

strength steel with a yield strength of 1200 MPa and a thickness of 3.2 mm extracted

from cold-formed tubes at ambient, -40◦C, and -80◦C. Rokilan andMahendran [112]

investigated the mechanical properties of G300 and G550 cold-rolled steel sheets
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with various thicknesses from 0.55 mm to 1.0 mm at subzero temperatures down to

-70◦C. Yan et al. [113] studied the behavior of concrete stub columns confined by

steel tubes at subzero temperatures, where they reported the material properties of

the cold-rolled steel specimens cut from steel tubes with thicknesses varying from

2.75 mm to 4.50 mm at subzero temperatures down to -80◦C. Although different

CFS sheets/plates showed significantly different behaviors in the existing studies,

the strengths and elongations were overall affected by the decrease in temperature.

Among the existing studies, few cover thin (less than 2 mm thick) high-strength

CFS. Therefore, it is essential to conduct a thorough experimental study on the

material properties of cold-formed high-strength steel with thin-walled geometry

at subzero temperatures to better understand the low-temperature effect and to

provide reliable data for future use of high-strength cold-formed steel in the high

latitude regions.

Among different types of cold-formed high-strength steel (HSS), advanced

high-strength steel (AHSS) is promising with significantly enhanced capabilities,

owing to recent material science advances at the microstructural level over the

past two decades, at a competitive cost [2]. AHSS is steel with unique microstruc-

tures utilizing complex deformation and phase transformation processes to achieve

unprecedented combinations of strength and ductility. The design and manu-

facture of AHSS require careful selection of chemical compositions and precisely

controlled heating and cooling processes. Subsequently, AHSS exhibits a multi-

phase microstructure containing one or more phases, including martensite, bainite,

austenite, and retained austenite that is sufficient in quantities to develop unique



127

mechanical properties. Macroscopically, AHSS includes new steel grades with yield

strength up to 1250 MPa, ultimate strength up to 1900 MPa, or tensile elongation

upwards of 20% to 30%. The material properties of the steel are significantly depen-

dent on the manufacturing technology and chemical composition. Dual-phase (DP)

steel is manufactured by controlling the cooling from the two-phase ferrite plus

austenite to transfer some austenite to ferrite before the rapid cooling transforms

the remaining austenite to martensite. Martensitic (MS) steel is manufactured

by transforming the austenite existing during the annealing to martensite in the

cooling. High-strength low-alloy (HSLA) steel retains carbon content ranging from

0.5% to 2.0%, while a small amount of other alloying elements are added to its

chemical composition to gain better strength, formability, and weldability than

conventional mild steel [2]. Although AHSS has shown outstanding performance

in the automobile industry for its excellence in stiffness, formability, and crash

performance [3], its performance as a structural material is unclear because the

construction industry requires different design constraints than the automobile

industry. Specifically, although there is limited research on the material proper-

ties of AHSS at ambient and elevated temperatures [5], [6], [45], [46], the AHSS

properties under the subzero temperature environment are unknown.

In this paper, an experimental investigation was carried out to determine the

material properties of advanced high-strength CFS at subzero temperatures fol-

lowing a steady-state test protocol. Specimens were cut from a 1.8 mm thick dual

phase (DP) steel sheet and two 1.0 mm thick martensitic (MS) steel sheets. For

comparison purposes, specimens cut from a 0.6 mm thick high-strength low-alloy
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(HSLA) steel sheet (a type of conventional HSS) and a 1.8 mm thick conventional

CFS sheet were also investigated. The specimens were tested at various subzero

temperatures from ambient down to -60◦C at a 20◦C intervals for each steel. Al-

though the lowest temperature in Earth’s recorded history is below -60◦C [114],

the lowest test temperature was selected as -60◦C because the recorded lowest

temperatures in the high latitude regions with frequent human activities since the

twenty-first century have been above -60◦C [80], [115]. From the experiments, the

stress-strain (σ-ε) curves and key material properties, including elastic modulus,

yield strength, ultimate strength, and elongations for AHSS, HSLA, and mild steel

were collected. Furthermore, the test results were compared with existing test data

and various Steel Standards requirements, particularly the elongations as some

CFS sheets/plates showed the transformation from a ductile fracture at ambient

to a brittle fracture at subzero temperatures [111], [112]. Additionally, predictive

equations for key material properties and the constitutive model for σ-ε behaviors

for AHSS at subzero temperatures were developed and verified.

4.2 Experimental study

4.2.1 Test apparatus

The experimental study was carried out in the Manufacturing and Mechanics Labo-

ratory at theUniversity ofWisconsin-Madison. AnADMET F-280DT environmental

test chamber with the capability of active heating and cooling from -80◦C to 200◦C

was used to obtain the target subzero temperature environment. The chamber was
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connected to an Airgas liquid cylinder, which input the liquid nitrogen into the

chamber for the cooling stage. The target temperature inside the chamber was

controlled by an Omron E5AC digital temperature controller, which can set the

target temperature and display the present temperatures and real-time cooling

rate. The present temperature reading was measured by three thermocouples at-

tached to the chamber’s internal surfaces, where one thermocouple was placed

on the top surface and the other two were on the two side surfaces. The cooling

rate was controlled by the temperature controller. Generally, the cooling rate was

approximately 5◦C/min at the start of the cooling stage and it gradually decreased

when the chamber temperature approached the target temperature. The chamber

was mounted on a 100 kN loading capacity ADMET eXpert 1600 Series hydraulic

testing frame with specially designed subzero temperature-resistant tension grips.

The loading process of the tensile test was controlled by MTESTQuattro software,

which can control the loading rate and stopping criterion and record and output

the test data. The setup of the experiment is shown in Fig. 4.1.

The strain was measured by an MTS model 632.12B-20 extensometer, which

is subzero temperature resistant. It had a gauge length of 1-inch (25.4 mm) and

a maximum displacement of 0.5-inch (12.7 mm). The gauge length of the test

specimenwas designed as 2-inch per ASTME8 [9] (refer to Section 4.2.2). To ensure

the fracture of the specimen would occur inside the gauge of the extensometer, a

1-inch extender was manufactured and fixed to the original extensometer. As the

extender could not displace, the extensometer now had a 2-inch (50.8 mm) gauge

length with a 25% maximum strain measurement range.
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Figure 4.1: Test apparatus setup for the subzero temperature experiment.

4.2.2 Test materials and specimens

The tensile specimens were cut from various steel sheets including three AHSS steel

sheets with two thicknesses and three different grades. The materials were labeled

by their steel families and nominal yield strengths (in MPa), i.e., DP-580, MS-1030,

and MS-1200. For comparison of AHSS to mild and high-strength steel, specimens

cut from a conventional mild CFS sheet (Mild-395) and a high-strength CFS sheet

(HSLA-700) were also studied. The chemical composition of the five steel sheets

is listed in Table 4.1, where the values for DP-580, HSLA-700, and Mild-395 are
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Table 4.1: Chemical composition of the steel sheets measured in mass percentage.

Element DP-580 HSLA-700 MS-1030 MS-1200 Mild-395
C 0.167 0.104 0.16 0.28 0.04
Si 1.413 0.012 0.4 0.4 0.02
Mn 2.0 2.32 1.8 1.3 0.65
P 0.01 0.013 0.02 0.02 0.015
S 0.002 0.004 0.01 0.01 0.003
Al 0.047 0.031 0.015 0.015 0.025
Nb + Ti 0.006 - 0.1 0.1 0.018
Cr + Mo 0.043 0.606 1.0 1.0 0.08
V 0.005 0.001 - - 0.002
B 0.0003 0.0001 0.005 0.01 -
Cu 0.02 0.02 0.2 0.2 0.09
Ni 0.01 0.01 - - 0.03
Sn 0.008 0.002 - - 0.005
N 0.004 0.005 - - 0.008
Cb 0.003 0.002 - - -
Sb - 0.001 - - -
Ca - 0.001 - - 0.002

Table 4.2: Nominal properties and coating of the steel sheets.

Steel tn (mm) σny (MPa) σnu (MPa) coating
Mild-395 1.8 395 450 uncoated
DP-580 1.8 580 980 uncoated
HSLA-700 0.6 700 980 coated
MS-1030 1.0 1030 1300 uncoated
MS-1200 1.0 1200 1500 uncoated

exact, while the values for MS-1030 and MS-1200 are typical because the exact data

is proprietary information of the manufacturer. Nominal information of the steel

sheets, including the nominal yield strength σny, nominal ultimate strength σnu,

nominal thickness tn, and coating, is given in Table 4.2.

The specimens were cut along the rolling direction of the steel sheets by waterjet

in TeamLab at UW-Madison. The dimension of the specimen was designed per

ASTM E8 [9] with a length of 8 inches (203.2 mm), a width of 0.5 inches (12.7 mm),

and a reduced parallel section length of 2.25 inches (57.15 mm) as shown in Fig.
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Figure 4.2: Nominal dimension of the tensile specimen (unit: mm).

4.2. For each test temperature, two specimens were tested for AHSS and HSLA

steels, and one specimen was tested for mild steel. The specimen was labeled by its

sheet designation(e.g., DP-580) plus its target test temperature in Celsius (e.g., +20

for ambient and -20 for -20◦C) and the test number (e.g., 1 or 2). The actual width

and thickness for the reduced parallel section of each specimen were measured

to determine the initial cross-section area before the test. For each specimen, the

width and thickness were measured at the center and two ends of the reduced

parallel section, and the average of the three readings was used. The width was

measured by a caliper with a precision of 0.01 mm, and the thickness was measured

by a micrometer with a precision of 0.001 mm. The zinc coating of HSLA specimens

was removed by immersing the specimens into one molar hydrochloric acid until

complete reaction. The thicknesses before and after the removal of the zinc coating

were measured. The average thickness difference was 0.04 mm and it was used as

the coating thickness for HSLA specimens. The measured width (b) and uncoated

thickness (t) of the reduced parallel section for each specimen are shown in Table

4.3.
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4.2.3 Test procedures

The steady-state test protocol was adopted in this study where the material prop-

erties of the steels at a steady subzero temperature were measured by a uniaxial

tensile test. The target test temperatures included ambient (represented by 20◦C),

0◦C, -20◦C, -40◦C, and -60◦C. Each test was divided into two stages, the cooling

stage and the loading stage. At the beginning of the test, the specimen was clamped

vertically by the two grips of the testing frame, and the extensometer was placed at

the center of the specimen. The chamber door was then closed and the cooling stage

began. As a result of the cooling, thermal tensile stresses were introduced into the

specimen due to thermal shrinkage. The position of the bottom grip was manually

adjusted upwards using fine-tune controls during the cooling stage to maintain

the thermal tensile load below 100 N. After the target temperature on the digital

temperature controller was achieved and stabilized in the chamber, the specimen

was conditioned for another twenty minutes to guarantee uniform distribution of

the target temperature within the specimen. The position of the bottom grip was

fine-tuned during the conditioning phase to maintain the tension in the specimen

below 100 N as the internal temperature of the specimen equilibrated with the

target temperate in the chamber.

After cooling and conditioning, the loading stage began where the tensile load

was applied to the specimen until the specimen’s fracture. A close shoot on the

scenario of a typical specimen’s fracture is shown in Fig. 4.3. The tensile load was

applied in a displacement control manner with a loading rate of 0.4 mm/min. This

corresponded to a strain rate of 0.007/min which met the strain rate requirement of
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Figure 4.3: Close shoot on the fractured specimen and test equipment.

0.005±0.002 [9]. The data collection rate was set as 10 Hz. The fracture criterion for

the specimen was defined as a sudden drop of more than 10% of the applied load

between two successive data points in MTESTQuattro. When the fracture criterion

was activated, the first point of the two successive data points was regarded as the

fracture point for the test.

For elongationmeasurements, a grid method [116] was also adopted in addition

to the extensometer. Before the test, uniformly distributed grids were drawn on

the specimen center using Nalgene Cryoware markers, in which the ink was fade
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Figure 4.4: Elongations measured at various gauge lengths.

resistant at low temperatures (Fig. 4.4). The spacing between adjacent grids was 2.5

mm. When the loadingwas completed, the fractured specimenswere removed from

the chamber and returned to ambient temperature. After several hours, the spacing

between various numbers of grids around the fracture position was then measured

by a digital caliper. The local (ε7.5 and ε12.5), uniform (ε37.5), and overall (ε25 and

ε50) elongations at various gauge lengths are illustrated in Fig. 4.4. Following the

requirements of [117], the elongations were calculated using the spacing before

and after the test, as shown in Eq. 4.1:

εgl =
Lgl − Lgl0

Lgl0
(4.1)

where Lgl and Lgl0 are the lengths after and before the test along specimen length

between grids for εgl as notated in Fig. 4.4, and the subscript gl represents the

gauge length of interest.



136

4.3 Experiment results

The failed specimens of the steady-state tensile tests at subzero temperatures are

shown in Fig. 4.5. All specimens fractured within the reduced parallel section.

Significant necking was observed for DP-580 and Mild-395 steel sheets at both

ambient and subzero temperatures. However, no noticeable necking was observed

forHSLA-700, MS-1030, andMS-1200 at any tested temperatures, and the specimens

fractured in relatively brittle modes. The observations indicated the fracture modes

of the tested AHSS, HSLA-700, and Mild-395 were not affected by exposure to

subzero temperatures down to -60◦C. The major results of the subzero temperature

steady-state tests are the σ-ε relationship and the elongations measured at various

gauge lengths.

4.3.1 Stress-strain curves

The stress was calculated as the applied load divided by the initial cross-section

area of the reduced parallel section (measured b and t given in Table 4.3). The

strain was measured by the extensometer. The σ-ε curves at subzero temperature

for each steel are shown in Fig. 4.6.

For AHSS and HSLA-700, rounded σ-ε curves without a distinct yield point

are observed for both ambient and subzero temperature tests. At ambient, the

nonlinearity of the σ-ε curve around yield is the greatest for DP-580 and is reduced

forHSLA-700, MS-1030, andMS-1200 (in decreasing order). As the test temperature

T decreases, the steel strength tends to increase and the nonlinearity of the σ-ε curve
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Figure 4.5: The failure modes of the specimens at fracture. Necking is observed in DP-580 and
Mild-395 specimens.
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Figure 4.6: Experimental σ-ε curves from the steady-state subzero temperature tests.
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tends to decrease. This trend is more significant for DP-580 and HSLA-700 than

for MS-1030 and MS-1200. The fracture of HSLA specimens occurred closely after

reaching the ultimate point, while for DP-580, MS-1030, and MS-1200, noticeable

strain-softening processes occurred after reaching the ultimate point. For all steels,

no noticeable effect on the strain-softening portion of the σ-ε curve resulted from

the decrease of temperature T .

For Mild-395, σ-ε curves with distinct upper yield point, yield point, and yield

plateau are observed for all test temperatures. The steel strength increased when

the test temperature decreased. This trend was significant when the temperature

decreased from ambient to 0◦C and from -20◦C to -40◦C. For all tests, no fracture

was observed when the strain reached the extensometer measurement limit of 25%.

Thus, no fracture elongation was measured from the extensometer. Instead, ε50

calculated using the grid method is reported as the fracture elongation for Mild-

395. In addition, to prevent damage to the extensometer, the test was paused once

the extensometer reached its maximum limit and the extensometer was quickly

detached. Afterward, the cooling and conditioning stages were repeated and the

loading process was then resumed until specimen fracture. Therefore, the σ-ε

curves up to 25% strain and the elongations at fracture measured by the grid

method are reported, while the σ-ε curve after reaching 25% strain is not reported.

Although the fracture point is not observed from the σ-ε curve, the ultimate point

was captured for all tests (i.e., the ultimate strains are less than 25%).
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4.3.2 Material properties

Important material properties extracted from the σ-ε curves are shown in Ta-

ble 4.3, which includes elastic modulus ET , 0.2% proof stress σ0.2T and its strain

ε0.2T = 0.002 + σ0.2T/ET , stress at 2% total strain σ2.0T , ultimate strength σuT and

ultimate strain εuT , fracture strength σfT , and elongation strain εfT . The subscript

T represents the material property at test temperature T .

4.3.2.1 Elastic modulus

ET is defined as the slope of the initial linear elastic portion of the σ-ε curve. How-

ever, for those showing roundedσ-ε behaviors (e.g., AHSS andHSLA-700), defining

the linear elastic portion is challenging. Huang and Young [10] recommended

defining the linear portion for the rounded σ-ε curve based on the metal grade and

type (e.g., carbon steel, lean duplex stainless steel, and aluminum) where the slope

of the linear regression on all σ-ε data between 20% and 45% of the nominal yield

strength is calculated as E for the ambient condition. For the subzero temperature

cases, the nominal yield strength at ambient might not provide accurate results

following this recommendation because of the strength increase with decreasing

temperature observed from the experiments. The authors previously developed a

method [6] to approximate the nominal yield strength at elevated temperature and

this methodology is adopted in this study, where the ratio between the nominal

yield strengths at T (σnyT) and ambient (σny20) is proportioned to the ratio be-

tween the ultimate strength at T (σuT) and ambient (σu20), as calculated in Eq. 4.2.

By adopting this method, the resulting coefficient of determination R2 between the
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Table 4.3: Experimental properties of AHSS, HSLA, and mild CFS specimens.

specimen b t ET σ0.2T ε0.2T σ2.0T σuT εuT σfT εfT
mm mm GPa MPa % MPa MPa % MPa %

Mild-395+20-1 12.92 1.905 226.7 514.4 0.427 516.2 559.1 11.97 - 31.04
Mild-395-0-1 12.86 1.912 218.1 566.8 0.460 567.4 611.1 17.71 - 26.90
Mild-395-20-1 12.83 1.905 231.9 575.7 0.449 576.0 621.8 15.05 - 27.22
Mild-395-40-1 12.86 1.908 220.9 601.7 0.472 605.9 651.2 16.45 - 30.26
Mild-395-60-1 12.89 1.910 211.7 600.0 0.483 606.3 652.7 17.73 - 26.98
DP-580+20-1 12.94 1.804 213.2 750.5 0.552 985.6 1095.5 9.84 967.5 14.84
DP-580+20-2 12.91 1.822 216.6 752.5 0.548 982.3 1097.0 10.53 964.0 16.22
DP-580-0-1 12.95 1.820 212.9 785.2 0.569 1019.6 1137.2 10.92 1005.3 15.32
DP-580-0-2 12.96 1.806 215.5 788.6 0.566 1016.6 1136.3 9.72 963.6 16.10
DP-580-20-1 12.94 1.810 218.0 789.4 0.562 1023.2 1143.7 9.89 998.3 16.05
DP-580-20-2 12.93 1.833 207.4 798.8 0.585 1027.6 1153.0 11.05 1013.3 17.69
DP-580-40-1 12.91 1.832 212.0 826.5 0.590 1056.9 1195.5 11.77 1042.8 16.89
DP-580-40-2 12.97 1.815 214.0 808.2 0.577 1039.8 1167.9 9.77 1039.0 16.64
DP-580-60-1 12.94 1.830 210.0 846.5 0.603 1074.1 1218.4 11.97 1071.5 16.29
DP-580-60-2 12.95 1.816 214.7 840.4 0.592 1070.9 1212.9 11.22 1061.0 16.51
HSLA-700+20-1 12.70 0.590 203.6 767.0 0.577 1033.2 1127.7 8.91 1112.1 10.17
HSLA-700+20-2 12.70 0.591 202.4 758.2 0.575 1023.9 1119.9 10.62 1103.7 10.91
HSLA-700-0-1 12.73 0.589 199.8 772.6 0.587 1037.2 1137.9 7.65 1127.5 10.23
HSLA-700-0-2 12.75 0.584 197.6 764.5 0.587 1031.0 1130.6 6.98 1117.3 10.57
HSLA-700-20-1 12.80 0.581 199.7 760.4 0.581 1021.7 1132.4 8.00 1096.0 12.96
HSLA-700-20-2 12.76 0.591 203.2 779.3 0.583 1049.3 1152.0 8.54 1103.7 12.86
HSLA-700-40-1 12.71 0.593 202.4 782.0 0.586 1055.5 1162.5 8.68 1123.9 12.73
HSLA-700-40-2 12.76 0.585 202.2 779.6 0.585 1048.0 1155.7 8.50 1093.9 13.21
HSLA-700-60-1 12.73 0.597 198.9 798.6 0.601 1070.9 1187.0 9.85 1134.2 13.40
HSLA-700-60-2 12.79 0.598 194.2 798.6 0.611 1083.8 1212.7 10.26 1205.9 10.66
MS-1030+20-1 12.63 0.991 215.9 1333.0 0.817 1484.1 1493.3 2.49 1196.2 2.48
MS-1030+20-2 12.62 0.992 208.0 1317.1 0.833 1477.9 1492.7 2.77 1199.6 3.91
MS-1030-0-1 12.63 0.990 201.6 1332.3 0.861 1479.6 1498.1 3.47 1220.0 5.04
MS-1030-0-2 12.62 0.991 202.4 1329.6 0.857 1477.4 1491.9 2.95 1143.9 4.44
MS-1030-20-1 12.58 0.993 216.4 1323.0 0.811 1479.9 1497.8 3.25 1172.6 5.06
MS-1030-20-2 12.65 0.990 205.9 1347.4 0.854 1496.4 1511.4 2.90 1182.5 3.22
MS-1030-40-1 12.56 0.985 209.9 1343.1 0.840 1499.2 1517.9 3.22 1199.4 5.03
MS-1030-40-2 12.54 0.986 208.4 1341.9 0.844 1496.5 1513.1 3.21 1153.2 4.99
MS-1030-60-1 12.54 0.985 215.0 1348.4 0.827 1505.5 1524.1 3.40 1177.2 5.15
MS-1030-60-2 12.63 0.988 206.4 1335.4 0.847 1501.0 1521.7 3.32 1173.5 5.16
MS-1200+20-1 12.53 1.010 204.6 1401.6 0.885 1578.4 1620.3 4.15 1282.3 6.16
MS-1200+20-2 12.57 1.003 199.6 1412.5 0.908 1584.1 1626.4 4.03 1282.5 6.15
MS-1200-0-1 12.58 1.006 208.6 1442.4 0.892 1620.0 1660.7 4.02 1301.2 6.05
MS-1200-0-2 12.60 0.996 208.5 1452.1 0.896 1622.7 1661.5 3.97 1307.4 5.90
MS-1200-20-1 12.63 1.000 203.2 1452.5 0.915 1619.5 1660.0 4.05 1322.9 5.84
MS-1200-20-2 12.60 1.007 206.5 1457.6 0.905 1625.4 1664.7 3.92 1275.4 6.68
MS-1200-40-1 12.63 1.011 205.7 1450.1 0.905 1615.0 1652.8 3.71 1253.1 5.86
MS-1200-40-2 12.47 1.008 204.8 1451.6 0.909 1623.9 1665.6 4.11 1295.3 6.33
MS-1200-60-1 12.56 0.992 207.9 1495.8 0.919 1637.0 1669.4 3.45 1288.8 5.64
MS-1200-60-2 12.58 1.011 198.6 1464.1 0.937 1633.5 1675.5 4.19 1350.9 6.41
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linear regression and the test data of the selected data range (between 20% and 45%

of the adjusted nominal yield strength σnyT) for all steels at all test temperatures

is larger than 0.99, which indicates the strong linearity of the selected data ranges

and thus demonstrates the method validity. The elastic moduli for AHSS and

HSLA steel slightly fluctuate without a clear trend with decreasing temperature.

The differences between the average ET and E20 for all AHSS and HSLA steels are

within ±4%. For Mild-395, however, a decreasing trend for ET is observed with

decreasing temperature with an exception at -20◦C. The most significant decrease

is observed at -60◦C where E−60 is 93% of E20.

σnyT = σny20 ×
σuT

σu20
(4.2)

4.3.2.2 Key stresses

Yield strength (σyT) for AHSS and HSLA cannot be easily defined, for no distinct

yield point was observed from the experiments. The 0.2% proof stress (σ0.2T , the

stress with a plastic strain of 0.002) is commonly used as the yield strength for

metals with a rounded σ-ε curve but without a distinct yield point, and therefore

is reported to represent the yield strength. In addition, the stress at 2.0% total

strain (σ2.0T) is also reported, which depicts the steel strain hardening process. As

temperature decreases, σ0.2T and σ2.0T increase for all steels, although for varying

amounts. Mild-395 shows the largest increase of over 16% between ambient and

-60◦C (although minimal change between -40◦C and -60◦C), followed by DP-580,

MS-1200, HSLA-700, and lastly MS-1030 which shows the smallest increase of 2%
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Table 4.4: Yield strength and upper yield strength of Mild-395 at subzero temperatures.

T 20◦C 0◦C -20◦C -40◦C -60◦C
σyT (MPa) 517.0 566.8 576.5 604.2 601.2
σuyT (MPa) 555.9 591.2 625.6 662.3 633.7
εyT (%) 0.228 0.260 0.249 0.274 0.284
εshT (%) 4.36 4.32 4.70 4.87 4.95

from ambient to -60◦C.

Uniquely for Mild-395, an overshoot was observed at the end of the linear

portion followed by a small stress drop before the yield plateau. The peak stress of

the overshoot is the upper yield strength σuyT , and the stress at the yield plateau is

reported as the yield strength σyT , as shown in Table 4.4. Table 4.3 and 4.4 show

that the differences among σyT , σ0.2T , and σ2.0T at any tested temperature are within

0.8%, which indicates a relatively constant yield plateau stress. Similar to σ0.2T and

σ2.0T for Mild-395, σyT and σuyT increase with decreasing T down to -40◦C, with

minimal change between -40◦C and -60◦C.

The ultimate stress, σuT , is defined as the peak stress of the nonlinear strain

hardening and softening portion. As temperature decreases, the ultimate stress

tends to increase. This trend is significant for Mild-395 and DP-580, moderate for

HSLA-700, and insignificant for MS-1030 and MS-1200. The stress at specimen

fracture, σfT , occurs when the specimen fractures which is depicted on the σ-ε curve

as a significant stress drop between two consecutive data points. As T decreases,

only σfT for DP-580 shows a clear increasing trend, while for HSLA-700, MS-1030,

and MS-1200, the effect of the low temperature on σfT is not apparent.
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4.3.2.3 Key strains and elongations

Yield strain εyT and ultimate strain εuT are essential to depict the steel strain

hardening process and develop an ideal constitutive model, where εyT = ε0.2T =

0.002+ σ0.2T/ET for AHSS and HSLA (Table 4.3) and εyT = σyT/ET for Mild-395

(Table 4.4). The yield strain εyT is dependent on the yield strength and elastic

modulus. As the elastic modulus ET is overall unaffected by the test temperature,

the relationship between the yield strain εyT and T is similar to the relationship

between the yield stress σyT and T . Specifically, the yield strain εyT tends to increase

when T decreases for each steel, while the increase is more significant for Mild-395

and DP-580. The ultimate strain εuT varies for each test and there is no obvious

trend with decreasing temperature.

The strain at the end of the yield plateau (εshT) is also important for steel with a

distinct yield point and yield plateau (e.g., Mild-395). As shown in Table 4.4, there

is a clear increasing trend of εshT with decreasing temperature T for Mild-395.

Elongation at fracture, εfT , is one of the most critical material properties that

depicts steel ductility. The strains at fracture measured by the extensometer are

reported in Table 4.3. In addition, the average elongations for different gauge

lengths measured by the grid method for each steel are defined and shown in Fig.

4.7. Generally, ε7.5T > ε12.5T > ε25.0T > ε50.0T > ε37.5T for each steel at each test

temperature. Recall that ε7.5 and ε12.5 are considered local elongations, ε37.5 is a

uniform elongation, and ε25.0 and ε50.0 are considered overall elongations.

Overall trends in elongation versus temperature aremore obviouswhen viewing

the normalized elongations. For MS-1030, increasing trends are observed for all
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Figure 4.7: Elongations of various gauge lengths measured by grid method and corresponding
normalized factors.

elongations when T decreases, and the uniform elongation is the most affected by

subzero temperatures. For DP-580, HSLA-700, andMild-395, there are anomalies in

the elongation trends at -40◦C. There are no clear trends forMS-1200with decreasing

temperature.

4.4 Discussion on experimental results

This section compares the effect of subzero temperatures on AHSS material prop-

erties with other types of steel. This comparison includes conventional and high-

strength CFS sheets/plates [111]–[113], as introduced in Section 4.1, hot-rolled steel

(HRS) specimens including HRS bar/strand/headed studs [86], [87], [93]–[96],

[118] and HRS sheets/plates [89], [92], [97], [98], [108], [110]. The trends of the
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material properties variations associated with temperature decrease for different

steels are reported and then compared with AHSS, HSLA, and mild steel in this

study.

The normalized factor for each material property, which is the ratio of the

material property at the subzero temperature T to ambient, is calculated to depict

the effects of subzero temperature on different steels. The existing data is divided

into three categories: CFS sheets/plates, HRS bar/strand/headed studs, and HRS

sheets/plates. The comparisons among AHSS, HSLA, and mild steel and the

existing test data for elastic modulus, yield strength, ultimate strength, yield strain,

ultimate strain, and overall elongation are shown in Fig. 4.8 to 4.13.

For the elastic modulus as shown in Fig. 4.8, most data, including AHSS and

HSLA steel, does not show significant change with temperature decrease, the

majority being within 95% to 120% of the ambient value. The largest decrease is for

a 3 mm thick S316 stainless steel plate which shows a 9% decrease at -30◦C [110].

In contrast, a few HRS specimens (12 mm thick mild steel plate [89], 6 mm thick

Q690 HSS plate [97], S30408 steel plate [108] and S316 stainless steel plate [110]

with various thicknesses) show increases over 20% at subzero temperatures, as

emphasized with red fill in Fig. 4.8.

For the yield strength, as shown in Fig. 4.9, most data exhibits an increasing trend

with decreasing temperature, with the increase typically within 30% of the ambient

values. Some of this data shows minimal increases within 5% at low temperatures

compared with the ambient values, including HSLA-700 and MS-1030. The S355

sheet [119] is the only case that shows a decrease at subzero temperatures, with a
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Figure 4.8: Normalized factors of elastic modulus for AHSS, Mild-395, and data from published
experiments (scatter with red fill represents an increase over 20% compared with ambient).

decrease of only 2%. The data with an increase greater than 30%, as emphasized

with red fill in Fig. 4.9, are G300 CFS sheets with thicknesses varying from 0.55 mm

to 1.00 mm [112], which have 33% to 75% greater yield strengths at -50◦C and -70◦C

than at ambient, as well as S30408 and S316 stainless steel plates with thicknesses

varying from 3 mm to 6 mm [108], [110], which have 32% to 42% greater yield

strengths at -60◦C and -80◦C than at ambient.

For the ultimate strength, as shown in Fig. 4.10, the effect of decreasing tem-

perature is similar to the effect on yield strength. Increased ultimate strengths are

observed in most studies where most steels possess an increase within 30% of the

ambient values. The increase is more pronounced for G300 CFS sheets [112], which

show approximately a 50% increase at -70◦C compared to the ambient values, and

S30408 and S316 stainless steel plates [108], [110], which show 34% to 98% increase

at subzero temperatures compared to the ambient values. This data is emphasized

with red fill in Fig. 4.10.



148

Figure 4.9: Normalized factors of yield strength for AHSS, Mild-395, and data from published
experiments (scatter with red fill represents an increase over 30% compared with ambient).

Figure 4.10: Normalized factors of ultimate strength for AHSS, Mild-395, and data from published
experiments (scatter with red fill represents an increase over 30% compared with ambient).
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Figure 4.11: Normalized factors of yield strain for AHSS, Mild-395, and data from published
experiments.

For the yield strain, as shown in Fig. 4.11, the majority of the data is not signifi-

cantly affected by subzero temperatures where most data is within ±10% of the

ambient values. Most HRS bar/strand specimens and CFS sheet/plate specimens,

including AHSS and HSLA-700 in this study, show minor increases compared with

ambient values and a clear increasing trend with decreasing temperature. Mild-395

shows a greater increase than any other steel, where the maximum yield strain

observed at -60◦C is 125% of its ambient value. Some HRS sheet/plate specimens

show decreased yield strains at certain subzero temperatures.

For the ultimate strain, several trends are observed with decreasing temperature

as shown in Fig. 4.12. In general, increasing trends are found for most steels,

however, various fluctuations are observed. Most data from existing literature show

similar behaviors with AHSS, HSLA-700, and Mild-395, while two groups of steel

illustrate substantially different behaviors. The first group (filled in red) includes



150

ϕ13 headed stud [93], 0.70 and 0.95 mm thick G550 CFS sheets [112], and 4 mm

thick Q690 and Q960 HRS plates [97]. These specimens exhibit significant increases

in ultimate strain with decreasing temperature, where the maximum increases are

larger than 30% as emphasized with red fill in Fig. 4.12. A special case, 0.75 mm

thick G550 CFS sheet [112], has ultimate strain increases more than four times

the ambient value at -10, -30, and -50◦C, but suddenly decreases to less than half

of the ambient value at -70◦C due to the ductility loss and change of the yielding

mode. The second group (filled in brown) includes G300 CFS sheets [112], 3 mm

thick Q960 HRS plate [97], and 2.8 mm and 4.5 mm thick S316 stainless steel plate

[110], where the ultimate strains show significant decreases at specific subzero

temperatures due to the shape change of the stress-strain curves.

The changing trends for the fracture strain or the total elongation over the full

specimen gauge length are compared in Fig. 4.13. The fracture strains for most HRS

specimens are close to or higher than their ambient values. The exceptions are the

G20Mn5QT cast steel bar [95] and 3 mm thick Q690 HRS plate [97], which show

clear decreasing trends with decreasing temperature where maximum decreases

of 18% and 12% are observed, respectively. For CFS specimens, AHSS, HSLA-700,

and 0.95 and 0.75 mm thick G550 CFS sheets [112] show increased fracture strains

with decreasing temperature, while other data shows either gradual or sudden

ductility loss when exposed to subzero temperatures (as labeled with brown fill).

Mild-395 shows a gradually decreasing trend with a maximum decrease of 13%

at -60◦C. For the UHSS 1200 [111], 0.55 mm thick G550 CFS sheet [112], and G300

CFS sheet [112], large ductility losses are observed at certain subzero temperatures.



151

Figure 4.12: (a) Normalized factors of ultimate strain for AHSS, Mild-395, and data from published
experiments; (b) magnification of plot (a) at a normalized factor of 1. The scatter with red/brown
fill represents an increase/decrease over 30% compared with ambient.

A ductility loss of 32% is observed at -40◦C and continues decreasing to 36% of

ambient at -80◦C for the UHSS 1200 [111]. Ductility losses between 30% to 34% of

ambient are observed for S30408 stainless steel sheet at -60◦C or -80◦C [108]. For

the G300 CFS sheet and 0.55 mm thick G550 CFS sheet [112], the fracture strain is

increased to higher than the ambient value at -30◦C or -50◦C, followed by decreases

of up to 78% of the ambient value at -70◦C.

Unlike other CFS which shows a transition from relatively ductile to brittle
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Figure 4.13: (a) Normalized factors of fracture strain for AHSS, Mild-395, and data from published
experiments; (b) magnification of plot (a) at normalized factor of 1. The scatter with red/brown fill
represents an increase/decrease over 30% compared with ambient.

fracturemodes at specific low temperatures, the fracture strains of AHSS andHSLA-

700 are not noticeably affected by subzero temperatures. In addition to studying the

trend of fracture strain with decreasing temperature, it is also critical to compare

the ductility of AHSS, HSLA-700, and Mild-395 with current CFS standards, which

include the elongation, the ratio between ultimate strength and yield strength, and

the ratio between ultimate strain and yield strain.

Eurocode 3 Part 1.3 [120], which cites Eurocode 3 Part 1.1 [71], requires an elon-
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gation at failure no less than 15% for cold-formed structural steel, while Eurocode

3 Part 1.12 [121] reduces this limit to 10% for HSS with a nominal yield strength

between 460 MPa and 700 MPa. The minimum elongation with a 50-mm gauge

length required by the Australian and New Zealand standard [122] is dependent

on the steel grade. For example, for the highest listed grade, G550, the minimum

elongation is 2%. No requirement in the current standard is available for steel with

a grade higher than 700 MPa, including MS-1030 and MS-1200. The overall elon-

gation for existing test data and standard limits are plotted in Fig. 4.14. Although

steel elongation is significantly dependent on steel grade and cross-section geom-

etry, most available data below the 15% (red dashed line) [120] and/or the 10%

(blue dashed line) [121] limits are CFS specimens, including HSLA-700, MS-1030,

and MS-1200. Even worse, a few cases of cold-formed HSS specimens, including

UHSS 1200 [111] and 0.55 mm thick G550 CFS sheet [112], also fail to meet the

2% elongation requirement [122]. Besides the overall elongation, the local and

uniform elongation requirements for structural steels [116], [123] are also checked

for AHSS, HSLA-700, and Mild-395 (Fig. 4.7). The lower limit is 20% for the local

elongations (ε7.5T and ε12.5T) and 3% for the uniform elongation (ε37.5T). DP-580

and Mild-395 pass all elongation checks at all test temperatures. HSLA-700 does

not meet the local elongation requirement at ambient and 0◦C, while it passes

the uniform elongation check at all temperatures. MS-1200 meets the uniform

elongation requirement while it does not pass the local elongation requirements at

any temperature. MS-1030 does not meet any of the local or uniform elongation

requirements.
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Figure 4.14: Overall elongations for AHSS, Mild-395, and data from published experiments com-
pared with current standard requirements [120]–[122] (scatter with brown fill represents an overall
elongation less than 2%).

The ratio between ultimate strength and the yield strength is also a steel duc-

tility indicator required by Eurocode 3 Part 1.3 [120] and Part 1.12 [121], where

the minimum ratio is 1.10 and 1.05, respectively. As shown in Fig. 4.15, most data

are far above the limit, including DP-580, HSLA-700, and many HRS specimens,

which indicates a significant strain hardening process after reaching the yield point.

MS-1030 and MS-1200 also possess adequate ductility to pass these requirements.

Nevertheless, a few specimens cannot pass the limit, particularly some CFS speci-

mens at subzero temperatures, includingMild-395, most G550 and G300 CFS sheets

[112], and most Q960 HRS plates [97], [98].

In addition, Eurocode 3 Part 1.3 [120] and Eurocode 3 Part 1.12 [121] require

εu ⩾ 15σy/E as an additional ductility requirement. DP-580, HSLA-700, and Mild-

395 possess sufficient ductility to meet this requirement at all test temperatures.
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Figure 4.15: (a) The ratio between ultimate strength and yield strength for AHSS, Mild-395, and
data from published experiments compared with current standard requirements [120], [121]; (b)
magnification of plot (a) at normalized factor of 1.3. The scatter with brown fill represents σu/σy

less than 1.05.

MS-1030 and MS-1200 are not able to pass the requirement at any test temperature,

while the ratio at subzero temperatures is larger than the ratio at ambient.

4.5 Material properties characterization

4.5.1 Key material properties

Key material properties are necessary for determining steel material behaviors in

both engineering practice and scientific research. This experimental study provides

test data from ambient (20◦C) down to -60◦C with an interval of 20◦C. A series of

predictive equations as functions of temperature for various key material proper-

ties, including ET , σyT , σuT , σfT , and ε50T , are developed using the tested data as
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benchmark.

The predictive equations are developed to produce the average normalized factor

NXT
for each steel at each test temperature, which is the ratio between material

property X at T and ambient. From the statistical study result, a quadratic equation

with a general form of Eq. 4.3 can provide accurate agreement with most of the

critical material properties, excluding ε50T .

NXT
= a2

(
T

100

)2

+ a1 ·
T

100 + (1− 0.04a2 − 0.2a1) (4.3)

The coefficients of the equation are calibrated using error minimization. The

general form of the quadratic equation (Eq. 4.3) only has two coefficients because

it is forced to pass through 1 when T = 20◦C, which assumes the predicted value

equals to the test data at ambient. When the relationship between NXT
and T is

generally linear, a2 = 0 is adopted, which is preferred when applicable to develop a

simpler form of the predictive equation. Additionally, the effects resulting from the

subzero temperatures are minor for a few cases, for example, the elastic modulus of

DP-580. The ambient value is therefore recommended to be adopted as the values

at the subzero temperatures to simplify the predictions (i.e., a2 = a1 = 0). ±5%

tolerance lines from NXT
= 1 are added to depict these cases as shown in Fig. 4.16.

If the material property at all test temperatures is between these two lines, the

ambient values are recommended. The normalized factors, including ET , σyT , σuT ,

and σfT , and T are shown in Fig. 4.16, where the solid squares are the average

normalized factor and the crosses are the normalized factor from each test. The

calibrated coefficients for the predictive equations are shown in Table 4.5.
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Figure 4.16: Comparison between test data and predictive equation for (a) elastic modulus, (b)
yield strength, (c) ultimate strength, and (d) fracture stress (cross is data from single test and
square is the average of all data for each steel at each temperature).

Table 4.5: Calibrated coefficients for the predictive equations for the normalized factors of ET , σyT ,
σuT , and σfT .

property steel a2 a1 property steel a2 a1
ET Mild-395 -0.148 0.016 σuT Mild-395 -0.285 -0.323

DP-580 0 0 DP-580 0 -0.134
HSLA-700 0 0 HSLA-700 0.105 -0.040
MS-1030 0 0 MS-1030 0 0
MS-1200 0 0 MS-1200 0 0

σyT Mild-395 -0.324 -0.335 σfT Mild-395 0 0
DP-580 0 -0.152 DP-580 0 -0.125

HSLA-700 0 0 HSLA-700 0.165 0.006
MS-1030 0 0 MS-1030 0 0
MS-1200 0 0 MS-1200 0 0
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Figure 4.17: Comparison between test data and predictive equation for overall elongation ε50T .

The subzero temperature effects on the overall elongation ε50T vary for different

steels and are too complex to be depicted by a single quadratic pattern. Instead, a

cubic pattern with a general form of Eq. 4.4 is able to fit ε50T accurately and is thus

utilized to describe the relationship between Nε50T and T .

Nε50T = a3

(
T

100

)3

+ a2

(
T

100

)2

+ a1 ·
T

100 + (1− 0.008a3 − 0.04a2 − 0.2a1) (4.4)

Nε50T for DP-580 and MS-1200 is recommended as 1.0 because its variation

between -60◦C and 20◦C is within the 1±0.05 tolerance lines. The trends and

predictive equations of Nε50T for other four steel sheets are shown in Fig. 4.17. The

calibrated coefficients for Eq. 4.4 are shown in Table 4.6.

Fig. 4.18(a) and (b) shows the experimental values of ET and key strengths

(σyT , σuT , and σfT) against the predicted values, respectively. The predictions for

most elastic moduli, except the MS-1030 at 0◦C, are within±5% errors from the test
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Table 4.6: Calibrated coefficients for the predictive equations for the normalized factors of ε50T .

property steel a3 a2 a1
ε50T Mild-395 3.582 2.393 0.113

DP-580 0 0 0
HSLA-700 2.580 1.099 -0.495
MS-1030 0 0 -1.536
MS-1200 0 0 0

Table 4.7: The average and coefficient of variance of the test-to-prediction ratio for key parameters.

ET σyT σuT σf ε50T
mean 0.99 1.00 1.01 1.00 1.00
COV 0.023 0.009 0.012 0.020 0.059

data. The error of the predicted elastic modulus for MS-1030 at 0◦C is 6% higher

than the test values. The average and coefficient of variance (COV) for the ratio

between the test data and the prediction for each parameter are shown in Table 4.7.

The accuracy of the fit of ε50T between the test data and the predicted values is

evaluated in Fig. 4.19. The predicted ε50T are generally within ±10% from the test

data for AHSS and HSLA-700 and within ±5% for Mild-395. The average and COV

for the ratio between the test data and the prediction for ε50T are shown in Table 4.7.

Fig. 4.16 to 4.19 and Table 4.7 demonstrate that the proposed quadratic and cubic

equations (Eq. 4.3 and 4.4) with the calibrated coefficients (Table 4.5 and 4.6) have

good agreements with the test data. However, there are several limitations to this

accuracy. First, the presented data represents two samples per steel per temperature.

While this number of samples is sufficient to show general trends, more samples

are needed to refine the coefficients and more accurate trend relationships. Second,

the test specimens were extracted from CFS sheets, which only experienced coiling

and uncoiling. Specimens subjected to additional amounts of cold-working, such
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Figure 4.18: The evaluation of fits between test data and predicted data for (a) elastic modulus and
(b) key strengths (including yield strength, ultimate strength, and fracture stress).
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Figure 4.19: The evaluation of fits between test data and predicted data for overall elongation.

as press-braking, roll-forming, etc., might show different coefficient values. Third,

the elongation of steel at subzero temperatures is strongly dependent on the sheet

thickness (e.g., cases in [97], [108], [112]). Therefore, thinner sheets may result in

different coefficients than what is presented herein.

For simplicity, the ambient values could be used to represent the strength and

elongations at subzero temperatures, as most steels in this study show increased

strengths and elongations at low temperatures. The only exceptions are ET and

ε50T for Mild-395, which show decreasing values with decreasing temperature, and

therefore the ambient values are unconservative and the proposed equations are

recommended for those subzero temperature properties.
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4.5.2 Stress-strain relationships

An accurate description of the steel σ-ε relationship is necessary for advanced

numerical analysis, which plays an increasingly important role in engineering

design and a dominant role in scientific research. The most commonly-used models

adopted in current design standards are multi-stage linear models (e.g., elastic-

perfectly-plastic model). However, as discussed in Section 4.3.1, AHSS and HSLA

steel show significant nonlinearity during their yielding process and lack a distinct

yield plateau, and Mild-395 shows nonlinear behavior after the end of its yield

plateau. Therefore their σ-ε behaviors are not accurately captured using simple

bilinear or trilinear models.

Previous research [5] investigated the accuracy of using existing constitutive

models (e.g., [13]) to portray the stress-strain relationship of AHSS and HSLA

at ambient. Due to the unique behavior of AHSS, it was found that standard

material models using either parameters determined directly from experiments or

parameters from recommended predictive equations ([25]), did not provide an

accurate representation of the stress-strain curve, in particular for DP and HSLA,

especially around the nonlinear transition region. Therefore, a two-stage plus linear

model based on the Ramberg-Osgood equation [11] was created and validated with

the tested specimens [5]. Since the shape of the stress-strain curves for AHSS and

HSLA at subzero temperatures are similar to those at ambient, it was determined

to modify the model in [5] for subzero temperatures. The updated stress-strain

model considering subzero temperature effects is shown in Eq. 4.5:
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εT =


σT

ET
+ p

(
σT

σpT

)n
for 0 ⩽ σT ⩽ σpT

σT−σpT

EpT
+
(
εeuT − εpT −

σeuT−σpT

EpT

)(
σT−σpT

σeuT−σpT

)m
+ εpT for σpT < σT ⩽ σeuT

εuT−εeuT

σuT−σeuT
· (σT − σeuT ) + εeuT for σeuT < σT ⩽ σuT

(4.5)

where the parameters were defined at ambient in [5] but have been replaced by the

corresponding parameters at subzero temperature T .

The comparison between the test σ-ε curves for AHSS and HSLA steel and the

two-stage plus linear model from the origin to the ultimate point are shown in Fig.

4.20. From the regression analysis, R2 of the fit for any single test curve is larger

than 99.5%, which indicates an excellent fit accuracy between the model and the

test curve.

To model the stress-strain behavior of Mild-395, the bilinear plus nonlinear

model forHRSproposed byYun andGardner [73] is updatedwith fewer coefficients

by the authors [6], for accurately describing the postfire σ-ε relationships for AHSS,

as shown in Eq. 4.6.

σT =


ETεT for 0 ⩽ εT ⩽ εyT

σyT for εyT < εT ⩽ εshT

σyT + (σuT − σyT )
[
K1εnT + K2εnT

(1+K3εnT )

]
for 0 < εnT ⩽ 1

(4.6)

where εnT is the normalized strain calculated by Eq. 4.7 and other parameters are

clearly defined in [73] and [6].
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Figure 4.20: Fit between the test curves and the two-stage plus linear model for AHSS and HSLA
steel at ambient and subzero temperatures.

εnT =
εT − εshT

εuT − εshT

for εshT < εT ⩽ εuT (4.7)

Themodel coefficients are recalibrated asK1 = 0.103, K2 = 5.360, andK3 = 4.974,

and the updated bilinear and nonlinear model is able to accurately fit the σ-ε curves

at subzero temperatures for Mild-395. The model fit from the origin to the ultimate

point is shown in Fig. 4.6, and the average R2 between the test curves and the model

fit is 98.7%, which shows satisfactory agreement between the test curves and the

recalibrated model.
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Figure 4.21: Fit between the test curves and the updated bilinear plus nonlinear model with recali-
brated coefficients for Mild-395 at ambient and subzero temperatures.

4.6 Conclusion

In this paper, a test series consisting of 45 tensile tests were carried out to investigate

the material properties of advanced high-strength cold-formed steel (AHSS) at

subzero temperatures. Specimens were cut from three different AHSS sheets, dual-

phase (DP-580) and martensitic (MS-1030 and MS-1200), one cold-formed HSS

sheet, high-strength low-alloy (HSLA-700), and one conventional CFS sheet (Mild-

395). All steels were investigated at ambient, 0◦C, -20◦C, -40◦C, and -60◦C following

the steady-state test protocol. The stress-strain relationships and key material

properties, including elastic modulus, yield strength and strain, ultimate strength

and strain, and elongation at subzero temperatures were reported. Additionally,

local, overall, and uniform elongations at fracture were measured using the grid

method. The changes in the key material properties with decreasing temperature

for AHSS, HSLA-700, and Mild-395 were compared with the existing data and the

requirements in several Steel Standards. The test results showed aminimal decrease

in the elastic modulus, and varying degrees of increases in key strengths and strains
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for AHSS and HSLA steel with decreasing temperature. The results indicated

that the material performance of AHSS and HSLA steel did not deteriorate under

subzero temperatures, but were even strengthened in various amounts. Therefore,

the tested AHSS and HSLA steel could be ideal construction materials in subzero

temperature environments including high latitude regions. Additionally, predictive

equations for the stress-strain relationships and key material properties for the

steels as functions of temperature were proposed and shown to have high accuracy,

thus enabling accurate material properties of AHSS at subzero temperatures for

advanced numerical analyses.



167

Chapter 5

Experimental and numerical

investigation on residual stresses of

dual phase high-strength cold-formed

steel angles

Xia, Yu, Koh, Hyeyoung, Li, Zhanjie, and Blum, Hannah B. “Experimental and nu-

merical investigation on residual stresses of dual phase high-strength cold-formed

steel angles.” Manuscript in preparation and to be submitted Fall 2022.

Abstract

The rapid advance in advanced high-strength cold-formed steel makes this material

promising for the construction industry to use as structural framing, but necessitates
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an accurate understanding of mechanical properties, including residual stresses.

An experimental and numerical study was conducted to measure the residual

stress which is generated during the member manufacturing process of press-

braked lipped angle members composed of advanced high-strength cold-formed

sheet steel. The magnitude and distribution of membrane and flexural residual

stresses on both surfaces around the member cross-section are presented and the

magnitude of residual stresses relative to the yield strength for the test specimen and

other previous studies are compared. Additionally, the residual stress distribution

throughmember thickness is investigated by using a validated finite element model.

5.1 Introduction

Cold-formed steel (CFS) is widely used in structural framing for its beneficial

high strength-to-weight ratio, recyclability, and convenient transportation and

construction. Due to the rapid advancement of material science during the past

two decades, new grades of steel, known as advanced high-strength steel (AHSS),

have been developed and applied in the automobile industry. To bring AHSS to

the construction industry, the material properties and behavior of the structural

sections composed of this material must be quantified. This includes the residual

stresses induced in the structural members as a result of the cold-forming process.

The distribution and magnitude of residual stresses affect the strength and stability

behavior of the CFS members.

Previous experimental studies quantified the residual stress of conventional CFS
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members. Ingvarsson [124] measured the residual stresses in a channel member

by the sectioning method. The channel was formed by press-braking a 7.5-mm

thick CFS plate with a yield strength of 800 MPa. Strain gauges were attached to

both inner and outer surfaces. The result shows the distribution for strain readings

is symmetric to the symmetrical axis of the member. For the inner surface, the

strain reading is positive and has the largest magnitude (around 300 MPa) at the

free end of the flanges. All other stresses are negative, and the largest stress is

found at the corner region (around 300 MPa). The readings for the flat part of the

web are close to 0. For the outer surface, the stresses for the central regions of the

flanges are negative while for all other regions are positive. The largest magnitude

is found at the corner region and the free end of the flanges (both around 400

MPa). Weng [125] measured the residual stresses of a series of lipped CFS channel

members. The thickness of the steel sheets ranged from 1.63 to 3.07 mm. The yield

strengths for the steels ranged from 221 MPa to 385 MPa. A total of nine members

were measured, six were rolled-formed and three were press-braked. The residual

stresses in the members were released by the sectioning method using electrical

discharge machining (EDM). The residual stress distribution was assumed to be

symmetrical to the member geometric symmetrical axis. From the results, for the

outer surface distribution, the stresses are negative; the maxi-mum stresses are

found at the corner regions, and they are approximately three times of those at

flat regions of web and flanges. For the inner surface distribution, the stresses are

positive; stresses at the corner regions are the largest while generally smaller than

their corresponding stresses at the outer surface. The stresses at the flat regions of
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the web and flanges generally have the same magnitude and inverse stress direction

compared to their outer surface counterparts. No clear relationship of the residual

stress magnitude between roll forming and press braking is found. Batista [126]

measured the residual stress distribution for two lipped channel members by the

sectioningmethod. The channels were made from a 1.52 mm thick steel sheet. From

the results, the residual stresses for the rolled-formed member are negative at the

internal surface and positive at the external surface; the residual stresses are stable

along the flat region of the web, and they range from 100 MPa to around 200 MPa.

No obvious increment is observed for the measurement locations adjacent to the

corners. The residual stress measurements on the internal and external surfaces

at the same location on the web are similar, so the average of the two stresses,

known as membrane residual stress resulting from the Poisson’s stretching due to

the cold-forming process, is low. A similar distribution is found for the flanges,

but their stress magnitude (generally ranging from 50 to 100 MPa) is smaller than

those of the web. Different observations are noted for the press-braked member.

The magnitude of the stress is much lower than its rolled-formed counterpart.

Generally, it ranges from 0 to 50 MPa. For the flat part of the web and the flanges,

the stresses for internal and external surfaces do not have a uniform direction.

However, the residual stress magnitudes of the internal and external surfaces at

the same measurement point are close, so a small membrane residual stress is

observed. Young [127] measured the longitudinal residual stress distribution for

two cold-formed lipped channels by sectioning. The members were formed from

a 1.5-mm thick CFS sheet with a yield strength of 450 MPa. The result shows
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the residual stresses tend to be small for inelastic straining occurs mainly in the

transverse direction. The membrane residual stresses range from 0 to 14.0 MPa and

the flexural residual stress (defined as half of the difference between the inner and

outer surface residual stresses at the same measurement location) range from 3.2

MPa to 37.2 MPa. Both the membrane residual stresses and the flexural residual

stress were concluded by the authors as negligible, compared to the nominal yield

strength of 450 MPa. Abdel-Rahman [36] performed the residual stress tests on two

groups of cold-formed lipped channel members by the sectioning method. One

group of channels was made from a 1.91-mm thick steel sheet with a yield strength

of 379 MPa and the other group of channels was made from a 1.22-mm thick steel

sheet with a yield strength of 313 MPa. Linear strain gauges were used to measure

the longitudinal residual strains and a rosette strain gauge was used to measure the

residual strains along longitudinal, transverse, and 45° directions. From the result,

the location of the highest magnitudes of residual stresses for all the test specimens

is found to be at the web area adjacent to the curved corner; The lip area and the

flange-lip corner also show relatively high magnitudes of residual stresses; the web-

flange corner shows lower magnitudes of residual stresses. It is concluded, in terms

of residual stresses for different directions, the principal residual stress direction is

the longitudinal direction, and the magnitudes of transverse residual strains are not

significant compared to their longitudinal counterparts. Schafer [128] provided a

flexural residual stress distribution model for both rolled-formed and press-braked

cold-formed lipped channel steel members based on average values of previous

experimental studies as shown in Fig. 5.1. For the flexural residual stresses in rolled-
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Figure 5.1: Flexural residual stresses distribution as percentage of steel yield strength for (a) roll-
formed channel and (b) press-braked channel proposed by Schafer [128].

formed members, in terms of percentage of yield strength, the web average is 39%,

which is the highest region; the corner average is 27% and the flange average is 23%.

For the flexural residual stresses in press-brakedmembers, in terms of percentage of

yield strength, the corner average has the largest magnitude, and it is 33%; the web

average is 17% and the flange average is 8%. A more conservative recommendation

based on statistical analysis (CDF development with the increasing of the ratio

between flexural residual stress and yield strength) of the previous experimental

data is also given. From the literature review, although previous researchers studied

the residual stress distribution of conventional CFSmembers, the studies of residual

stresses in high-strength CFS are highly limited.

Additionally, a noteworthy operation from most previous experimental studies



173

is, for CFS members, a relatively long length from the two edges is cut off and

discarded; only the center section is reserved for the residual stress measurement.

In Ingvarsson’s study [124], the total length of the member was 2050 mm and a

distance of 800 mm was cut up from each end. From Dat’s experiment [129], only

the center 76.2 mm section was kept for the residual stress measurement and at

least 152.4 mm from the edge was cut for each side. In Batista’s study [126], the

total length for different members was at least 1000 mm long, while only the central

60 mm for each member was reserved for the test. In Young’s study [127], the total

length for different specimens was at least 1000 mm, while all of them were cut

to 500 mm before the residual stress measurement. In another study [36], the test

specimens were cut from long CFS members to 300 mm and 600 mm respectively

to preclude any damaged ends of the long columns. Although this operation was

commonly practiced by several researchers, few of them provided any persuasive

rationale behind it beyond concern for end effects.

Based on the preceding discussion, this study mainly focused on two objectives.

First, an experimental study on lipped angle members with different corner radii

manufactured from a 1.8-mm thick AHSS sheet was carried out to study the dis-

tribution of residual stress along member length on its cross-section by using the

sectioning method. Two 533.4 mm (21 inches) long lipped angle member was cut

into seven sections respectively with equal length along the perpendicular direction

to the member length as shown in Fig. 5.2(a). For each member, the longitudinal

residual stress distributions of an edge section and a center section were studied

and a discussion on the longitudinal residual stress distributions on the inner and



174

outer surfaces for both sections was presented. Additionally, as the major forms

of the residual stresses that lead to deterioration of material strength, a discussion

on the distribution of the membrane residual stresses, which result in internal

membrane forces, and flexural residual stresses, which result in internal flexural

moments, on member cross-section of both sections was presented. Second, a

numerical study on the residual stresses resulting from the practical press-braking

manufacturing process was conducted by using step-wise finite element modeling.

The comparison of residual stresses on specimen surfaces between the experimental

measurement and the simulation was presented. The residual stress distribution

through member cross-section thickness was given and discussed by using the

validated finite element model.

5.2 Experimental study

5.2.1 Material properties

A dual-phase (DP) steel sheet was used for this program. Its nominal thickness

was 1.8 mm, and it was uncoated. Its nominal yield strength was 580 MPa and its

nominal ultimate strength was 980 MPa. Its nominal minimum elongation was 12%.

Detailed chemical composition of the steel sheet is shown in the DP-580 column of

Table 2.1.

A series of tensile coupon tests [5] were carried out to study the material prop-

erties of this DP steel. The tensile coupon dimension was designed per ASTM

standard [9] and coupons were cut along both parallel and perpendicular to the
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Figure 5.2: Design dimension of the angle section (in mm if not specified).

steel sheet coiling direction. The typical stress-strain relationship of DP-580 from

the tensile coupon test is shown in Fig. 2.5. A summary including modulus of

elasticity E, 0.2% proof stress σ0.2 used as yield strength, ultimate strength σu, and

elongation εf is shown in Table 5.1. It shows for E, σ0.2, and σu, the variation for

either longitudinal or transverse coupons is small (COV is less than 3%); the differ-

ence between average values of the longitudinal and transverse coupons is small

(∆AVG is less than 2%) except for E; the difference is intermediate for E (∆AVG is

6.35%). The elongation was measured by an extensometer with a gauge length of

25.4 mm (1 inch) positioned at the center of the tensile coupons. The elongation
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Table 5.1: Tensile coupon test results.

Direction E σ0.2 σu εf
GPa MPa MPa %

Long. AVG 193.3 629.2 954.3 18.4
COV 1.55% 1.39% 1.29% 20.97%

Trans. AVG 205.1 640.5 959.1 11.6
COV 2.18% 0.68% 1.22% 4.90%

∆AVG 6.35% 1.75% 0.63% -36.96%

varies significantly for the longitudinal coupons (COV is 20.97%) and it ranges from

12.97% to 22.92%; the variation for the transverse coupons is intermediate (COV is

4.90%) and ranges from 11.20% to 12.4%. The difference in the average elongation

between longitudinal and transverse specimens is 36.96%. The potential reason for

the large difference is the fracture positions of the specimens are different. Three

out of five of the longitudinal specimens fractured within the gauge length of the

extensometer, while all the four transverse specimens fractured outside the gauge

length of the extensometer. For these three longitudinal specimens which fractured

within the gauge length of the extensometer, the average elongation is 20.9% and

the COV is 8.27%.

5.2.2 Specimen design and manufacture

Two lipped anglememberswere designed for this study. Themembers’ longitudinal

direction was along the sheet rolling direction and the member length was 533.4

mm (21 inches). For the nominal cross-section dimension, the outer length of both

legs was 63.5 mm. The inner radius at the corner referred to Eq. 5.1 per [130] (the

original equation is in inch) and selected as 1.98 mm (5/64 inch) and 3.57 mm

(9/64 inch), which were both larger than 2.38 − 0.5t = 1.48 mm. The nominal
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bending radii at the corner were thus 2.88 and 4.47 mm respectively. The nominal

design dimensions of the equal leg angle member are shown in Fig. 5.2(b). The

members were manufactured by a CNC hydraulic press brake metal bender in the

Sheetmetal Shop at UW-Madison. After forming, the true inner surface radii at the

corner were measured by a radius gauge with a precision of 1/64 inch (0.40 mm)

and the readings were the same as the designed values.

rin = max{2.38 mm− 0.5t, 1.5t} = 2.7 mm (5.1)

To study the effect of longitudinal location on the cross-section residual stress

distribution, various locations along the member longitudinal direction were stud-

ied. The members were cut into seven equal sections with a length of 76.2 mm (3

inches). The sections were labeled from 1 to 7 based on the position of the original

member before cutting. For example, 1 was the left edge section and 4 was the

center section. For each member, two sections, located at or next to the center and

the left edge, were used for the test and comparison. The member with the larger

corner radius was labeled as RL and that with the smaller corner radius was labeled

as RS. The cutting was performed by a vertical band saw specifically designed

for steel cutting with a low range of revolutions per minute (rpm) setting in the

TEAMLab at UW-Madison. The specimens were labeled as member-location. For

example, RS-4 is the center section cut from the lipped angle member with the

smaller corner radius. By the nomenclature, two sections from each member were

included in this study, which were RS-1, RS-5, RL-1, and RL-4.

The longitudinal residual strains within each section of the members were
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measured by linear strain gauges FLA-5 produced by Texas Measurements. The

sensing element of the strain gauge has a length of 5 mm and a width of 1.5 mm.

The total width of the strain gauge including the backing was as small as 3.0 mm,

which made it feasible to attach them directly onto both the inside and outside

surface at the member corner region without large bending. A few trial tests for

sectioning cut by using the vertical band saw were conducted and the readings

of the strain gauges were poor as the vibrations caused by the band saw cutting

adversely affected the strain gauges. Therefore, strong protections were added to

make the strain gauge more resilient. M-Coat A Polyurethane protective coating

produced by Micro Measurements was used to protect the strain gauge sensing

element, and Kapton polyimide tape was used to protect the strain gauge lead

wires. The strain gauges were attached on both inside and outside surfaces of the

member section at certain designed positions. The strain gauge positions for each

section are shown in Fig. 5.3(a) and labeled by dark blue numbers in parentheses.

The dashed lines indicate the designed sectioning positions and the red numbers

in parentheses are the sectioning order. Fig. 5.4 shows photos of two sides of the

representative section ready for sectioning with installed strain gauges.

5.2.3 Test procedure

The lead wires for each strain gauge were connected to an NI SCXI-1001 Chassis

produced by National Instruments for recording strain. A total of 18 strain gauges

were connected to the chassis for each section. The chassis was connected to a

desktop for operation and control. At the beginning of any test, the strain gauge
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Figure 5.3: Design cross-section geometry and strain gauge distribution on cross-section for (a)
RS-1 and RS-5 and (b) RL-1, and RL-4.

Figure 5.4: Photos for a representative section with strain gauges installed.

reading represented by the channel output was calibrated by NI Measurement

& Automation Explorer and zeroed. The strain readings for all channels were

recorded over time through a custom program made in LabView. The steel section

was cut along its length by the vertical band saw. Fig. 5.5 shows a photo of the

actual sectioning scenario during the test. For most sectioning operations, the leg

was placed on the table horizontally and a vise was used to clamp the other leg or
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Figure 5.5: A photo showing the sectioning process.

near lip for stable sectioning while a wood push stick was used to push the steel

section slowly and steadily into the blade. For the second and the sixth sectioning,

the section was pushed by two wood push sticks to ensure stable movement.

After each sectioning operation, the real-time readings from the LabView moni-

tor were observed to determine when the strain gauges adjacent to the sectioning

position stabilized. This process usually took around three minutes for each sec-

tioning operation, after which the next sectioning was conducted. Following this

procedure, all eight sectioning operations for each section were finished.

5.2.4 Test results

The relationship between test time and strain reading for eachmeasurement location

as indicated by the blue numbers in parentheses in Fig. 5.3(a) was extracted.

Using RS-5 as an example, the strain-time relationship at measurement location

(5) as an example for the corner region is shown in Fig. 5.6(a), the relationship at
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measurement location (6) as an example for the flat portion of the angle leg is shown

in Fig. 5.6(b), and the relationship at measurement location (1) as an example for

the angle lip is shown in Fig. 5.6(c). The beginning and the end time of the adjacent

sectioning positions for the corresponding measurement locations are indicated

by vertical black lines. The solid vertical lines indicate the beginning time and the

dashed vertical lines the end time of the sectioning operation. Indicated times do

not include the timewaiting for the readings to stabilize. Formeasurement locations

2 to 8 of each section, two sectioning positions were adjacent to the measurement

location (e.g., sectioning positions 4 and 5 were adjacent to measurement location 5

as shown in Fig. 5.6(a); sectioning positions 4 and 8 were adjacent to measurement

location 6 as shown in Fig. 5.6(b)). For measurement locations 1 and 9 of each

section, one sectioning position was adjacent to the measurement location (e.g.,

sectioning position 2 was adjacent to measurement location 1 as shown in Fig.

5.6(c)). After completing the adjacent sectioning, a short time was allowed for

the specimen to cool before proceeding with the next cut. From Fig. 5.6, a clear

strain plateau is observed, and the strain of the plateau is regarded as the stabilized

reading for the strain gauge.

The measured strain level is as low as 10−4, which is strictly within the elastic

range. Therefore, the residual stress for each measurement location was calculated

as the corresponding residual strain multiplied by the average modulus of elasticity

of the longitudinal specimens in the tensile coupon test, which was determined

as 193291 MPa. It should be noted that a measured positive residual strain after

the sectioning process corresponds to compressive residual stress resulting from
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Figure 5.6: Examples of the relationship between strain readings and time for (a) corner region, (b)
flat portion of the angle leg, and (c) lip region.
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the forming process, and a measured negative residual strain after the sectioning

process corresponds to tensile residual stress from the forming process. Therefore,

the inner surfaces have compressive residual stresses, and the outer surfaces have

tensile residual stresses. The relationship between the residual stress and the

measured strain is shown in Eq. 5.2.

σ = −Eε (5.2)

A summary of the measured residual strains and calculated residual stresses

of all measurement locations for all sections is shown in Table 5.2 and 5.3. For

both center and edge sections with different corner radii, the readings of the strain

gauges attached to the outer surfaces are negative, which indicates that the outer

surface contracted after the residual stresses were released. The inner surface

strain readings are more complex. The strain readings are positive for the corners,

negative for the flat regions of the legs, and relatively small with both positive

and negative values for the lips. The largest measured strains for each section are

observed at corners. The strains for RS specimensmeasured at outer surface corners

are generally larger than those for RL specimens; while for most strains measured

at the flat region on both outer and inner surfaces, those for RL specimens are larger

than the RS specimen counterparts. The strain readings on the lip for both outer

and inner surfaces vary significantly. For the comparison between sections cut from

different locations of the same steel member (e.g., RS-1 and RS-5; RL-1 and RL-4),

the percentage differences for residual stresses at corners and flat regions of legs are

relatively low and most of them are within 10%. The percentage differences for the
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Table 5.2: Measured residual strains at each measurement locations.

Location RS-1 RS-5 RL-1 RL-4
Outer Inner Outer Inner Outer Inner Outer Inner
×10−4 ×10−4 ×10−4 ×10−4 ×10−4 ×10−4 ×10−4 ×10−4

1 lip -2.380 1.375 -2.070 1.225 -2.595 1.230 -1.935 1.185
2 corner -6.705 -0.460 -5.685 -2.080 -4.455 -2.395 -3.700 -1.830
3 flat leg -0.920 1.805 -1.010 1.785 -1.290 2.510 -1.340 2.235
4 flat leg -0.925 1.590 -1.115 1.510 -0.965 2.095 -1.195 2.205
5 corner -6.025 -2.745 -6.130 -2.740 -4.925 -2.720 -5.325 -2.905
6 flat leg -0.745 1.470 -1.040 1.750 -1.115 2.335 -0.700 2.295
7 flat leg -0.835 1.360 -0.410 1.070 -1.175 2.560 -1.175 2.455
8 corner -5.035 -1.845 -4.280 -1.370 -3.175 -2.150 -3.640 -1.930
9 lip -0.700 -0.750 0.005 -0.275 -1.280 -0.270 -0.545 0.155

lips are relatively high and the differences are around 40%, which is still within a

reasonable range considering the large force and high energy dissipated during the

sectioning process. Additionally, no clear tendency in the distribution of the stress

difference related to the measurement location within cross-section or along the

member length was found. Therefore, based on the test data, it is suggested that the

comparison between the center section and the edge section of the member does

not show a significant difference in terms of residual stress distribution. Hence the

procedure inherited from hot-rolled steel research to remove a significant portion of

the member end and only keep the center section for residual stress measurement

may not be required if the steel is not flame cut.

The major forms of residual stress which reduce the strength capacity of CFS

members are internal membrane forces and flexural moments. Their corresponding

stresses are referred to as membrane stress σm, flexural stress on outer surface σfo,

and flexural stress on inner surface σfi as calculated in Eq. 5.3, 5.4, and 5.5, where

εi and εo are the residual strain readings of the inside and outside surface at a
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Table 5.3: Calculated residual stresses at each measurement locations.

Location RS-1 RS-5 RL-1 RL-4
Outer Inner Outer Inner Outer Inner Outer Inner
MPa MPa MPa MPa MPa MPa MPa MPa

1 lip 46.0 -26.6 40.0 -23.7 50.2 -23.8 37.4 -22.9
2 corner 129.6 8.9 109.9 40.2 86.1 46.3 71.5 35.4
3 flat leg 17.8 -34.9 19.5 -34.5 24.9 -48.5 25.9 -43.2
4 flat leg 17.9 -30.7 21.6 -29.2 18.7 -40.5 23.1 -42.6
5 corner 116.5 53.1 118.5 53.0 95.2 52.6 102.9 56.2
6 flat leg 14.4 -28.4 20.1 -33.8 21.6 -45.1 13.5 -44.4
7 flat leg 16.1 -26.3 7.9 -20.7 22.7 -49.5 22.7 -47.5
8 corner 97.3 35.7 82.7 26.5 61.4 41.6 70.4 37.3
9 lip 13.5 14.5 -0.1 5.3 24.7 5.2 10.5 -3.0

AVG
corner 114.5 32.6 103.7 39.9 80.9 46.8 81.6 43.0
flat leg 16.6 -30.1 17.3 -29.6 22.0 -45.9 21.3 -44.4
lip 29.8 -6.1 20.0 -9.2 37.5 -9.3 24.0 -13.0

COV
corner 14.2% 68.4% 18.0% 33.2% 21.6% 11.8% 22.6% 26.8%
flat leg 10.0% -12.3% 36.5% -21.5% 11.7% -8.9% 25.3% -4.9%
lip 77.2% -480.4% 142.1% -222.9% 48.1% -220.5% 79.4% -108.7%

measurement location.

σm = −E
εo + εi

2 (5.3)

σfo = −E
εo − εi

2 (5.4)

σfi = +E
εo − εi

2 (5.5)

A summary of themembrane residual stresses and outer surface flexural residual

stresses for all steel sections at all measurement locations is shown in Table 5.4;

the inner surface flexural residual stress equals to the opposite of its outer surface

counterpart. The sign on the membrane stresses indicates tension (positive) and
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Table 5.4: Membrane and flexural residual stresses at measurement locations for every sections.

Location membrane residual stress (MPa) flexural residual stress (outer) (MPa)
RS-1 RS-5 RL-1 RL-4 RS-1 RS-5 RL-1 RL-4

1 lip 9.7 8.2 13.2 7.3 36.3 31.9 37.0 30.2
2 corner 69.3 75.1 66.2 53.5 60.4 34.9 19.9 18.1
3 flat leg -8.6 -7.5 -11.8 -8.7 26.4 27.0 36.7 34.6
4 flat leg -6.4 -3.8 -10.9 -9.8 24.3 25.4 29.6 32.9
5 corner 84.8 85.8 73.9 79.6 31.7 32.8 21.3 23.4
6 flat leg -7.0 -6.9 -11.8 -15.5 21.4 27.0 33.4 29.0
7 flat leg -5.1 -6.4 -13.4 -12.4 21.2 14.3 36.1 35.1
8 corner 66.5 54.6 51.5 53.9 30.8 28.1 9.9 16.6
9 lip 14.0 2.6 15.0 3.8 -0.5 -2.7 9.8 6.8

AVG
corner 73.5 71.8 63.9 62.3 41.0 31.9 17.0 19.3
flat leg -6.8 -6.1 -12.0 -11.6 23.3 23.4 33.9 32.9
lip 11.9 5.4 14.1 5.5 17.9 14.6 23.4 18.5

COV
corner 13.4% 22.0% 17.8% 24.0% 41.0% 10.8% 36.5% 18.5%
flat leg -21.2% -26.4% -8.7% -26.2% 10.6% 26.1% 9.5% 8.5%
lip 25.7% 73.0% 8.8% 45.0% 145.4% 167.6% 82.4% 89.7%

compression (negative). For most cases except the lips on location 9 for small radius

sections, the flexural residual stresses are considered to be in compression on the

inner surface and in tension on the outer surface and vary linearly through the

thickness [128]. The flexural residual stresses of the lips on location 9 for small

radius sections have opposite direction from the majority while their magnitudes

are relatively small and close to zero. The membrane and flexural residual stress

distribution on member cross-section, as well as the percentage ratio between the

residual stress and the yield strength for the smaller corner radius sections, are

shown in Fig. 5.7(a) and those for the larger corner radius sections are shown in

Fig. 5.7(b).

The following observations are made from the residual stress distribution of the

four test sections. First, the direction of the stresses (i.e., tension or compression) at

eachmeasurement location is the same between the edge and center section. Second,
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Figure 5.7: The distribution of membrane and flexural residual stresses along the cross-section
perimeter for DP-580 lipped angle sections with (a) 5/64 inch inner corner radius and (b) 9/64 inch
inner corner radius.

for the flexural residual stress, at different measurement locations on both corners

and flat regions of legs, the percentage difference between the edge and center

section ranges from 0.4% to 24.8% for the RS sections and from 3.2% to 12.6% for

the RL sections. For the lip, the percentage difference of the flexural residual stress

is large, while the influence is negligible considering the residual stress magnitude

on the lip is small, where the flexural stress difference between the center and edge

sections is 3.3 MPa for RS sections and 4.9 MPa for RL sections. For all four sections,
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the flexural residual stress is relatively stable along the cross-section perimeter and

the stressmagnitude is around 30MPa. Additionally, the flexural residual stresses at

the corners are generally larger than those at its adjacent flat regions for RS sections;

the situations are opposite for the RL sections. Relative to the yield strength (0.2%

proof stress, which equals 629.2 MPa), the flexural residual stress ranges from 0.1%

to 9.6% for RS sections and ranges from 1.1% to 5.9% RL sections. Thirdly, for the

membrane residual stress, the magnitude and direction at different locations of the

section cross-section vary. The largest membrane residual stresses are observed at

corners, where the average magnitude is 72.7 MPa for the RS sections and 63.1 MPa

for the RL sections and they are all in tension. While at the flat regions, including

both legs and lips, the membrane residual stress magnitudes are much smaller and

range from 2.6 MPa to 14.0 MPa for the RS section and range from 3.8 MPa to 15.5

MPa for the RL sections. For the direction, those at the lips are in tension and those

at the flat regions of the legs are in compression. In summary, the flexural residual

stresses are relatively stable and moderate along the cross-section perimeter. The

membrane residual stresses at the corners are more significant and those at the flat

regions have less influence.

To compare the residual stress distribution of press-braked members made of

AHSSmaterial used in this study with press-brakedmembers made of conventional

CFS from previous studies, a summary of the flexural and membrane residual

stresses is shown in Table 5.5. Some literature does not include all information

and is therefore labeled as N/A (not applicable). Some literature used figures

only, rather than specific values, to illustrate the results, so the values for these
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cases are estimated. The value or value range in this table is the absolute value of

the residual stresses (i.e., the directions of the residual stresses are not included).

Each specimen label from the original paper is shown in the second column of the

table. For each specimen, two rows of data are listed. The first row is the residual

stress in MPa, and the second row is the ratio between the residual stress and

mate-rial yield strength. From Ingvarsson’s study [124], much larger membrane

residual stresses are observed at the corner and flange compared to other studies.

Note, the thickness of the plate (7.5 mm) in Ingvarsson’s work [124] is much larger

than the thicknesses of sheets (from 1.22 mm to 3.07 mm) in other studies. For

Weng’s tests [125], the flexural residual stresses on the corner, flange, and web

are larger compared to others’ work and some of the maximum values are larger

than the nominal yield strength. The membrane residual stresses for Weng’s work

[125] are low. For Batista’s work [126], the flexural residual stresses in the flat part

are much larger than the flexural residual stresses from the results of this study

(e.g., the maximum stress on the web of Batista’s work is around 3.5 times of the

maximum stress on the leg of this study), while the membrane residual stresses

of the flat parts are similar to their counterpart of this study. For Young’s study

[127], both the flexural and membrane residual stresses at the flat parts are similar

to their counterpart in this study. Compared to the model based on experimental

statistics proposed by Schafer [128], the ratio between flexural residual stresses and

yield strength at the corner in this study is only around one-fourth of the model

recommendation. The ratio for the flat part is slightly smaller than the flange value

and much smaller than the web value of the model recommendation.
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5.3 Numerical study

5.3.1 Scope

Although using the sectioning method to measure the residual stress is straight-

forward and the results are relatively reliable, the method is a destructive method

with non-negligible time, labor, and equipment costs. Therefore, conducting a large

number of sectioning tests is difficult and costly. Additionally, for the sections with

thin-walled geometry, only the residual stresses at section surfaces can bemeasured,

while those through section thickness can not be measured because of the difficulty

of strain gauge installation. However, in many existing studies [131]–[136], the

maximum residual stresses are commonly observed through the thickness based on

the steel section material, shape, forming method, and thickness. Therefore, in this

section, a finite element model is designed to simulate the press-braking process

for the DP-580 lipped angle section. The model is validated by comparing the

results between the experimental study and the simulation. The through-thickness

residual stresses are extracted from the validated finite element model.

5.3.2 Simulation setup

The finite element software Abaqus [137] was used to simulate the press-braking

process for the DP-580 lipped angle sections. The punch and die were designed as

2D discrete rigid parts and therefore meshed using discrete rigid elements since

the deformation is negligible. The geometry of the punch and die were designed to

perfectly fit the desired steel corner deformation, where the radius of the punch
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equaled the inner corner radius of the section and the radius of the die equaled the

outer corner radius of the section. The steel sheet was designed as a 2D deformable

part and meshed using CPE4R (four-node plane strain element), which is suitable

for sheets with thin-walled geometry subjected to large strains. The width of the

steel sheet equaled the perimeter of the cross-section, which was 172.7 mm for

RL sections and 171.9 mm for RS sections. The element size was 0.09 mm, which

corresponded to 20 elements for the 1.8-mm thickness. For the material definition,

an engineering stress-strain relationship was generated using the two-stage plus

linear model proposed in [5], where the model parameters were from the averages

of experimental stress-strain data for DP-580 specimens cut along sheet longitudinal

direction. The generated engineering stress-strain curvewas converted to true stress-

strain curve by Eq. 5.6 and 5.7, where σt and εt are the true stress and strain, σe

and εe are the engineering stress and strain. The relationship between post-yield

stress and plastic strain generated using the true stress-strain curve was used as

the material input for the steel sheet.

σt = σe × (1+ εe) (5.6)

εt = ln(1+ εe) (5.7)

Step-wise dynamic implicit analysis was adopted in the simulation. Each step

represented the press-braking and spring back for each section corner. Therefore,

three steps were needed for each lipped angle section because of its three corners.
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Figure 5.8: The placement of the steel section, punch, and the die for (a) the first step, (b) the second
step, and (c) the third step.

For each step, the punch head was placed perpendicular to the inner surface of

the desired corner location and the horizontal support of the die was placed at the

outer surface of the same desired corner location. The placement of the steel sheet,

the punch, and the die for each step is shown in Fig. 5.8. A contact was defined

between the punch head and the cross-section inner surface for the press-braking

process while it was removed during the spring back process. Another contact was

defined between the horizontal support of the die and the outer surface of the steel

sheet for both press-braking and spring back processes.

The residual stresses for the press-braked sections result from the press-braking

and spring back processes, plus the coiling, uncoiling, and flattening processes

during the forming of the CFS sheet. For the first step to form the corner at the
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sheet center, the residual stresses resulting from the sheet forming process were

included by using the model proposed by Moen and Schafer [138]. The direction of

the residual stress in the model could be tension for the inner side and compression

for the outer side, or the opposite situations based on the coiling direction of the

sheet. It was reasonable to assume that the residual stress direction in the model

was consistent with that of the test result at the flat region of the legs, where the

stresses on the inner surface were negative and on the outer surfaces were positive.

The loading was always applied along a local direction which was perpendicular

to the sheet at the desired corner. In terms of the local direction, the die was fully

fixed during both the press brake and spring back processes, and the punch was

fixed in all directions except the loading direction. A displacement control loading

was applied on the punch during the press brake process and the displacement was

set from the circle center of the punch head to the circle center of the die. Then that

exact displacement was set back to zero during the following process to simulate

the spring back. For the second and the third step, the deformed cross-section

and the stresses and strains within each element of the deformed section were

necessary to proceed. therefore, the deformed section geometry was imported as a

new part and the stress state was imported as a predefined initial state from the

output database of the previous step.

Additionally, it was found that the residual stress distribution and magnitudes

were significantly affected by the die shape. When the die shape perfectly fit the

design dimension and the die radius for this situation was labeled as R0, the outer

surface of the steel sheet experienced intense direct contact with the die because
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of the sheet deformation along the sheet thickness direction. When a sharp die

(i.e., die radius equals zero) was adopted, this contact could be avoided. The

longitudinal residual stress distributions for members press-braked with a fully

rounded die and a sharp die are shown in Fig. 5.9. Considering the inevitable

errors during steel section manufacturing and the sectioning processes, plus the

unknown dimension for the die being used, the residual stress magnitude and

distribution by using different die shapes with different radii between 0 and R0

were investigated. Besides the die radii, all other procedures and setups for the

simulation were identical.

5.3.3 Simulation results

The stresses along the direction perpendicular to the plane (i.e., S33 of the output

database) were extracted. The width of the strain gauge used in the experimental

study was 1.5 mm, which corresponds to around 17 elements. The average stresses

of S33 for the center 17 elements at each corner position for both outer and inner

surfaces were calculated and used for comparison with test data. By varying the

die radius between 0 and R0, certain radii were selected exhibiting reasonable

differences between test and simulation data. The selected die radii were 3.634 mm

for RS sections and 4.72 mm for RL sections respectively. The comparison between

the test data and the simulation results using three different base radii (r = R0,

r = 0, and the selected radius) are shown in Fig. 5.10 and 5.11 for RS and RL sections

respectively. For the locations in the figures, 0.9 mm represents the inner surface

and -0.9mm represents the outer surface. The comparison shows the selected radius
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Figure 5.9: (a) and (b): deformation of the angle member after press-braking and spring-back
processes using rounded and shape die respectively. (c) and (d): a close look of (a) and (b)
illustrating the longitudinal residual stress distribution through member thickness at angle corners.
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simulation cases have minimal differences from the corresponding experiment data

at the corners, where the stresses are more pronounced. The stresses at the flat

region could have large percentage differences, while the absolute differences are

small, which lead to negligible influence on steelmember strength. Fig. 5.10 and 5.11

also illustrate the through-thickness residual stresses captured from the simulation.

For both RS and RL sections at corners, the maximum stresses are observed at

around a quarter of the thickness from the inner surface and the maximum stresses

are in compression as high as 700 MPa in compression. Additionally, the stresses

are observed to vary drastically between the inner surface and the centerline of the

sheet.

5.4 Conclusions

Four sections with two different corner radii cut from two 21-inch long advanced

high-strength cold-formed steel pressed-braked angle members were used to mea-

sure the cross-section residual stress distribution. Two sections were cut from the

member edge, and the other two were cut from the member center along member

length. The results show the residual stresses on the corners are in tensions on both

surfaces and are more pronounced than the residual stresses on the flat regions. For

the residual stresses on the flat regions, those on the outer surfaces are generally in

tension while those on the inner surfaces are in compression, which is considered

as a direct result of the cold-forming process and shows good consistency with the

results from existing studies. The membrane and flexural residual stresses on the
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surfaces are calculated based on the measured residual stresses. For the membrane

residual stress, corners and lips show compression stresses and flat regions of legs

show tension stresses. The highest value of membrane residual stress is found at

corners, while the lips and flat regions of the legs have a relatively low magnitude

of membrane residual stress. The flexural residual stresses generally have a larger

and more stable magnitude than the membrane residual stress, except at the corner

region where membrane residual stresses are highest. Relative to yield strength

measured from tensile coupon tests, the membrane residual stresses are 0.4% to

12%, and the flexural residual stresses are 0.1% to 7% of yield strength. Based on the

test data, no significant difference is found between the residual stresses of the edge

section and the center section. A finite element model is developed and validated.

By adopting the validated model, more data of the residual stress distribution are

provided, including the through-thickness residual stresses, where a maximum

residual stress of around 700 MPa is observed.
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Chapter 6

Cold-formed steel strength

predictions for combined bending and

torsion

Xia, Yu, Glauz, Robert S., Schafer, Benjamin W., Seek, Michael, and Blum, Hannah

B. “Cold-formed steel strength predictions for combined bending and torsion.”

Manuscript in preparation and to be submitted Fall 2022.

Abstract

Locally slender open cross-section members are susceptible to significant twist-

ing and high warping torsion stresses. Torsion considerations are complicated by

whether it is derived as a first-order effect from loading or a second-order effect from

instability. Previous direct torsion experiments on lipped channels have shown sig-



202

nificant inelastic reserve in limited cases. The current design for combined bending

and torsion interaction has some limitations, including only considering the first

yield in torsion and ignoring the cross-section slenderness in torsion. A parametric

study is conducted to predict the torsion capacity in locally slender cross-sections.

Shell finite element models of lipped Cee and Zee section members are validated

with existing experiments on combined bending and torsion. The validated models

are utilized for a parametric study with applied torsion on a range of cross-sections,

steel grades, andmember lengths to cover the range of practically expected torsional

slenderness. A set of bimoment parameters, including yield bimoment, buckling

bimoment, and plastic bimoment, are calculated and the ultimate bimoment is

determined by performing shell finite element collapse analyses. A simple uni-

form equation is adopted to predict the bimoment capacity and two bimoment

strength curves under torsion only are proposed for local and distortional buckling

controlled cases respectively. The validated models are updated and utilized for

another parametric study with applied bending-torsion on a range of cross-section

geometries, member lengths, bracing conditions, and loading eccentricities. The

interaction equations for different loading cases between bending moments and

bimoments are developed.

6.1 Introduction

Cold-formed steel (CFS) is a common constructionmaterial inwhich steel sheets are

shaped into structural members by the cold-working processes and are widely used
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in many structural and non-structural applications. Among different types of CFS

shapes, the thin-walled open sections (e.g., Cee and Zee) are the most common for

structural framing. The thin-walled geometries are beneficial to reducing the self-

weight, hence lower transportation, material costs, and labor costs. However, due to

the open thin-walled geometries, CFS sections have low torsional stiffness and can

be vulnerable to even a small amount of torsional load. Therefore, understanding

the internal torsional forces for CFS members is important to correctly conduct the

member and structure design [139].

A member subjected to torsional loads may develop both shear stresses and

longitudinal stresses. For typical open cross-sections, the most critical internal

force is the bimoment (B) caused by the longitudinal stresses. However, limited

literature shows the method to calculate the bimoment strength, while a few design

standards provide indirect methods to consider the effect resulting from torsional

stresses. Section H4 of AISI S100 [30] states that for members under combined

bending and torsion, the flexural strength should be reduced by a reduction factor

R, which is given as Eq. 6.1:

R =
fbending,max

fbending + ftorsion
(6.1)

where fbending,max is the bending stress at extreme fiber, fbending is the bending

stress at location in cross-section where combined bending and torsion stress is

maximum, and ftorsion is the torsional warping stress at location in cross-section

where combined bending and torsion stress is maximum.

Section 6.1.6 of Eurocode 3 Part 1-3 [120] stipulates the upper bound of the total
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longitudinal stress and the total shear stress for members under combined bending

and torsion as shown in Eq. 6.2:

√
σ2
tot,Ed + 3τ2tot,Ed ⩽ 1.1 fya

γMO

(6.2)

where σtot,Ed is the design total direct stress, calculated on the relevant effective

cross-section, τtot,Ed is the design total shear stress, calculated on the gross cross-

section, fya is the steel average yield strength, and γMO is a safety factor.

Section 5.3.2 of GB 50018 [140] stipulates the upper bound of the sum of nor-

malized bending moment and bimoment as shown in Eq. 6.3, which is transformed

into Eq. 6.4 by Wan et al. [4]:

σ =
M

Wenx

+
B

Wω

⩽ f (6.3)

M

Mb

+
B

By

⩽ 1 (6.4)

whereMb is the bending capacity under bending moment only and By is the

bimoment capacity under torsion only.

These standards consider the reduction for yield moment and bimoment, while

member inelastic behaviors are not considered.

Wan et al. [4] carried out an experimental campaign to investigate the torsional

strength of a pair of Cee and Zee sections under combined bending and torsion

caused by vertical loads at different eccentricities. The experimental results were

compared with Eq. 6.4 and the comparison showed the design equation is very
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conservative, particularly for Zee sections. Bian et al. [141] investigated themember

behavior of a set of Cee section short beams under torsion only by both experimen-

tal and numerical study. Based on the experimental results and the simulation

results with expanded torsional slenderness and strengths, two groups of piecewise

equations predicting the torsion capacity were provided as shown in Eq. 6.5 with

parabolic inelastic reserve and Eq. 6.6 with linear inelastic reserve:

Tn

Ty
=

 2− λ2
T for λT ⩽ 1

1/λ2
T for λT > 1

(6.5)

Tn

Ty
=

 2.5− 1.5λT for λT ⩽ 1

1/λ2
T for λT > 1

(6.6)

where Tn is the torsional strength, Ty is the torque at first yield, λT =
√
Ty/Tcr is

the torsional slenderness, and Tcr is the critical elastic torsional buckling moment.

However, the data used in the numerical study only included one Cee section

(400S162-54). Other Cee section geometries and Zee sections should also be inves-

tigated. Furthermore, it is desirable to determine if the torsional strength can be

predicted by a simpler and uniform equation in lieu of piecewise equations.

In this paper, a numerical study is carried out to predict the bimoment capacity of

thin-walled CFS Cee and Zee sections under torsional load. Firstly, a finite element

model is developed and validated by the benchmark data reported previously [4]

which considered combined torsion and bending loading. Then the validatedmodel

is modified for applied torsional loads only and the model is used in a parametric
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study. Various Cee and Zee sections from design manuals, various steel grades,

and various member lengths were investigated. Bimoment parameters, including

yield bimoment, buckling bimoment, and plastic bimoment, are calculated based

on the member cross-section geometry and yield strength. The ultimate bimoment

for each case is also calculated from the longitudinal stresses obtained from finite

element analyses. Based on the relationship between the ultimate bimoment and

other bimoment parameters, a single continuous equation with only two numerical

coefficients is adopted for the bimoment strength calculation. In addition, for local

buckling (LB) and distortional buckling (DB) controlled cases, two groups of

equation coefficients are provided. Additionally, a parametric study to understand

the interaction between bending and torsion is conducted for the combined bending-

torsion case and a series of interaction equations between bending moment and

bimoment are proposed.

6.2 Development and validation of torsion finite

element model

A finite element model was designed and developed based on a combined torsion

and bending experimental study [4]. Firstly, to guarantee the reliability of the

model, the model was developed to simulate the experiment from all aspects

and the simulation results were compared directly with the experiment results.

Then, upon completion of model validation, the model was adjusted to support a

parametric study of members under torsion only by adopting different cross-section
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geometries and different material definitions.

The experimental study [4] investigated the member behaviors of press-braked

CFS Cee and Zee sections under combined bending and torsion. The study included

two cross-section geometries (180×70×20×2.5 and 185×70×20×1.8 in the form of

D× B× d× t in mm, where D, B, and d are the outer-to-outer web depth, flange

width, and lip length, t is the thickness) for Cee and Zee respectively, where the

yield strength for the 2.5 mm thick steel is 345 MPa and for the 1.8 mm thick steel is

318 MPa. For each cross-section geometry, two different member lengths (1200 mm

and 1500 mm) were included. The members were simply-supported and loaded

under an eccentric vertical load at mid-span, where the vertical load introduced

the bending and the eccentricity of the load introduced the torsion. For each case,

three different eccentricities on the side away from the top flange (30, 40, and 50 for

Cee, and 40, 50, and 60 for Zee, in mm) were investigated. A schematic diagram

from the literature [4] is shown in Fig. 6.1 to help readers better visualize the test

setup.

The finite element model was developed using FEA software Abaqus [137].

The member was modeled by S4R shell elements, and each element had an aspect

ratio between 0.5 and 2 except those at the corners. The material was modeled as

elastic-perfectly-plastic (EPP) using the yield strengths from the experiments and

E = 203 GPa recommended by AISI S100 [30]. By adopting the principle of force

transmissibility as illustrated in Fig. 6.2, the eccentric vertical load was transformed

into a vertical load P directly acting on the juncture of web and top flange, and a

pair of lateral loads Qwith opposite directions acting on the juncture of web and
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Figure 6.1: Loading method for (a) Cee section beam and (b) Zee section beam (Fig. 5 from [4]).

top flange as well as the juncture of web and bottom flange respectively. Different

eccentricities reflected the relationship between P andQ = P(ds+e)/D, where ds is

the horizontal distance between the web center and shear center. For the boundary

conditions at the two Cee or Zee ends, the nodes were restrained in the cross-section

plane, thus the rotation about the member longitudinal direction was automatically

restrained. The nodes at two ends were free to move in the longitudinal direction

based on a longitudinal warping-free assumption. At midspan, all nodes along one

cross-section were restrained in the longitudinal direction to prevent rigid body

motion. Both scenarios without and with initial geometric imperfection (GI) were

studied. The buckled shapes corresponding to the local and distortional minima of

signature curves due to bending generated in CUFSM’s [142] finite strip analyses

were selected as the shapes of initial GI. Both inward and outward GI shapes were

considered, where inward and outward describe the deformation direction of top
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Figure 6.2: Transformation of eccentrically load for (a) Zee section and (b) Cee section.

flange for local buckling (LB) and lip-flange juncture for distortional buckling (DB)

as illustrated in Fig. 6.3. Either the inward or outward GI shape was generated

from CUFSM analyses, and the other GI shape was determined by switching the

sign of the displaced nodes (∆Y and ∆Z as shown in Fig 6.10) of the cross-section.

The average magnitudes of GI summarized in [143] (0.47t for LB and 1.03t for DB)

were selected as the maximum magnitudes of the GI shapes. The residual stress

was not included. The simulations were conducted using Abaqus’ Riks solver to

obtain a post-peak response. Typical simulation setup for Cee and Zee section is

shown in shown in Fig. 6.4.

The longitudinal stress distribution and deformed shape for representative

members at peak applied load is shown in Fig. 6.5. The magnitude of the peak

applied vertical load P was extracted from the simulations as the major result.

The comparison of peak vertical load P between the experiment [4] and the

simulations is shown in Fig. 6.6 and Table 6.1. There are two results with geometric

imperfections for each case – one considering inward imperfections (Fig. 6.3(b)

and (d)) and the other considering outward imperfections (Fig. 6.3(a) and (c)).
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Figure 6.3: Typical buckled shapes under bending generated in CUFSM [142] as initial GI for (a)
Zee section outward shape, (b) Zee section inward shape, (c) Cee section outward shape, and (d)
Cee section inward shape.

For most cases, the experimental data is between the corresponding simulation

data with and without GI. The average ratio between the experimental peak P and

the peak P from simulation without GI is 99.4%. The average ratio between the

experimental peak P and the average peak P from simulation with GI is 101.7%.

The average ratio between the experimental peak P and the average peak P from all

simulations with and without GI is 100.8%. The excellent agreement indicates the

experimental setup can be well represented by the developed finite element model.

6.3 Data from simulation for parametric study

The validated FEA model was adjusted to accommodate the scenario under tor-

sional loads only for the thin-walled CFS members. Firstly, the vertical load P

introducing bending was removed. The couple created by lateral forces Q was

used to represent applied torsional loads and vertical load P was removed from
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Figure 6.4: Typical setup of the finite element model aiming for simulating the experiment [4] for
(a) Cee section and (b) Zee section.
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Table 6.1: Peak applied load from experiments [4] and numerical simulation
considering different geometric imperfection.

(1) (2) (3) (4) (5) (6) (7) (8)
section h× b× d× t L e Pmax (kN)

mm4 mm mm test GI0 GI1 GI2
Cee 180× 70× 20× 2.5 1200 30 24.30 25.54 22.30 27.72

1200 40 19.59 21.08 18.54 23.80
1200 50 19.37 18.00 15.90 20.91
1500 30 20.68 19.54 17.64 22.55
1500 40 17.84 16.21 14.74 19.17
1500 50 16.10 13.87 12.72 16.59

185× 70× 20× 1.8 1200 30 14.18 18.55 14.60 17.84
1200 40 12.19 14.78 11.96 15.63
1200 50 11.08 12.42 10.17 13.81
1500 30 11.42 13.21 10.95 14.52
1500 40 10.16 10.82 9.00 12.55
1500 50 9.27 9.04 7.66 10.93

Zee 180× 70× 20× 2.5 1200 40 29.64 30.81 30.66 29.16
1200 50 26.52 25.53 25.44 24.95
1200 60 22.73 21.67 21.70 21.49
1500 40 25.67 25.20 26.34 22.32
1500 50 22.81 21.06 20.28 19.19
1500 60 18.58 17.95 16.63 16.78

185× 70× 20× 1.8 1200 40 17.45 17.85 18.21 17.62
1200 50 15.07 14.87 15.13 14.67
1200 60 12.78 12.75 12.96 12.57
1500 40 14.34 14.42 14.67 14.24
1500 50 12.49 11.76 11.92 11.62
1500 60 10.27 9.93 10.05 9.82

1 h is the web depth, b is the flange width, d is the lip length, t is the member
thickness.

2 L is the member length, e is the loading eccentricity from the cross-section
shear center.

3 Pmax is the peak applied load.
4 Columns (6)-(8) are Pmax from numerical simulation, GI0 represents no
geometric imperfection, GI1 and GI2 represent outward and inward buck-
ling shapes (shown in Fig. 6.3) as geometric imperfection.
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Figure 6.5: Deformed member shape and longitudinal stress distribution for representative (a) Cee
and (b) Zee members at the ultimate applied load.

the model. In addition, to develop a case with bimoment only at midspan, the

applied load was transformed from concentrated torsion to uniformly distributed

torsion alongmember longitudinal direction, where themagnitude of the uniformly

distributed torsion q = Q/L and L is the member length.

Secondly, steel with various grades and stress-strain behaviors was included.

The primary cases included mild steel (Mild-1x) with a yield strength of 50 ksi (345

MPa) for Cee [130] and 55 ksi (379MPa) for Zee [144] and the stress-strain behavior
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Figure 6.6: Comparison between the results of the experimental study [4] and the developed Abaqus
model.

of the mild steel was described by the EPP model. In addition, higher steel grades

were included to investigate the cases with higher torsional slenderness. A few

cases of mild steel with doubled (Mild-2x) and quadruple (Mild-4x) yield strength

were modeled using the EPP model. The elastic moduli for all mild steel were 203

GPa. In addition, a few supplementary cases using Martensitic steel (MS-1200)

with a nominal yield strength of 1200 MPa were included, which showed a rounded

stress-strain relationship and was modeled by the two-stage plus linear model [5].

The average of the tensile coupon test experimental data was adopted for MS-1200,

where the elastic modulus was 215,684 MPa [5] and the yield strength (σ0.2) was

1307 MPa. The material definitions of MS-1200 for Zee and Cee cross-sections were
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Figure 6.7: Constitutive relationships for steel adopted in finite element models. Mild-1x has a yield
strength of 345 MPa (50 ksi) for Cee section and 379 MPa (55 ksi) for Zee section.

identical. The engineering stress-strain relationship and the relationship between

plastic strain and post-yield stress for each steel are shown in Fig. 6.7.

Thirdly, the member geometry was expanded and the initial imperfections were

adjusted. Typical cross-section sizes from AISI D100 [144] and SSMA product

technical guide [130] were selected as shown in Table 6.2. The initial GI shapes

for local and distortional buckling were determined through a finite strip analysis

in CUFSM [142] where the member was subjected to bimoment only. The appli-

cable local and distortional minima provided the buckled shapes. Zee sections

under counterclockwise torsion (web in compression) only have a local buckling

minimum, therefore only the local buckling shape was adopted as the initial GI

shape for this case. A typical example of initial imperfection shapes for torsion is

shown in Figure 6.8. The maximum magnitudes of the imperfections are the same

as discussed in Section 6.2 (0.47t for LB and 1.03t for DB). The member length (L)
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Table 6.2: Selected cross-sections for the parametric study.

Cee cross-section
1200S300x97 1000S300x97 800S250x97 600S200x97
1200S300x68 1000S300x68 800S250x68 600S200x68
1200S300x54 1000S300x54 800S250x54 600S200x54
Zee cross-section
12Z325x105 10Z325x105 8Z275x105 6Z225x105
12Z325x070 10Z325x070 8Z275x070 6Z225x070
12Z325x059 10Z325x059 8Z275x059 6Z225x059

Figure 6.8: Typical buckled shapes generated in CUFSM [142] as initial GI for (a) Zee section
under counterclockwise torsion, (b) Zee section under clockwise torsion, (c) Cee section under
counterclockwise torsion, and (d) Cee section under clockwise torsion.

was also adjusted so that it was dependent on the web depthD of the cross-section.

For Mild-1x, Mild-4x, and MS-1200, L = 10D. In addition, a few cases with shorter

span lengths were investigated to compare the effect of different spans on member

behavior, which included L = 6D for Mild-2x and L = 3D for Mild-4x. Also, to

compare the influence of the lip length on buckling behavior, a group of Cee sec-

tions, with 10D member length and Mild-1x material, had the lip length increased

from 0.625 inches (15.875 mm) to 1 inch (25.4 mm).

For each cross-section, simulations for both torsion directions, clockwise (CW)

and counterclockwise (CCW) about the member longitudinal axis, were run for
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Figure 6.9: Torsion loading cases: (a) CCW torsion for Zee section; (b) CW torsion for Zee section;
(c) CCW torsion for Cee section

Mild-1x with L = 10D, and the internal bimoment B at midspan was calculated

by using the nodal longitudinal stresses at midspan when peak q was achieved.

The results showed that the bimoments of Zee sections for the opposite torsion

cases were substantially different, while the bimoments for Cee sections under the

opposite torsions were almost the same in magnitude (within 0.3% difference).

Therefore, for the other steel grades, member lengths, or lip lengths, cases of both

directions of torsions were investigated for Zee sections, while only one direction of

torsion was studied for Cee sections, as illustrated in Fig. 6.9. In addition, from the

initial simulations, the difference of the internal bimoment B calculated at midspan

between cases with and without GI was minor, where the average difference was

within 1%. Therefore, only the cases with GI were investigated for the parametric

study to mimic the more realistic scenario.

By comparing the deformed shapes at peak applied torsion with the local and

distortional deformed shapes under torsion generated by CUFSM [142], each case

was categorized as local buckling (LB) or distortional buckling (DB) controlled case.

The results and the post-processed data of the simulation are shown in Table 6.3 for
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Figure 6.10: Representative deformed shapes at peak applied torsion (scale factor=1). Examples (a)
CCW torsion case showing LB behavior (6Z225x070, Mild-1x-10D); (b) CW torsion case showing
DB behavior (6Z225x070, Mild-1x-10D); (c) CCW torsion case showing DB behavior (600S200x68,
Mild-1x-10D). Colors represent themagnitudes of longitudinal stresses. Mild-1x has a yield strength
of 379 MPa (55 ksi) for Zee section and 345 MPa (50 ksi) for Cee section.

LB controlled cases and Table 6.4 for DB controlled cases. Fig. 6.10 shows typical

examples of the side view (YZ plane) of the deformed shapes at peak applied

load under CCW and CW torsion. The steel grade, member length, and loading

direction were combined and given as Type in Table 6.3 and 6.4. For example, Mild-

1x-10D-CCW for section 1200S300x97 represents the case for a member 1200S300x97

under CCW torsion (Fig. 6.9), where the member is made of Mild-1x and member

length is 10D. The only exception is type LargeLip-10D-CCW, where the member

for this type is made of Mild-1x and its lip length is 1 inch.

Furthermore, the yield bimoment By, the plastic bimoment Bp, and the buckling

bimoment Bcr are given for each case. By and Bp are calculated based on the yield

strength and cross-section geometry. Bcr is calculated by CUFSM [142]. In addition,

by using Eq. 6.7, the internal ultimate bimoment Bnσ for each case at midspan is

calculated by the longitudinal nodal stresses when the peak applied distributed
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torsionmt = q×D is achieved:

Bnσ =

∫
σwndA =

N−1∑
i=1

tiliσi

(
wni +

1
2Roili

)
+

1
2tili(σi+1 − σi)

(
wni +

2
3Roili

)
(6.7)

where element i is defined from node i to node i+ 1, N is the number of nodes

on the cross-section, li is the length of element i, ti is the thickness of element i, σi

is the longitudinal stress at node i, wni is the normalized unit warping at node i,

Roi is perpendicular distance between the shear center and element i.

The results show the calculated internal bimoment Bnσ is larger than By and

Bcrl for most LB controlled cases, while Bnσ is between By and Bcrd for most DB

controlled cases. Also, Bnσ is smaller than Bp for almost all cases.
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6.4 Prediction of bimoment strength for torsion alone

A standardized direct strength prediction equation for bimoment strength Bn

incorporating plastic bimoment Bp, buckling bimoment Bcr, and yield bimoment

By was adopted to fit the data described in Section 6.3 The equation form proposed

by the second and the third authors [145] is shown in Eq. 6.8. The numerical

coefficients a and b were iterated and determined in the regression analysis by

finding the optimal fit between the simulation data and the predicted data, where

R2 was used as the fit error indicator.

Bn = Bp · Bcr + aBy

Bcr + bBy

(6.8)

For cases showing controlling LB or DB, different buckling bimoment (Bcrl or

Bcrd) was adopted in Eq. 6.8. Therefore, the regression analyses for cases showing

different buckling behaviors were carried out respectively. For LB controlled cases,

a and b were determined as 0.094 and 0.230 respectively, which led to a R2 =

0.997. The comparison between the predicted bimoment strength Bnpred and the

calculated bimomentBnσ atmidspan is shown in Fig. 6.11. The averageBnσ/Bnpred

is 0.992 and the COV is 4.2%. For DB-controlled cases, a and b were determined as

a = 0 and b = 1.110. The R2 for the DB-controlled case is 0.979. The relationship

between Bnpred and Bnσ is shown in Fig. 6.12. The average Bnσ/Bnpred for the DB

controlled cases is 1.006, and the COV is 8.6%.

In addition, Eq. 6.8 can be transformed into the relationship between Bn/Bp

and the slenderness for bimoment λB =
√
By/Bcr as shown in Eq. 6.9. The curves
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Figure 6.11: Comparison between predicted bimoment and calculated bimoment for cases showing
LB behaviors.

built by Eq. 6.9 using the calibrated coefficients a and b for LB and DB controlled

cases are shown in Fig. 6.13 and 6.14 respectively. For LB-controlled cases (Fig.

6.13), λLB varies from 0.5 to 4 for different member geometries and steel grades, and

Bn/Bp varies from 0.5 to 1. For DB-controlled cases (Fig. 6.14), λDB various from

0.4 to 2.5, and Bn/Bp various from 0.13 to 1. For both curves, λB tends to increase

for cases using higher strength material, and this tendency is more significant for

the LB-controlled cases. Additionally, Bn/Bp shows an obvious decreasing trend

when λB increases and the trend is more prominent for the DB-controlled cases.

Bn

Bp

=
Bcr + aBy

Bcr + bBy

=
1+ aλB

2

1+ bλB
2 (6.9)
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Figure 6.12: Comparison between predicted bimoment and calculated bimoment for cases showing
DB behaviors.

Figure 6.13: Proposed bimoment strength curve considering local slenderness compared with FEA
simulation data.
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Figure 6.14: Proposed bimoment strength curve considering distortional slenderness compared
with FEA simulation data.

The comparisons shown in Fig. 6.11 to 6.14 indicate the adopted equation (Eq.

6.8) with calibrated coefficients show excellent agreement between the prediction

and the whole set of simulation data from a wide range of different materials and

member geometries. In other words, the chosen bimoment strength equation and

the calibrated coefficients might work well for other CFS members.

6.5 Interactions for combined bending torsion

behaviors

From Section 6.4, a uniform equation is proposed for accurate bimoment capacity

prediction based on the member buckling mode (i.e., LB or DB). In this section, the

interaction for combined bending-torsion behaviors for CFS is studied adopting the

bimoment prediction from the previous section. Themodel developed in Section 6.2

was updated and adapted to investigate the combined bending-torsion behaviors by
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Figure 6.15: Selected eccentricities from shear center (location 5, e5) for (a) Cee and (b) Zee sections
for the combined bending-torsion analysis.B is the flange width.

adding the vertical distributed load p at the top flange while keeping the horizontal

distributed loads q at the top and bottom flanges. The material properties of the

conventional mild steel in Section 6.2 were adopted. Additionally, both braced

and unbraced midspan cases were studied respectively. The member length was

selected as 10D0 for the unbraced case and 20D0 for the braced case, where D0 is

the out-to-out web depth. The relationship between q and p is determined by the

loading eccentricity from the shear center. For both braced and unbraced conditions,

up to nine different eccentricities considering engineering practice were selected

and a sketch diagram is shown in Fig. 6.15, where B is the length of the flange flat

region. Fig. 6.16 and 6.17 provide typical simulation setup for unbraced and braced

cases respectively.

The vertical load on each node p = P/nf, where P is the total vertical load and

nf is the number of nodes for either flange. The horizontal load on each node
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Figure 6.16: Typical simulation setup with unbraced midspan for (a) Cee and (b) Zee sections
under combined bending-torsion loading condition.

q = P(e + ds)/D0, where e is the eccentricity and ds is the distance between the

web center and the shear center, where ds is negative for Cee sections and zero for

Zee sections. For both unbraced and braced cases, the member ends were simply

supported, where the displacements along both directions on the cross-section

plane were restrained. For the midspan of the unbraced case, only the displacement

along member length was restrained. While for the midspan of the braced case,

only the vertical direction of all three displacement directions was unrestrained

and the rotation along the member length was restrained. The theoretical moment
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Figure 6.17: Typical simulation setup with braced midspan for (a) Cee and (b) Zee sections under
combined bending-torsion loading condition. The right half not shown is symmetric with the left
half about the midspan.

and bimoment distribution along member span for the different bracing condition

is shown in Fig. 6.18. The mesh size adopted the identical ones as described in

Section 6.2, where the mesh was denser at corners than at the flat regions.

The longitudinal stresses (S11) caused by the combined bending-torsion are

needed to calculate the ultimate moment and bimoment. From the simulation

results, significantly different stress distributions with different directions of ec-

centricities (i.e., sign of eccentricity in Fig. 6.15) were observed for both unbraced
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Figure 6.18: Theoretical moment and bimoment distribution along member length for (a) the
unbraced condition and (b) the braced condition.

Zee and Cee sections. Representative S11 distributions for unbraced Cee and Zee

sections with different eccentricity directions are shown in Fig. 6.19 and 6.20. For

all unbraced cases, the most significant stress concentration was observed at the

midspan. Specifically, for unbraced Cee section considering negative eccentricity,

high tension on the bottom lip and high compression at the top lip were observed.

For unbraced Cee section with positive eccentricity, high tension at the top lip, web,

and bottom flange, particularly the web-bottom flange conjunction, were observed;

high compression at the top flange and the upper web were observed. For unbraced
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Figure 6.19: Representative S11 distribution of unbraced Cee section (800S250x97) with (a) e3 =
−B/2 and (b) e7 = +B/2 at ultimate load.

Zee section with negative eccentricity, significant compression was observed at the

upper web andweb-top flange conjunction; high tension was observed at the top lip.

For the Zee section with positive eccentricity, significant tension was observed at the

web-bottom flange conjunction and the lower web, while significant compression

was found at the bottom lip and top flange-top lip conjunction.

For the braced Cee and Zee sections with both negative and positive eccen-

tricities, the general distribution of S11 was similar, where the upper half of the
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Figure 6.20: Representative S11 distribution of unbraced Zee section (6Z225x105) with (a) e1 = −B
and (b) e9 = +B at ultimate load.
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cross-section was general in compression and the lower half was general in tension.

While for different cases, the detailed S11 distribution and magnitudes were dif-

ferent. Specifically, as the two examples shown in Fig. 6.21 and 6.22, the largest

compression was found at web-top flange conjunction and the largest tension was

found at web-bottom flange conjunction for Cee sections with negative eccentrici-

ties; while for Cee sections with positive eccentricities, the largest compression was

found at top lip and the largest tension was found at bottom lip. For the braced

Zee section, the compression at the top lip was most significant and no tension

yielded when the loading was applied at e1 = −B. When the eccentricity tended to

increase, the compression at the upper half of the section decreased and the tension

at the lower half section increased. At e9 = B, significant tension was observed at

the bottom lip, while no compression beyond yield was observed at the upper half

section.

Two methods were adopted to calculate the corresponding ultimate moment

Mu and bimoment and Bu from the combined bending-torsion simulation. The

first method directly calculated the ultimate parameters based on elastic equations

using the applied ultimate loads. The Mu for unbraced Cee sections is calculated

by Eq. 6.10, where ω is the distributed load along member length and ω = P/L.

For unbraced Zee sections, the vertical load causes unsymmetric bending stresses

at midspan, therefore the bending stresses were resolved into moments about major

and minor principal axes,M1 andM2. The ultimate momentsM1u andM2u thus

were calculated by Eq. 6.11 and 6.12 respectively, where θ is the acute angle between

the major principal axis and the x-x geometric axis.
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Figure 6.21: Representative S11 distribution of braced Cee section (800S250x68) with (a) e3 = −B/2
and (b) e7 = +B/2 at ultimate load.

Mu =
ωL2

8 (6.10)

M1u =
ωL2 cos θ

8 (6.11)

M1u =
ωL2 sin θ

8 (6.12)

The ultimate bimomentBu was calculated by Eq. 6.13 for both unbraced Cee and

Zee sections, where L is the unbraced length and equals the total member length.

a is a constant calculated by Eq. 6.14, where Cw is torsional warping constant of
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Figure 6.22: Representative S11 distribution of braced Zee section (6Z225x070) with (a) e1 = −B
and (b) e9 = +B at ultimate load.

cross-section, G is the shear modulus and G = E/(2+ 2υ), and J is the Saint-Venant

torsion constant.

Bu =
Pea2

L
·
[
sinh

(
L

2a

)
· tanh

(
L

2a

)
+ 1− cosh

(
L

2a

)]
(6.13)

a =

√
ECw

GJ
(6.14)

For the braced case of both Cee and Zee sections, the ultimate moment Mu was

calculated by Eq. 6.10 and the ultimate bimoment Bu was calculated by Eq. 6.15,

where L is the unbraced length and equals to half of the total member length. a is

calculated by Eq. 6.14.



241

Bu = −
Pea2

L
·

[
cosh
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L

a

)
− 1+
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cosh
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L
a
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− 1+ L2
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L
a
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)
L
a
· cosh

(
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a

)
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(
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· sinh

(
L

a
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(6.15)

The second method is stress-based and it calculated the ultimate moment and

bimoment by directly using the longitudinal stresses S11 following Eq. 6.16, 6.17,

and 6.18, where the subscript x and y represent x-x and y-y geometric axes. For the

unbraced Cee section, Mu = Mxu and for the unbraced Zee section the ultimate

moment M1u and M2u are calculated by Eq. 6.19 and 6.20. For both braced Cee

and Zee sections,Mu = Mxu.

Mxu =

∫
σydA (6.16)

Myu =

∫
σxdA (6.17)

Bu =

∫
σwndA (6.18)

M1u = +Mxu cos θ+Myu sin θ (6.19)

M2u = −Mxu sin θ+Myu cos θ (6.20)

The nominal flexural strengthsMn (orM1n andM2n for unbraced Zee sections)
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was calculated following Ch. F of AISI S100 [30]. The bimoment capacity Bn was

calculated by Eq. 6.8 with proposed coefficients in Section 6.4 for LB controlled and

DB controlled cases respectively. The relationship between Bu/Bn versus Mu/Mn

for unbraced Cee sections is shown Fig. 6.23. The plot shows that the interaction

is dependent on the direction of the eccentricity. For the negative eccentricities,

the bimoments are positive following the CUFSM [142] sign convention (the same

hereinafter) and are general above Mu/Mn + Bu/Bn = 0.8. For the positive eccen-

tricities, the bimoments are negative and are general aboveMu/Mn−Bu/Bn = 1.3.

The relationship between Bu/Bn versusM1u/M1n versusM2u/M2n for unbraced

Zee sections is shown Fig. 6.24. Unbraced Zee sections with both positive and

negative eccentricities show conservative interaction behaviors, where the data are

general above M1u/M1n +M2u/M2n + Bu/Bn = 1.3 for the cases with negative

eccentricities and are aboveM1u/M1n+M2u/M2n−Bu/Bn = 1.3 for the cases with

positive eccentricities. The positive eccentricity cases are even more conservative

than the negative eccentricity cases.

For the braced cases, the Cee and Zee sections show similar interaction be-

haviors between Bu/Bn versus Mu/Mn as shown in Fig. 6.25. Significantly dif-

ferent behaviors are observed in positive and negative eccentricity cases. The

negative eccentricity cases show negative bimoments and the data is general above

Mu/Mn−Bu/Bn = 1. In contrast, the positive eccentricity cases showpositive bimo-

ments and the data is more conservative and general aboveMu/Mn+Bu/Bn = 1.2.
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Figure 6.23: Interaction between Bu/Bn andMu/Mn for unbraced Cee sections. Different colors
represent different eccentricities as shown in Fig. 6.15(a). Solid scatters represent stress-based
method and hollow ones represent equation-based method.

Figure 6.24: Interaction among Bu/Bn versusM1u/M1n versusM2u/M2n for unbraced Zee sections
from two perspectives. Different colors represent different eccentricities as shown in Fig. 6.15(b).
Solid scatters represent stress-based method and hollow ones represent equation-based method.
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Figure 6.25: Interaction between Bu/Bn and Mu/Mn for braced (a) Cee and (b) Zee sections.
Different colors represent different eccentricities as shown in Fig. 6.15. Solid scatters represent
stress-based method and hollow ones represent equation-based method.
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6.6 Conclusion

A simple method to predict thin-walled CFS member bimoment capacity has been

developed. A set of bimoment parameters, including yield bimoment By, plastic bi-

moment Bp, buckling bimoment Bcr, and bimoment strength Bn, are calculated and

determined using a validated finite element model considering buckling and/or

inelastic behaviors. A wide range of steel grades with yield strengths from con-

ventional mild steel to ultra-high-strength steel and different typical Cee and Zee

sections are investigated. A simple and uniform equation is adopted to predict

the bimoment strength Bn of CFS member incorporating By, Bp, and Bcr. The

calibrated coefficients of the equation for local buckling and distortional buckling

are proposed respectively based on the regression analyses. Excellent agreements

between the adopted equation with calibrated coefficients and simulation data

show the validity of the equation. Furthermore, the wide range of cross-section

geometries and steel grades being considered indicate the equation and calibrated

coefficients might apply to other common geometries and steel grades in the CFS

market. Additionally, a series of interaction equations for both braced and unbraced

Cee and Zee sections under combined bending-torsion are developed using data

from the simulation.
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Chapter 7

Conclusions

7.1 Summary and Conclusions

Advanced high-strength cold-formed steel faces multiple challenges before its

adoption as the material to form structural members in the construction industry,

because its material properties are significantly different from conventional steel.

Therefore, its structural performance is unclear and needs to be understood. This

dissertation conducts a thorough study focusing on the material properties of thin

AHSS alloys and the structural behaviors of thin-walled AHSS members.

The chapters of the AHSS material properties include various temperature

scenarios including ambient, elevated temperature, and subzero temperature sce-

narios. For each temperature scenario, detailed stress-strain data and key material

properties from tensile coupon tests covering a wide range of steel strengths are

presented. Additionally, modeling of the experimental stress-strain database is pro-
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vided accompanied by predictive equations for the required model parameters. By

adopting the proposed predictive equations for the constitutive relationships and

key material properties, simple and accurate description of AHSS can be developed

in future advanced numerical simulation studies considering different temperature

scenarios.

The chapter of the residual stress provides detailed results on the magnitudes

and distribution of the residual stress for the thin-walled press-braked AHSS lipped

angle sections from an experimental and numerical investigation. A comparison

of the residual stress distribution between the experiment and existing studies

for thin-walled CFS open sections shows the uniqueness of the residual stress

distribution for AHSS members. A numerical model is designed and validated

with the experimental data to simulate the member press-braking processes, and it

provides extra residual stress data through the member thickness. The measured

experimental residual stress distribution and proposed numerical model can be

adopted for defining and determining the residual stress in numerical analyses on

thin-walled cold-formed high-strength steel members.

The chapter of the torsional behavior of CFS members provides detailed devel-

opment and recommendation for the bimoment strength prediction for members

under torsional loads and the moment-bimoment interaction equations for the

members under combined bending-torsion. The study considers thin-walled open

sections (e.g., Cee and Zee sections) with different bracing conditions, cross-section

dimensions, and loading eccentricities, which covers the common situations in

engineering practices. The results from this chapter can be adopted to calculate
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the bimoment strength and moment-bimoment interaction for CFS members with

different loading and bracing conditions in a simple and accurate manner.

7.2 Future Work

This dissertation has provided detailed data and information from a few perspec-

tives including the material properties and the member structural performance

of AHSS to help the industry better understand the potential and limitations of

AHSS as future construction material. Meanwhile, the following work that could be

finished in the future might further help to understand AHSS structural behaviors:

In Ch. 3 and 4, the predictive equations for AHSS constitutive relationship and

key material properties under extreme temperature conditions were developed.

Predictive equations for some model parameters were fit using simple equation

form (e.g., polynomial and exponential) considering the simplicity. In the future,

it is possible to adopt machine learning technique to explore different equation

forms to find more accurate prediction, particularly for those with relatively large

variation (e.g., some key strains).

In Ch. 5, the numerical study was designed to simulate the press-braking

processes for the members used in the experimental studies. It is practicable to

change the material properties and/or thicknesses by using the database from Ch. 2.

It will be helpful to consider investigating the mesh size effects on the residual stress

distribution and to obtain a reasonable balance between efficiency and accuracy.

Additionally, it is possible to adopt themeasured test data and developed simulation
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to determine the residual stress in numerical studies for members under different

loading conditions, and the effect of developed residual stresses on the member

structural performance can be investigated.

In Ch. 6, a series of numerical studies were conducted to develop the predic-

tions on bimoment strength and moment-bimoment interaction for CFS members

under different loading conditions. Different material properties were considered

in the torsion only scenario. It will be helpful to also include different material

properties in the combined bending-torsion scenario. For the braced sections under

the combined bending-torsion scenario, it might be helpful to include moment

parameters about both principal axes in the interaction equations. Additionally,

considering the significantly different behaviors for CFS members with different

cross-section shapes, loading positions, and bracing conditions under combined

bending-torsion, it will be helpful to define different resistance factors for the cases

with different structural behaviors. It is also possible to conclude the final design

equations for the industry by using the interaction data provided in this study.
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Appendix A

Determination of purlin bracing

stiffness

The appendix introduces a numerical method to determine the stiffness of purlin

bracing for metal building system by using AHSS material properties in material

definition.

Metal building system is an important constitute of modern metal buildings.

Its main application includes warehouses, office buildings, garages, supermarkets,

and retail stores. Compared with other building forms, its advantages include the

ability to span long distances, faster occupancy, cost efficiency, expansion flexibility,

lower maintenance cost, etc [146]. A detailed sketch of a typical metal building

system from Fig. 1.2 of [146] is shown in Fig. A.1.

Among different components of the metal building system, this appendix fo-

cuses on the bracing for the purlins. Purlin is a secondary framing member. It
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Figure A.1: Typical components of a metal building system from Fig. 1.2 of [146].

supports roof covering and carrying exterior loads to main frames. It also pro-

vides flange bracing for primary framing. Additionally, it functions as a part of the

building’s lateral load-resisting system [146].

Purlins have relatively lower loading demand and thus have smaller dimen-

sion compared with primary framing members. Therefore, CFS open sections

are suitable and popular for manufacturing purlins. Meanwhile, considering the

thin-walled geometry of the purlins, sufficient bracing for purlins is essential for

providing lateral flange bracing, restraining the purlin from rotation and to relieve

torsion, and restraining the whole assembly of purlins and roofing from lateral

translation [146].
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Figure A.2: Perhaps the most effective system of purlin bracing is provided by closely spaced bolted
channels from Fig. 5.17 of [146].

Among various purlin bracing forms, the purlin bracing running parallel to the

roof slope from eave to eave is the most popular. Fig. A.2 (Fig. 5.17 of [146]) shows

the typical constitutes for this purlin bracing system.

For the numerical work on simulating the purlin and its bracing system, directly

modeling each part in the real engineering practice is difficult, which could demand

a massive calculation and cause convergence issues. Instead, using springs with

predefined stiffnesses along different degrees of freedoms (DOFs) can decently sim-

plify the model and overcome the aforementioned issues. Therefore, it is essential

to accurately determine the stiffnesses of the purlin bracing along each DOF.

A numerical model is developed and its setup is based on Fig. A.2 to simulate
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Table A.1

purlin section brace section clip angle bolts
section Dca (in.) number db (in.)

6ZS2.25x105 400S250-97 2LU2x135 4.0 4 0.19
8ZS2.75x105 550S250-97 2LU2x135 5.5 4 0.19
10ZS3.25x105 600S250-97 2LU2x135 6.0 4 0.19
1 Dca is the depth of the clip angle and db is the bolt diameter.

the real bracing situation and to determine the bracing stiffnesses. DP-700 was used

as the material for all steel members. Different dimensions of purlin cross-section

are investigated as shown in Table A.1.

A typical simulation setup is shown in Fig. A.3 and A.4 using 6ZS2.25x105

purlin case as an example. Two different bolting modes were investigated. The case

that the clip angle was bolted to the inner web of purlin bracing is called mode 1,

and the case that the clip angle was bolted to the outer web of purlin bracing is

calledmode 2. A small truncation of the Zee purlin was used to represent the purlin.

A few reasons were considered to make this simplification. Firstly, it decreased

the number of elements on the purlin and thus reduced the calculation demand.

Secondly, since the objective of this section was to determine the stiffness for a single

purlin brace, there was no need to simulate more than one purlin brace location. For

the two ends of the purlin truncation, only the rotations along Y and Z directions

were restrained and all other DOFs were free.

A half-span channel bracing on each side of purlin web were connected to the

purlin by being bolted to the clip angles. The full length of the channel bracing

was selected as 60 inch, so the half span length of the channel bracing was 30 inch

(762 mm). For each side of the purlin web, only a half-span channel bracing was
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Figure A.3: Simulation setup of 6ZS2.25x105 purlin for (a) mode 1 and (b) mode 2.

Figure A.4: Magnification at the purlin part for Fig. A.3. (a) represents mode 1 and (b) represents
mode 2.
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Figure A.5: Fasteners and interaction detailing for (a) mode 1 and (b) mode 2.

considered based on the assumption that the displacements at the midspan of the

channel bracing were zero considering the double curvature bending. In other

words, the displacements along all three directions for the end of the half-span

channel bracing (i.e., the midspan of the full-span channel bracing) were restrained.

The restraints were defined at the cross-section centroid of the channel bracing.

Point-based fasteners were used to simulate the bolts going through the clip angles,

channel bracing, and purlin respectively, as shown in Fig. A.5. Four fasteners were

designed to penetrate each leg of the clip angle respectively. The physics radius

of the fastener was set per the design dimension of the bolt as listed in Table A.1.

Contacts were defined between the clip angle and the channel bracing and between

the Zee purlin and the clip angle.

Themajor effects from the purlin bracing are restraining the lateral displacement

and longitudinal rotation (i.e., rotation along X direction). Therefore, the stiffnesses

for these two DOFs were determined respectively. A unit lateral load was applied
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Table A.2: Lateral linear stiffness KZ and purlin longitudinal direction rotational stiffness KϕX

calculated by the developed model

purlin section bolting mode KZ KϕX

kN/mm kN-m/rad
6ZS2.25x105 mode 1 11.60 45.17

mode 2 11.86 47.47
8ZS2.75x105 mode 1 18.00 78.83

mode 2 18.64 82.38
10ZS3.25x105 mode 1 20.14 76.30

mode 2 21.26 80.28

at the purlin centroid, and the lateral (Z direction) displacement ∆Z was then

calculated. By adopting K∆ = F, the lateral linear stiffness for the purlin brace was

calculated as KZ = 1/∆Z. Similarly, a unit moment along X direction was applied

at the purlin centroid, and the rotation along X direction θX was then calculated.

The X direction rotational stiffness for the purlin brace was therefore calculated

as KϕX = 1/θX. By adopting the same method, a summary of the lateral linear

stiffness KZ and the X direction rotational stiffness KϕX for the different purlin

sections is calculated and shown in Table A.2.
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